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Over the past few decades, outstanding progress in the science and technology of composite materials has been made.
Their unique characteristics make composites desirable for
engineering applications across a wide variety of industrial
sectors. New manufacturing methods are driving down
costs, and emerging fields such as nanocomposites, green
composites, 2D/3D textile composites, and multifunctional
composites have been the focus of a great deal of exciting
and innovative research activity. This special issue contains
a snapshot of research, typical of this activity, and includes
fifteen papers on topics such as structural and damage
analysis, process modeling, fundamental mechanisms at the
nano- and microscales in both nano- and biocomposites, and
nondestructive test methods for advanced carbon composites.
Structural and damage analysis of composite structures is
considered in four different articles. “Analysis of the dynamic
response in blast-loaded CFRP-strengthened metallic beams”
by Z. Wang et al. presents an analytical solution for the
deformation and ultimate strength calculation of hybrid
metal-CFRP beams subjected to dynamic loading. “Microtomographic analysis of impact damage in FRP composite
laminates: a comparative study” by M. Alemi-Ardakani et al.
presents a 3D microtomographic technique to visualize and
compare modes of impact damage in a set of thermoplastic
laminates. “Optimum design of fibre orientation in composite
laminate plates for out-plane stresses” by R. Khandan et al.
develops a new methodology to minimise plate thickness by
optimising the fibre orientations for different load cases; a
modified penalty function including the effect of transverse

shear forces is used in the optimisation process. “Stay-in-place
formwork of TRC designed as shear reinforcement for concrete
beams” by S. Verbruggen et al. demonstrates the utility of
textile-reinforced cement for improving structural stay-inplace formwork which is useful in civil engineering, through
a preliminary analysis and feasibility study.
Process modeling is considered in six papers. “Modelling the shear-tension coupling of woven engineering fabrics”
by F. Abdiwi et al. addresses the important effect of the
coupling between shear compliance and in-plane tension
during the forming of woven engineering fabrics and presents
a new modeling framework to include this coupling in
finite element simulations. Model predictions have been
validated against experimental shear force measurements
from a Biaxial Bias Extension (BBE) test. “Numerical tools
for composite woven fabric preforming” by A. Cherouat and
H. Borouchaki presents an optimisation-based method for
the simulation of the forming processes of woven fabric reinforced composites. Two different approaches are proposed
for the simulation of the draping of woven fabric onto complex geometries: geometrical and mechanical approaches.
Numerical simulations of the forming process are proposed
and compared with experimental results. “Curing pressure
influence of out-of-autoclave processing on structural composites for commercial aviation” by V. M. Drakonakis et
al. discusses a custom designed controlled pressure vessel
(press-clave) and analyses the separated effects of pressure
and temperature during prepreg consolidation. Specimens
manufactured by the press-clave are analytically tested and
compared with autoclaved specimens to demonstrate the
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suitability of the press-clave in manufacturing high-quality
composites at dramatically lower cost. “Thermal and cure
kinetics of epoxy molding compounds cured with thermal
latency accelerators” by C.-C. Su et al. characterises the
reactivity and cure behavior of an epoxy molding compound
with thermal latency catalysts. The authors use a kinetic
model to investigate the influence of thermal latency catalyst on the curing process. “A phenomenological thermalmechanical viscoelastic constitutive modeling for polypropylene
wood composites” by X. Peng et al., decouples the effect
of temperature from strain rate, in order to develop a
nonlinear thermomechanical viscoelastic constitutive model
for the high temperature compression of polypropylene wood
composites. After validating the model using experimental
data, the model is applied to the thermoforming simulation
of an automobile interior part. “Optimization of Ni-based
WC/Co/Cr composite coatings produced by multilayer laser
cladding” by A. Angelastro et al. proposes a methodology
for the optimum selection of parameters associated with
a surface coating technique developed for improving wear,
corrosion, and fatigue properties of mechanical components,
using a mathematical model and experimental analysis.
Discussion of fundamental mechanisms operating at the
nano- and microscales in both nano- and biocomposites
is considered in four papers. “Challenges of the modeling
methods for investigating the interaction between the CNT
and the surrounding polymer” by R. Rafiee et al. is a review
that critically assesses the various strategies that have been
employed by other researchers in modeling the interaction
between carbon nanotubes and polymer matrix. “Improvement of dispersion and color effect of organic pigments in
polymeric films via microencapsulation by the miniemulsion
technique” by D. Qi et al. discusses how a set of primary color
pigment/P(BA+St) nanocomposites with improved particle
size and self-adhesive properties have been prepared via
miniemulsion polymerisation. These are applied to the film
formation and the pigment printing of cotton fabrics. It
is shown that the presence of adhesive shell on pigment
surface can notably inhibit the extensive agglomeration of
pigment particles and hence improve the adhesion efficiency
of the binder to the pigment. “Improved surface wettability
of water by applying SiC/Ti6Al4V coatings on carbon/carbon
composites”, by L.-L. Zhang et al. discusses how SiC/Ti6Al4V
coatings are applied on carbon/carbon composites to improve
their surface wettability by water. Carbon/carbon (C/C)
composites can play an important role in biomedical applications; however, the surface wettability of the C/C composites
has to be improved to promote protein absorption and
cell attachment and thereby enhance osteoconductivity and
bone regeneration. “Effect of cobalt fillers on polyurethane
segmentations investigated by synchrotron small angle X-ray
scattering” by K. Koyvanich et al. considers the effect of
changing the loading of ferromagnetic cobalt (Co) powder
(average diameter 2 𝜇m) on the molecular structure of PU
synthesized from a reaction between polyether polyol (soft
segment) and diphenylmethane-4,4 -diisocyanate (hard segment). The authors conclude that higher Co loadings lead to
large deviations in molecular structure, from predictions of
all the theoretical models considered in the investigation.
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An additional paper on nondestructive testing is included
in the special edition. “Terahertz wave approach and application on FRP composites” by K.-H. IM et al. considers one
of the most recently developed nondestructive evaluation
techniques. A T-ray time-domain spectroscopy system is
used to detect and evaluate the influence of fibre orientation
on the electrical conductivity of carbon laminates.
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Carbon fiber-reinforced polymer composites (CFRPs) are good candidates in enhancing the blast resistant performance of vulnerable public buildings and in reinforcing old buildings. The use of CFRP in retrofitting and strengthening applications is traditionally
associated with concrete structures. Nevertheless, more recently, there has been a remarkable aspiration in strengthening metallic
structures and components using CFRP. This paper presents a relatively simple analytical solution for the deformation and ultimate
strength calculation of hybrid metal-CFRP beams when subjected to pulse loading, with a particular focus on blast loading. The
analytical model is based on a full interaction between the metal and the FRP and is capable of producing reasonable results in
a dynamic loading scenario. A nonlinear finite element (FE) model is also developed to reveal the full dynamic behavior of the
CFRP-epoxy-steel hybrid beam, considering the detailed effects, that is, large strains, high strain rates in metal, and different failure
modes of the hybrid beam. Experimental results confirm the analytical and the FE results and show a strong correlation.

1. Introduction
The current increase in terrorist attacks directed towards
vulnerable civil and military infrastructures, as well as accidental explosions occurring in various blast scenarios, may
cause considerable and unprecedented levels of damage and
loss of life. Thus, the blast resistance of existing structures,
which are potentially prone to such threats, for example,
vulnerable public buildings [1], needs to be enhanced. Additionally, some old buildings need to be reinforced, retrofitted,
or strengthened against dynamic loads using efficient but
nonconventional methods [2], such as using novel lightweight fibre-reinforced plastic (FRP) materials that show
good strength and stiffness [3]. The use of carbon fiberreinforced polymers (CFRPs) in retrofitting and strengthening applications has been increasing over the past few decades
[4]. These materials, traditionally applied in conjunction with
concrete structures [5–7], have more recently been applied to
strengthen metallic structures [8–15]. Recently, increasingly
more research is being conducted on strengthening metallic
structures using CFRP composites due to the advantages
CFRP offers such as high strength and light weight, as well as

the nonreactive and corrosion resistant properties [16] compared with the conventional construction materials.
Some literatures address the behavior of FRP-strengthened metallic structures subjected to static loads [17, 18].
Haedir et al. [19] studied steel circular hollow sections (CHSs)
beams reinforced by CFRP sheets under pure bending; the
tests revealed that the strength of the composite beams is
influenced mainly by the amount of fiber reinforcement and
the orientation of fibers. Youssef [20] provided an analytical
model to describe the linear and nonlinear composite actions
of hybrid steel/FRP-beams in the static load and validated it
experimentally. In particular, CFRP has great potential to be
used in retrofitting existing metallic structures as there is a
minimum elastic mismatch between this class of FRPs and
metals, thereby minimizing the bonding stresses thus limiting debonding, and various methods such as bolting and
anchoring can be used to prevent the FRP from delamination
and separation. To compare with the abundant studies on
FRP-strengthened concrete structures, studies on analysis
methods and mechanical properties of FRP-strengthened
metallic structures are relatively few in number.
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To date, few studies have looked into CFRP-metal hybrid
beams subjected to dynamic loading. Bambach et al. [8]
investigated the metal-FRP bond under impulsive loads by
applying explosives to fully clamped solid aluminum beams.
They showed that a significant amount of energy can be
absorbed by the bonded CFRP, and the bonding of CFRP
to the plastically deforming metallic structure provides the
strengthening potential. Because the duration of the blast
test is extremely short it is hard to measure the straining
process of the beam and the detailed time history of strain
at a particular point; hence to explore the detailed dynamic
response of the hybrid beam and the damage evolution
of each part is rendered difficult. Finite element analysis
(FEA) provides an important methodology to capture the
full dynamic behavior of the hybrid beam. FEA has been
employed to validate the results of stress analysis for CFRPsteel hybrid beams by Deng et al. [21]. However, the steel
and CFRP were considered to behave linearly. To date,
few non-linear FE analyses have been conducted on the
overall dynamic response of CFRP-strengthened beams that
restrict gaining an insight into the mechanics of the FRP
strengthened beams. Moreover, it is necessary to develop a
simplified design method for engineering applications of FRP,
while the literature does not have any examples of studies
that analyze the analytical flexural capacity and permanent
deformation of hybrid beams subjected to blast loads.
In this paper, a relatively simple analytical solution is presented for determining the deformation and ultimate capacity
of hybrid beams strengthened with different layers of CFRP
subjected to pulse loads, especially blast loads. Non-linear
finite element analyses have also been conducted to reveal the
dynamic behavior of the CFRP-epoxy-steel hybrid beam. In
these FE analyses, blast loading is modeled as a uniformly distributed (spatially) rectangular pressure pulse (temporally).
The well-known Johnson-Cook model is used to simulate
metal (aluminum) subjected to large plastic strains and high
strain rates, and the transversally isotropic elastic model
along with the Hashin damage criterion is used to predict the
damage of CFRP plies. Cohesive elements with direct traction
versus separation formulation are used to simulate the bond
between the metallic part and the FRP patch. The metal,
CFRP, and epoxy are modeled by solid elements, shell elements, and cohesive elements, respectively. Moreover, different failure modes are taken into account in the FE analyses so
that the method can replicate the actual situation. Comparisons to experimental results of Bambach et al. [8] confirm the
analytical and FE results.

2. Analytical Modeling of the Dynamic
Response for Blast-Loaded Hybrid Beams
The dynamic analysis procedure using an analytical model for
hybrid beams subjected to blast loads consists of several steps:
describing the basic assumptions of the analytical model,
obtaining the mathematical model of the system, estimating
the ultimate bending moment capacity of the CFRP-metal
hybrid beam, and calculating the maximum and permanent
deformation of the hybrid beam. When the beam is subjected
to a given blast load, analyses for the dynamic response must
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Figure 1: Schematic plot of hybrid beam.

be conducted. As in high-velocity impact and high-energy
blast scenarios, one expects large deformation and plasticity;
thus, considering the influence of the finite displacements and
strain rate is necessary.
2.1. Fundamental Model Assumptions. Figure 1 shows the
schematic of a CFRP-metal hybrid beam. The rectangle is the
fundamental beam section shape, and the analysis method
can be extended to I-section or tubular beam by proper
modification. The explosive is applied as a cord of PETN
in the tests [8] and is distributed as evenly as possible onto
the beam. The explosive is uniformly distributed along the
length and approximately across the width. Thus, the blast is
simulated as a uniformly distributed pulse load, and carbon
fiber is bonded to the metal beam by epoxy. The metallic part
is assumed to exhibit elastic perfectly plastic characteristics,
with the tensile and compressive yield stresses being equal
(𝑓𝑦 ). The CFRP is generally assumed to be an elastic brittle
material with zero ductility.
The assumptions are as follows, in order. (1) The metal is
elastic perfectly plastic, and the FRP is elastic brittle. (2) Fiber
rupture is the dominant failure mode in the hybrid system. (3)
Plane sections of the hybrid system remain plane subsequent
to deformation, implying a perfect bond between the two
materials and ignoring the deformation of the epoxy layer.
The first assumption is due to metals depicting elasticplastic-hardening behavior with different degrees of hardening, which can be ignored in a conservative design. The
fracture energy in composites is mainly due to the elastic
part rather than the softening part, and a perfectly brittle
assumption is slightly conservative.
As for the second assumption, one must bear in mind
that three failure modes exist, which are as follows, in outline
form: fiber rupture (FR), metal-fiber debonding (MFD), and
interlaminar rupture/debonding (ILD), with fiber rupture
occurring in almost every test, and thus being the prevalent
failure mode. Metal is an elastic plastic material as stated in
assumption (1), and the plastic strain of the metal is much
larger than the failure strain of CFRP, so fiber rupture occurs
prior to metal yielding. Thus, from experimental observations, FR is the main failure mode, thus constituting the second assumption.
The third assumption arises as a result of experimental
observations. Schnerch and Rizkalla [4] and Deng et al. [22]
showed that plane sections of the hybrid system remain
plane subsequent to deformation in their models, and this
assumption is also used in this paper. The CFRP and metal
are bonded together by a thin epoxy layer. The thickness
and strength of epoxy can be ignored compared with the
metallic part and the FRP. The experimental results and
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the FE analyses have demonstrated that debonding seldom
occurs and that fiber breakage is the dominant failure mode in
the hybrid beam; thus, the slip between the aluminum beam
and the CFRP can be ignored at the interface.

2.4. Influence of Finite Displacements. When the beam is fully
clamped due to the conservation of energy [24] one can write
𝑟

𝑑𝐴 = ∑ ∫ (𝑀 + 𝑁𝑤) 𝜃𝑚̇𝑙𝑚 ,
∫ (𝑝 − 𝜇𝑤)̈ 𝑤̇
𝐴

2.2. Ultimate Bending Moment of a Hybrid Beam [22]. The
maximum tensile strength of CFRP is written as
𝐹𝑝 = 𝜀𝑝𝑢 𝐸𝑝 𝐴 𝑝 ,

(1)

where 𝜀𝑝𝑢 is the ultimate strain of CFRP, 𝐸𝑝 is the elastic
modulus of CFRP, and 𝐴 𝑝 is the cross-sectional area of the
CFRP patch.
When calculating the moment for a fully plastic crosssection, the neutral axis is located in the metal beam:
𝐹𝑝 + 𝑓𝑦 𝑏 (ℎ − 𝜒𝑐 ) = 𝑓𝑦 𝑏𝜒𝑐 ,

(2)

where 𝑓𝑦 is the tensile yield strength of metal, 𝑏 is the width of
the beam and ℎ is the height of the cross section (depth of the
beam) of the beam, and 𝜒𝑐 is the distance between the neutral
axis and the top fiber of the beam. Hence, 𝜒𝑐 is given by
𝐹𝑝 + 𝑓𝑦 𝑏ℎ

𝜒𝑐 =

2𝑓𝑦 𝑏

.

(3)

The ultimate bending moment of the hybrid beam can be
thus written as
2

𝑀𝑢 = 𝐹𝑝 (ℎ − 𝜒𝑐 ) +

𝑓𝑦 𝑏(ℎ − 𝜒𝑐 ) + 𝑓𝑦 𝑏𝜒𝑐 2
2

.

(4)

2.3. The Permanent Deformation of the Hybrid Beam. Mathematically speaking, external overpressure pulse loadings
with a finite impulse of infinitely large magnitude and an
infinitesimally short duration are known as impulsive, and
Dirac’s delta function is used to describe this behavior. In
a practical engineering problem, when the ratio of the load
duration to the first natural period is less than a certain
threshold, here 0.1, the pulse is known as an impulse. When
the fully clamped beam is loaded impulsively, the permanent
deflection 𝑊𝑓 is given by an expression given by Jones [23]
with the rigid plastic method and assuming all the external
energy was absorbed through plastic deformation. The permanent deflection can be written as follows:
𝑊𝑓
ℎ

=

𝜆
,
6

(5)

where
𝜆=

𝑚𝑉0 2 𝐿2
.
𝑀𝑢 ℎ

(6)

In (6), 𝑚 is the beam mass/unit length, 𝐿 is the beam
length, 𝑉0 is the initial uniform transverse velocity corresponding to an impulsive load, and 𝑀𝑢 is the ultimate bending moment of hybrid beam. As these calculations are performed within the framework of rigid plasticity, there is no
distinction between the maximum and permanent displacements.

(7)

𝑚=1 𝑙𝑚

where 𝑝 is the pressure and 𝜇 is the mass per unit length of
beam.
The conservation of energy is used to describe the
influence of the finite displacements, and the final permanent
deflection, as given by Jones [23], results in the permanent
displacement of a fully clamped beam subjected to a uniformly distributed pressure pulse being written as
𝑊𝑓

[(1 + 3𝜆/4)1/2 − 1]

=
ℎ
where 𝜆 is defined by (6).

2

(8)

,

2.5. Influence of Strain Rate. Cowper and Symonds’ model is
a well-known constitutive equation for strain-rate-sensitive
behavior of metals, and Cowper and Symonds [25] suggested
the following constitutive equation as a way to introduce
strain-rate-sensitive behavior into metals:
𝜎0
𝜖 ̇1/𝑞
=1+( ) ,
𝜎0
𝐷

𝜎0 ≥ 𝜎0 ,

(9)

where 𝜎0 is the dynamic stress at a uniaxial total strain rate,
𝜖,̇𝜎0 is the associated static flow stress, and 𝐷 and 𝑞 are constants of the particular material.
Taking the influence of strain rate into account, (8)
becomes
𝑊𝑓

[(1 + 3𝜆/4𝑛)1/2 − 1]

(10)
=
,
ℎ
2
where 𝜆 is defined by (6), and the strain rate parameter 𝑛 is
𝑛=

3𝜌 1/2
𝑉0 2
𝜎0
=1+[
( ) ]
𝜎0
6√2𝐷𝐿 𝜎0

1/𝑞

.

(11)

The values of 6500 s−1 and 4 for 𝐷 and 𝑞 are assumed for
aluminum [26].

3. Finite Element Modeling of
Beams Strengthened with CFRP Subjected
to a Transverse Blast Load
3.1. Blast Load Description. The studies by Jama et al. [27]
have shown negligible influence of the assumed shape of the
pressure pulse on the ultimate deformation; therefore, the
blast wave was modeled as a spatially and temporally uniform
rectangular pressure pulse distributed over the top flange of
the beam along the span and across the breadth [28]. Nurick
and his coworkers [29–31] have conducted extensive research
on modeling blast loading using the blast chamber facilities.
The amplitude of the pulse can be calculated based on total
impulse as follows:
𝑃=

𝐼
,
𝐴𝜏

(12)
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where 𝐼 is the measured impulse (𝑁 ⋅ 𝑠), 𝐴 is the area of the
top flange of the beam (mm2 ), and 𝜏 is the duration of the
blast (𝑠).
3.2. Constitutive Modeling and Failure of the Metallic Part.
The Johnson-Cook model [32, 33] is a constitutive model
for metals such as aluminum and steel subjected to large
strains, high strain rates, and elevated temperatures. The
model assumes a von Mises type yield criterion (𝐽2 -plasticity)
and an isotropic strain hardening rule, such that the yield
stress 𝜎 is composed of three parts and is expressed as
𝑚

𝜎 = (𝐴 + 𝐵𝜀𝑛 ) (1 + 𝐶 ln 𝜀∗̇) (1 − (𝑇∗ ) ) ,

(13)

where 𝜀 is the equivalent plastic strain, 𝜀∗̇= 𝜀/̇𝜀0̇is the nondimensional strain rate, 𝜀 ̇
is equivalent plastic strain rate, 𝜀0̇is
a reference strain rate, and 𝐴, 𝐵, 𝐶, 𝑛, 𝑚 are material parameters, with 𝑇∗ being the non-dimensional temperature defined as
(𝑇 − 𝑇0 )
,
𝑇 =
(𝑇melt − 𝑇0 )
∗

𝑇0 ≤ 𝑇 ≤ 𝑇melt ,

(14)

where 𝑇 is the current temperature in Kelvin, 𝑇0 is the room
temperature, and 𝑇melt is the melting point temperature [34].
In (14), the first bracket represents an exponential strain hardening model, while the second and third brackets concern the
effects of strain rate and temperature, respectively.
Johnson and Cook developed a fracture model [32] that
is suitable for high strain rate deformation of metals. The
commercial FE software ABAQUS provides a dynamic failure
model specifically for the Johnson-Cook fracture model. This
failure model is based on the value of the equivalent plastic
strain at element integration points, and failure is assumed
to occur when the damage parameter exceeds 1.0 [35]. The
damage parameter, 𝐷𝑚 , is a summation of equivalent plastic
strain and the equivalent damage strain ratio and is defined as
𝐷𝑚 = ∑

Δ𝜀𝑝
pl
𝜀𝑓

,

(15)

Δ𝜀𝑝

where
is an increment of the equivalent plastic strain
pl
and 𝜀𝑓 is the strain at failure and can be defined as:
𝜀𝑓 = [𝐷1 + 𝐷2 exp (𝐷3 𝜎∗ )] [1 + 𝐷4 ln (
pl

𝑇 − 𝑇0 𝑚
) ),
× (1 + 𝐷5 (
𝑇melt − 𝑇0

𝑝

𝜀̇
)]
𝜀0̇

(16)

where 𝐷1 –𝐷5 are material constant identified from tests
and 𝜎∗ is the dimensionless press stress ratio; it is defined
as 𝜎∗ = 𝜎𝑚 /𝜎, where 𝜎𝑚 is the average of the three normal
stress and 𝜎 is the Mises equivalent stress [36].
3.3. Failure Model of CFRP. In ABAQUS, CFRP is modeled
by shell elements that are used to model structures in which
one dimension, the thickness, is significantly smaller than the

other dimensions [35]. ABAQUS offers a damage model to
predict the onset of damage and to model damage evolution
for elastic brittle materials (such as CFRP) with anisotropic
behavior. The model is primarily intended to be used with
fiber-reinforced materials because they typically exhibit such
behavior.
This damage model requires a damage initiation criterion
and a damage evolution rule.
Damage initiation refers to the onset of stiffness degradation of a material point where the first criterion is met.
The methodology developed by Hashin [37] is suitable for
finding the failure criteria of fiber-reinforced composites. The
general form of the three-dimensional failure criterion for
fiber-reinforced composites is approximated by a complete
quadratic polynomial in terms of the non-dimensional basis
in the 3D stress space [38]. These criteria consider four different damage initiation mechanisms [35].
Fiber tension (̂
𝜎11 ≥ 0):
𝐹𝑓𝑡 = (

𝜎̂11 2
𝜏̂ 2
) + 𝛼( 12
).
𝑇
𝑆𝐿
𝑋

(17)

Fiber compression (̂
𝜎11 < 0):
𝜎̂11 2
).
𝑋𝑐

(18)

𝜎̂22 2
𝜏̂12 2
)
+
(
).
𝑆𝐿
𝑌𝑇

(19)

𝐹𝑓𝑐 = (
Matrix tension (̂
𝜎22 ≥ 0):
𝐹𝑚𝑡 = (

Matrix compression (̂
𝜎22 < 0) [39]:
2

2

𝑚𝑇
𝑚𝐿
𝜏eff
𝜏eff
{
{
)
+
(
)
(
{
{
{ 𝑆𝑇
𝑆𝑖𝑠𝐿
𝑐
𝐹𝑚 = {
2
𝐿
{ 𝜏𝑇 2
{
{
{( eff ) + ( 𝜏eff )
𝑆𝑖𝑠𝐿
{ 𝑆𝑇

𝜎11 < 𝑌𝐶,
(20)
𝐶

𝜎11 ≥ 𝑌 ,

where 𝑋𝑇 is the longitudinal tensile strength, 𝑋𝑐 is the longitudinal compressive strength, 𝑌𝑇 is the transverse tensile
strength, 𝑌𝑐 is the transverse compressive strength, 𝑆𝐿 is
the longitudinal shear strength, 𝑆𝑇 is the transverse shear
strength, 𝛼 is a shear stress coefficient, and 𝜎̂11 , 𝜎̂22 , 𝜏̂12 are the
components of the effective stress tensor. The subscript “is”
in (20) indicates that for general laminates the in situ longitudinal shear strength rather than the strength of a unidirec𝑇
𝐿
and 𝜏eff
are the effective
tional laminate should be used; 𝜏eff
shear stresses in both orthogonal directions; the superscript
𝑚 indicates the misalignment coordinate frame.
The damage evolution response is combined with
Hashin’s damage initiation criteria and assumes that the
damage is caused by the degradation of material stiffness,
leading to material failure. CFRP is linearly elastic before
damage initiation; thereafter, the response of the material can
be computed based on the continuum damage mechanics
averaging method, which allows for homogenization of
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volumetric cracks and manifests all significant effects in a
single damage parameter 𝑑 (for each constituent):
𝜎 = 𝐶𝑑 𝜀,

where 𝜀 is the strain matrix and 𝐶𝑑 is the constitutive
elasticity damage tensor which reflects any damage and is of
the following form:

(21)

(1 − 𝑑𝑓 ) (1 − 𝑑𝑚 ) 𝜐21 𝐸1
0
(1 − 𝑑𝑓 ) 𝐸1
1 [
]
𝐶𝑑 = [(1 − 𝑑𝑓 ) (1 − 𝑑𝑚 ) 𝜐12 𝐸2
],
(1 − 𝑑𝑚 ) 𝐸2
0
𝐷
)
𝐺𝐷
0
0
(1
−
𝑑
𝑠
]
[
where 𝐷 = 1 − (1 − 𝑑𝑓 )(1 − 𝑑𝑚 )𝜐12 𝜐21 , 𝑑𝑓 reflects the current
state of fiber damage, 𝑑𝑚 reflects the current state of matrix
damage, 𝑑𝑠 reflects the current state of shear damage, 𝐸1 is
the intact (initial) Young’s modulus in the fiber direction,
𝐸2 is the Young’s modulus in the direction perpendicular to
the fibers, 𝐺 is the shear modulus, and 𝜐12 and 𝜐21 are the
in-plane Poisson’s ratios. Due to transverse isotropy, only 5
independent parameters are required; hence, there is an interdependence among the elastic moduli and Poisson’s ratios.
ABAQUS introduces a characteristic length to alleviate
the mesh dependency during material softening, and the
constitutive law can be expressed as a stress-displacement
relation. As shown in Figure 2, OA is the stress-displacement
curve prior to damage initiation, where point A is where
CFRP failure begins. Thereafter, damage occurs along the line
AC with the degradation of material stiffness until material
failure. The evolution of damage is energy-based and is
based on the following line integral (23), which signifies the
amount of energy expended (dissipated as heat) in a cycle
of loading-unloading (Figure 3). The modal fracture energies
then determine when total separation has occurred in cases
where mixed-mode loading is expected:
∮ 𝜎𝑖 𝑑𝛿𝑖 = 𝐺𝑖 ,
𝐶

of adhesive joints, gaskets, and interfaces in composites. The
constitutive response is commonly described in terms of a
direct traction-separation law rather than a continuum model
because the cohesive zone is very thin and may be considered
to be of zero thickness, which takes into account variation of
stress and strain through the thickness. The elastic behavior
can then be written as
𝐾𝑛𝑛 𝐾𝑛𝑠 𝐾𝑛𝑡 {𝜀𝑛 }
{𝑡𝑛 }
t = { 𝑡𝑠 } = [ 𝐾𝑛𝑠 𝐾𝑠𝑠 𝐾𝑠𝑡 ] { 𝜀𝑠 } = 𝐾𝜀,
{ 𝑡𝑡 } [ 𝐾𝑛𝑡 𝐾𝑠𝑡 𝐾𝑡𝑡 ] { 𝜀𝑡 }

3.4. Constitutive Equation and Failure Model of Epoxy. The
bond between the metal and CFRP can be modeled in many
ways, for example, linear elastic fracture mechanics (LEFMs),
crack tip open displacement (CTOD), and cohesive zone
models (CZMs) [40, 41]. Compared with other methods,
CZM provides advantages of dealing with tiny size of nonlinear zone and being able to adequately predict the behavior
of uncracked structures, including those with blunt notches,
and not only the response of bodies with cracks [40]. Thus,
the cohesive zone model is used to model the bond between
the metal and CFRP.
ABAQUS [35] offers several methods to model the
elastic-damage behavior of an adhesive and its failure. These
methods include, but are not limited to, cohesive elements
and surface-based cohesive behavior (cohesive interaction).
These methods are based on the cohesive zone model and
commonly used in modeling the delamination of interface
failure, where crack paths are determined 𝑎 priori. A cohesive
element library encompasses elements to model the behavior

(24)

where t is the nominal traction stress vector and consists of
one normal and two shear tractions: 𝑡𝑛 , 𝑡𝑠 , 𝑡𝑡 .
When the stresses and/or strains satisfy certain damage
initiation criteria, the process of degradation begins. There
are several damage initiation criteria, such as the maximum
nominal stress criterion, the maximum nominal strain criterion, and the quadratic nominal stress criterion. In this paper,
the quadratic nominal stress criterion is used as the damage
initiation criterion, which can be represented as

(23)

where 𝜎𝑖 is the equivalent stress, 𝛿𝑖 is the equivalent displacement, and 𝐺𝑖 is the fracture energy.

(22)

2

{

2

⟨𝑡𝑛 ⟩
𝑡𝑠
𝑡𝑡 2
}
+
{
}
+
{
} = 1,
𝑡𝑛0
𝑡𝑠0
𝑡𝑡0

(25)

where 𝑡𝑛0 , 𝑡𝑠0 , and 𝑡𝑡0 represent the tensile strength and shear
strength of the epoxy, respectively. The symbol ⟨⋅⟩ represents
the Macaulay bracket:
𝑡 , 𝑡𝑛 ≥ 0,
⟨𝑡𝑛 ⟩ = { 𝑛
0, 𝑡𝑛 < 0.

(26)

Any convex hyper-surface in the space of normalized
(non-dimensional) stress components can be taken as a
failure initiation locus because convexity implies that the
first law of thermodynamics (which is the basis for fracture
mechanics) holds.
A scalar damage variable 𝐷, which represents the overall
damage in the material, is introduced into the damage evolution law to describe the rate at which the material stiffness is
degraded. The range of 𝐷 is from 0 to 1, with 0 representing
the undamaged case and 1, the total separation. Once the
relevant initiation criterion is reached, 𝐷 monotonically
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Figure 3: Damage evolution of CFRP.

evolves from 0 to 1 upon further loading. The corresponding
stress components are then degraded as follows:
(1 − 𝐷) 𝑡𝑛 ,
{
{
𝑡𝑛 = {𝑡𝑛 ,
{
{

𝑡𝑛 ≥ 0
𝑡𝑛 < 0
(no damage to compressive stiffness) ,
𝑡𝑠 = (1 − 𝐷) 𝑡𝑠 ,
𝑡𝑡 = (1 − 𝐷) 𝑡𝑡 ,
(27)

where 𝑡𝑛 , 𝑡𝑠 , and 𝑡𝑡 are the stress components predicted by
multiplying the initial stiffness and the current relative displacements.
For the linear softening law (as shown in Figure 4), the
damage index 𝐷 can be expressed as
𝐷=

𝑓
max
0
(𝛿𝑚
− 𝛿𝑚
)
𝛿𝑚
𝑓

max (𝛿 − 𝛿0 )
𝛿𝑚
𝑚
𝑚

,

(28)

max
where 𝛿𝑚
is the maximum effective relative displacement
0
𝑓
and 𝛿𝑚
are the
attained during the loading history, 𝛿𝑚
effective relative displacement at the initiation and end of
failure, respectively. The effective relative displacement 𝛿𝑚
can be written as
2

𝛿𝑚 = √⟨𝛿𝑛 ⟩ + 𝛿𝑠 2 + 𝛿𝑡 2 .

(29)

Evaluation of the damage parameter depends upon the
energy dissipated, which, in its own right, is a function

of the stress-strain characteristics. Thus, the formulation is
circular, and the integration method determines whether the
procedure is implicit or explicit. In this study, the explicit
procedure is used throughout.
Surface-based cohesive behavior is primarily intended
for situations in which the interface thickness is negligibly
small. It assumes generalized traction-separation behavior
which is very similar to cohesive elements that are defined
using a traction-separation law. However, certain differences
exist between these two methods. The main difference is that
the interface thickness cannot be considered in the cohesive
surface interaction formulation, while the thickness for the
interface can be specified by requiring the initial constitutive
thickness in the cohesive element. In this paper, cohesive
elements are used to model the epoxy (adhesive) so that the
influence of the epoxy thickness can be studied.

4. Experimental Study of Aluminum Beams
Strengthened by CFRP
Bambach et al. [8] performed a total of 12 quasi-static tests
and 58 impulsive tests on CFRP-strengthened aluminum
beams subjected to blast loads. The impulsive tests were
performed on clamped beams under an impulse resulting
from explosives (Figure 5(b)). The explosive is applied as a
cord of PETN and is distributed evenly on to the beam.
Thus, the explosive is unifremly distributed on the beam,
and the according impulse is also uniformly distributed. Two
different grades of aluminum, namely, 6060-T5 and 6063T6, were used in these tests, with nominal yield stresses of
110 MPa and 170 MPa, respectively. Figure 5(a) shows that the
beams were all 25 mm wide and 500 mm long, while the
exposed lengths were 300 mm. Three beam depths of 6 mm,
10 mm, and 12 mm were used (hereinafter to be referred to
as 6 mm beam, 10 mm beam, and 12 mm beam, resp.). As
shown in Figure 5(a), the CFRP patch was applied to the
flexural tensile face of the beam (soffit plate) with a length of
300 mm. Araldite 420 epoxy was used to bond the CFRP and
the aluminum. Three different fiber layouts (1, 3, and 5 layers)
of CFRP were investigated and Araldite 420 epoxy was also
used in between each layer. Three different fiber layouts (1,
3 and 5 layers) of CFRP were investigated, and Araldite 420
epoxy was also used in between each layer.
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Figure 5: (a) A composite aluminum-CFRP beam specimen. (b) The idealized loading diagram [8].

The test results showed that the reduction of final deformation is evident both in static and impulsive tests with the
increasing number of CFRP layers. In static tests, the three
possible failure modes were fiber rupture (FR), metal-fiber
debonding (MFD), and interlaminar rupture (ILD), while in
impulsive tests, FR occurs in almost every specimen, while
MFD only occurred in three specimens accompanied by FR.
Additionally, most beams with 3 and 5 layers of CFRP suffered
from ILD and FR, which is different from static tests. The tests
also showed that a large amount of energy may be absorbed
by the CFRP, while the effect might be reduced due to the fiber
interlaminar debonding resulting from shock spalling which
means a spallation arising from the intersection of rarefaction
waves which cause tensile failure within the material [42].

5. Material Modeling and Elements
The aluminum beams were all 25 mm wide and 300 mm long,
but had three different depths (6 mm, 10 mm, and 12 mm).
Both sides of the beam were fixed, and the blast wave was
simulated as a uniform rectangular pressure pulse distributed
over the top flange of the beam. The widths and lengths of
CFRP were the same as that of the aluminum beam in every
case. In ABAQUS, the aluminum was modeled with solid elements (C3D8R). These are 8-noded generalized linear brick
continuum elements with an hour-glass controlled algorithm
and a reduced integration formulation implemented. The
CFRP was modeled with 4-noded shell elements (S4R)
with an hour-glass-controlled reduced integration formulation that allowed finite membrane strains. Epoxy was modeled with cohesive elements (COH3D8), which are 8-noded,
three-dimensional cohesive elements with a direct tractionseparation formulation that does not allow for a variation
of stress/strain through the thickness. Epoxy can also be
modeled by surface-based cohesive behavior. Surface-based
cohesive behavior is defined as a surface interaction property
with rigid-softening behavior, while the cohesive element is
more realistic in its behavior as it allows for elastic deformation prior to the initiation of failure and has an elastic-damage softening behavior. These two methods are both valid in
modeling the adhesive, with surface-based cohesive behavior
being relatively simple and the cohesive element being more
realistic. The material properties of the test specimens are
tabulated in Table 1. The duration of the blast wave is calculated from the length of the beam and the velocity of

Epoxy

Aluminum

Y
Z X

CFRP

Figure 6: Schematic of a hybrid beam with three layers of CFRP.

detonation of explosive, and the blast wave velocity of
7500 m/s is used by Jama et al. [28].
The FE model simulates the hybrid beam as realistically as
possible; so the assumptions of the analytical solution are not
made for the FE model. Different failure models have been
used for the different parts of the hybrid beam, as discussed
previously. Figure 6 is the schematic of the hybrid beam with
three layers of CFRP.

6. Results and Discussion
6.1. Comparison of Displacements
6.1.1. The Homogeneous Aluminum Beam. Figure 7 depicts
a comparison of the three analysis methods for the homogeneous monolithic aluminum beam, where the horizontal
axis represents the non-dimensionalized energy input that is
parameter 𝜆, and the vertical axis is the ratio of the permanent
displacement to beam depth. As this figure suggests, given
the variability experienced in testing with real explosives, the
three methods agree overall very well. Although the analytical results over-predict displacement for higher blast energies, considering the assumption of elastic perfectly plasticity,
the analytical solution is expected to over-predict the displacement results. The analysis above shows that the adopted
constitutive model for aluminum, namely, the Johnson-Cook
model is accurate in simulating the aluminum beam subjected to a blast load.
6.1.2. CFRP-Strengthened Beams. The results of the simple
analytical solution are presented in Table 2. A number of
groups of test data (15), which originate from Bambach’s
work, are available in the literature [8] and are listed in the
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Table 1: Material properties [8, 21, 44].
Density (g/cm3 )
Elastic modulus 𝐸 (GPa)

2.7
69

Poisson’s ratio ]

0.33

𝐴 (MPa)
𝐵 (MPa)
𝑛
𝐶
𝑚

176.45
63.99
0.07
0.0036
0

𝐷1
𝐷2
𝐷3
𝐷4
𝐷5

0.07413
0.0892
−2.441
−4.76
0

CFRP

Density (g/cm3 )
Thickness (mm)
Elastic modulus 𝐸1 (GPa)
𝐸2 = 𝐸3 (GPa)
Shear modulus 𝐺12 = 𝐺13 (GPa)

1.7
0.176
240
10
26.5

Shear modulus 𝐺23 (GPa)
Poisson’s ratios, ]12 = ]13
Poisson’s ratio, ]23
Tensile strength, 𝑓𝑢 (MPa)
Ultimate elongation, 𝜀𝑓

3.7
0.0058
0.25
3800
1.55%

Epoxy

Density (g/cm3 )
Thickness (mm)
Elastic modulus 𝐸 (GPa)

1.1
—
1.85

Tensile strength, 𝑓𝑢 (MPa)
Shear strength, 𝑓𝑢 (MPa)
Ultimate elongation, 𝜀𝑓

35
27
3.4%

Aluminum

Johnson-Cook model
constants of
aluminum (6063-T6)

Table 2: Results of the three analysis methods for hybrid beams.
Beam depth, Number No. of CFRP
𝑑/mm
layers

Initial velocity,
𝑉0 /m⋅s−1

Test results,
𝑊𝑓 /mm

Analytical
solutions,
𝑊𝑓 /mm

FE analysis,
𝑊𝑓 /mm

6

1
2
3
4
5
6

1
1
3
3
5
5

54
63
50
61
46
61

12.82
20.98
10.76
20.27
7.80
20.27

16.62
19.81
13.38
16.87
11.41
15.92

20.79
26.12
11.81
16.49
10.65
17.14

29.64%
−5.58%
24.35%
−16.77%
46.28%
−21.46%

62.17%
24.50%
9.76%
−18.65%
36.54%
−15.44%

10

7
8
9

1
3
5

60
57
57

25.03
22.01
18.99

22.82
19.28
18.54

28.06
23.39
10.68

−8.83%
−12.40%
−2.37%

12.11%
6.27%
−43.76%

12

10
11
12
13
14
15

1
1
3
3
5
5

49
71
47
71
50
70

19.20
33.72
18.00
32.52
17.16
30.36

17.97
28.16
14.89
24.82
15.57
23.62

21.55
33.51
13.11
32.40
11.74
30.93

−6.41%
−16.49%
−17.28%
−23.68%
−9.27%
−22.20%

12.24%
−0.62%
−27.17%
−0.37%
−31.59%
1.88%

table for comparison with the analytical solution and the FE
results. The ratio of carbon fiber and epoxy mass is 1 : 3, and
the initial velocity is in relative propinquity (from 46 m/s to
71 m/s) in these test data. Figure 8 shows the corroboration
of the three different methods. As shown in this figure, the
abscissa is the test results, and the ordinate is the result of
the analytical solution and the FE analyses; the solid line
depicts the test results, and the points are the results of the
simple analytical solution and the FE analyses. This figure
demonstrates that the points near the line correlate well
with the test results, while the points further away from the
corresponding experimental data have a weaker correlation.
The points basically lie around the line, and there is some
scatter in Figure 8; however, in view of the volatile nature of

Relative error of
Relative error of
analytical
FEA
solution

a blast load, the agreement is considered satisfactory, and the
trend is captured realistically.
The results above show that the permanent deformation
calculated by the proposed analytical model and the numerical solution obtained from FEA agree overall with the test
results, which demonstrates that the analytical solution is to
be expected and is reasonably accurate. Thus, this solution
can be used in the preliminary blast resistant assessment of
this class of hybrid structures.
6.1.3. Error Analysis. Figure 8 demonstrates that the FE
results are a little higher than the test results for 6 mm and
10 mm beams. Additionally, it is clear that the results of FEA
for the 12 mm beams agree well with the test results. Table 2
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Table 3: Relative error statistics of FEA.

7

Depth of beam (mm)

6
5

6
10
12

4
3

Numbers of CFRP layers
1
3
5
Relative error
18.45% 43.34%
−4.45%
10.55%
3.34%
12.11%
6.27%
−43.76%
3.22%
5.81%
−13.77%
−14.86%
0
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Figure 7: A comparison of different analysis methods for the aluminum beam.
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Figure 9: The distribution of deflection along the beam span for
different impulses.
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Figure 8: A comparison of the analytical solution, the numerical
solution, and the test results.

also shows the relative error between the test results and the
other two methods. There is a relative error in the results
of the analytical solution and the FEA compared with those
of the test results; nevertheless, considering the instability of
the impact tests in general, these errors can be accepted. As
mentioned before, FR is the failure criterion, and the bond
between the CFRP and steel is assumed as a perfect bond in
the analytical solution. In most specimens with FR failure, the
analytical solution results have a good agreement with the
FE results. However, for few specimens with MFD and ILD
failure, debonding causes the error between the FE analysis
and analytical solution. These errors will be solved in the
future study by improving the analytical model.
Table 3 is the statistical average relative error of the FEA
compared with the test results; this table demonstrates that

most of these results are accurate to within 19% except for the
cases of 6 mm beam with 1 layer of CFRP and 10 mm beam
with 5 layers of CFRP, resulting in relative errors of 43.34%
and −43.76%, respectively. These errors may be a result of the
instability in the impact tests conducted. More concrete data
are required, along with an insight into the methodology of
experiment, to be able to draw definitive conclusions in this
regard.
6.2. Analysis of the Dynamic Response. Due to the very short
duration of loading on a beam subjected to an explosion, it
is difficult to obtain the data, such as stress, strain, and their
time histories, accurately. Most experiments rely upon posttest observations of the amplitude of the permanent deformation and plastic strain. The numerical model developed in this
paper can provide a tool to investigate the nonlinear damage
process of hybrid beams.
6.2.1. Deflection of the Whole Hybrid Beam. Figures 9 and
10 show the deflection of the CFRP-aluminum hybrid beam
under impulsive loads by the application of explosives.
Figure 9 demonstrates the distribution of permanent deflection along the beam under different impulsive loads. The
maximum deflection occurs at mid-span, and the maximum
deflection of the test and the FEA agree well, both in position
and in value. This observation is valid for cases where the
ratio of the loading amplitude to the static plastic collapse
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Figure 10: The deflection curve of a 12 mm aluminum beam subjected to an explosion.
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Figure 12: The damage evolution of the CFRP along the beam span
for half of the beam.

load does not exceed 3. When this ratio goes beyond 3, there
are two symmetrically poised travelling plastic hinges [43] at
a finite distance that move toward one another and eventually
meet in the middle of the beam. This case is fundamentally
different from the case of the present study, as it involves a
plasticized zone of finite length in the middle of the beam.
The study of this case falls beyond the scope of the present
work. Figure 10 shows the deflection development process for
the hybrid beam subjected to an explosion; the left part of
the figure indicates the spatial displacement profile along the
beam, and the right part demonstrates the temporal evolution
of the deflection at mid-span. The deflection reaches its
peak value at about 0.6 ms and then undulates around the
permanent deflection.

CFRP patch reached 0.0155, which means it experienced
damage. The distribution of the damage criterion along the
right part of the beam is shown in Figure 12. Because of the
inertia, at time 0.1 ms the beam between two hinges is not
flat, and the stress is not zero (as shown in Figure 13). Therefore, the damage criterion is a minimal value but not zero at
time 0.1 ms. At time 0.4 ms the damage criterion of the CFRP
element around the mid-span reached 1.0, and the CFRP was
fully damaged. Figure 13 indicates the development of tensile
stress, where the horizontal axis denotes the right part of the
beam, and the origin of horizontal axis is taken at the midspan. The time interval 0.1 ms is a relatively long time interval
and causes the stress jump between two stress curves, actually
the stress is continuous if smaller time interval is adopted.
It is evident from the figure that the tensile stress increased
at the beginning to the point where the damage initiation
criterion was met. The CFRP is an elastic brittle material, and
the sudden rupture of CFRP at the mid-span causes the interfacial shear and normal stress concentrations at 0.3 ms. When
the CFRP patch was damaged, the stress in the damaged

6.2.2. Stress and Damage Analysis of CFRP. Figure 11 indicates the strain in the CFRP at mid-span subjected to different
impulses. The ultimate elongation is 1.55% in the studies conducted in this paper; thus, when the hybrid beam was subjected to an impulse of 17.6 Ns, the tensile strain of the soffit
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region decreased to 0. If the damaged region expands from
the mid-span to the end, the stress curve also moves in the
same way.
6.2.3. Stress Analysis of Epoxy. As previously discussed, cohesive elements were used unanimously to model the epoxy,
and the debonding is modeled by damage in the cohesive
layer. The quadratic nominal stress-based damage initiation
criterion is used throughout as the damage initiation criterion. When the damage criterion reaches 1.0, the damage is
initiated. Subsequently, the cohesive damage is used, which
is equivalent to the fracture energy-based models, to model
the full separation. Figure 14 demonstrates the evolution of
interlaminar debonding, with the cohesive element being
damaged in the vicinity of the mid-span, which means that
the debonding region is in the proximity of the mid-span.
The figure also indicates that the debonding region is almost
stationary and does not extend with time.
6.3. Failure Modes. In tests, there were 36 hybrid beams
subjected to impulsive loading, and 34 beams were failed
[8]. Concerning three failure modes, FR, MFD, and ILD, as
previously discussed, FR was the most prevalent mode and

(c)

Figure 15: (a) Fiber rupture modeled by FEA. (b) Debonding
and fiber rupture modeled by FEA. (unit: MPa) (c) Photos of the
impulsive beam test results [8].

dominated all the 34 failure beams. Apart from 15 beams
failed in only FR, which is shown in Figure 15(a) by FEA and
can be seen from the beam with 1 layer CFRP in Figure 15(c),
some beams failed with combined failure modes. 16 of them
failed with FR and ILD, which is shown in Figure 15(b) by
FEA and can be seen from the beam with 3 or 5 layers CFRP in
Figure 15(c). Two of the other 3 beams failed with concerted
actions of FR, ILD, and MFD, and the last beam failed with
concerted actions of FR and MFD. In the FE simulation, FR
was found in every specimen, and beams strengthened with 3
or 5 layers CFRP mostly failed by FR and ILD. No individual
MFD failure mode occurred in FEA. The agreement of the
FEA and tests is reasonably good.

7. Conclusions
In this paper, a simple analytical solution is proposed to
calculate the deformation and ultimate load bearing capacity
of CFRP-strengthened metal beams. An FE modeling scheme
was developed to simulate the damage in hybrid metal-CFRP
beams, that is, metallic beams strengthened with externally
bonded soffit CFRP plates. Test results from the literature [8]
were adopted to validate the proposed analytical solution and
the FE simulation results, and the agreement between three
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results obtained from different solution methods was found
to be good, which demonstrates that the simple analytical
solution and FE are relatively accurate and reliable.
Due to its prevalence in the failure modes, fiber rupture is
considered as the criterion of structural failure in the simple
analytical solution. This assumption provides a lower bound
in designing the hybrid system and leads to conservative
design. The advantage of the simple analytical model is
the ease with which one can assess the overall response
in a design without having to consider the detailed hybrid
behavior. In the detailed finite element analyses, the JohnsonCook constitutive model was used to simulate plasticity in
the aluminum, which is suitable for metals subjected to large
strains, high strain rates, and high temperatures. CFRP and
epoxy were modeled by shell elements and cohesive elements,
respectively. Simulations were run to obtain the dynamic
displacement time history in a pulse loading scenario. This
dynamic displacement time history is arguably the most
important parameter in blast resistant design. Three different
failure modes—fiber rupture (FR), metal-fiber debonding
(MFD), and interlaminar rupture (ILD)—are discussed in the
paper. FR and ILD are prevalent in impulsive tests, while
MFD is not so common. The parametric studies conducted
showed that the thickness of the CFRP patch is an important
factor that influences the results. An increasing number of
CFRP layers increases the dynamic load bearing capacity
of the hybrid beam and reduces the corresponding blasted
induced maximum deformation.
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The interaction between the carbon nanotubes (CNT) and the polymer is a key factor for determining the mechanical, thermal,
and electrical properties of the CNT/polymer nanocomposite. However, it is difficult to measure experimentally the interfacial
bonding properties between the CNT and the surrounding polymer. Therefore, computational modeling is used to predict the
interaction properties. Different scale models, from atomistic to continuum, are critically reviewed addressing the advantages, the
disadvantages, and the future challenges. Various methods of improvement for measuring the interaction properties are described.
Finally, it is concluded that the semicontinuum modeling may be the best candidate for modeling the interaction between the CNT
and the polymer.

1. Introduction
Predicting the mechanical properties and modeling the
mechanical behavior of the CNT Reinforced Polymer
(CNTRPs) have attracted the great attention of many
researchers [1–5], especially considering their rapid development in various industries such as automotive industry,
aerospace, packaging, and wind turbines. Therefore, over the
past two decades, extensive studies have been executed to
predict the mechanical properties of CNTRPs.
Different factors affect the performance of CNTRPs. The
main governing issue which characterizes the efficiency of
CNT reinforcement at nano-/microscale can be attributed to
the load transfer mechanism from the matrix to the CNTs.
As a result, prior to understanding the mechanical behavior
of CNTRP at macrolevel, the corresponding physical performance has to be addressed. For this purpose, a proper
simulation technique, which captures the required details sufficiently and reasonably, needs to be employed in accordance
with the investigated scale.
Interfacial bonding in the interphase region between the
embedded CNT and its surrounding polymer is a crucial
issue for the load transferring and reinforcement phenomena.
The atomic structure of carbon nanotubes consisting of sp2

hybridized carbons hinders the formation of strong covalent
bonds with the surrounding polymer matrix. Although functionalization can improve the load transfer of the interphase
by providing covalent cross-links between the carbon atoms
of CNTs and the molecules of polymer, this procedure has a
main drawback in providing defects in the structure of carbon
nanotubes due to formation of sp3 hybridized sites. It can
significantly reduce the beneficial properties of carbon nanotubes. Therefore, CNTs naturally interact with the polymer
chains of the matrix just through weakly nonbonded van der
Waals (vdW) and electrostatic forces. Mechanical interlocking, which is useful to improve the adhesion between the
fiber and the matrix in fibrous composites, is not pertinent
to CNTRPs due to the smooth surface of the CNTs.
Up to now, various methods have been employed to investigate the interaction behavior between the CNT and the surrounding polymer, including experimental studies, atomistic
modeling, and continuum modeling. Through systematically
studying the shortcomings and advantages of all the available
methods from the literature, the objective of this review is to
find the best solution for evaluating the interaction behavior
between the CNT and the polymer matrix. On one side, the
accuracy must be guaranteed; on the other side, the method
should be simple and have minimal computational costs.
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This paper aims to review recently developed modeling
techniques to study the interaction between CNT and surrounding polymer. The organization of the paper is as follows:
Section 2 is a brief explanation of challenges imposed to the
experimental studies at the scale of Nano. Section 3 discusses
performed theoretical studies for investigating interaction
between CNT and polymer. This section includes two main
groups of available modeling techniques as atomistic modeling Section 3.1 and continuum modeling Section 3.2. Molecular dynamics, coarse grain simulation, and density functional theory are reviewed in Sections 3.1.1, 3.1.2, and 3.1.3,
respectively. Then, associated obstacles and shortcomings of
atomistic modeling are presented in Section 3.1.4 which are
the main reasons encouraging researchers to employ continuum modeling approaches. Categorized under continuum
modeling group, Sections 3.2.1 and 3.2.2 present analytical
and numerical modeling techniques. Finally, Section 4 concludes the review by highlighting pros and cons of available
methods.

2. Experimental Studies
The performed experimental studies for characterizing the
interaction between CNT and surrounding polymer can be
divided into three main categories.
Some researchers have performed experiments on CNTpolymer bulk composites at the macroscale and observed the
enhancements in mechanical properties (like elastic modulus
and tensile strength) and tried to correlate the experimental
results and phenomena with continuum theories like micromechanics of composites or Kelly Tyson shear lag model [1–
5, 32, 33].
Other researchers have used the spectroscopy techniques.
Spectroscopy is a powerful technique for characterizing the
properties of the CNT. This technique includes Raman spectroscopy, Fourier Transform infrared spectroscopy (FTIR),
and X-ray scattering. The main principle of this method
is that by straining the CNT/polymer, the C–C bonds will
vibrate, and this will affect the peaks in the Raman spectrum.
Therefore, Raman spectroscopy can determine the characteristics of CNTs such as the diameters and the level of
dispersion in the matrix [34–38].
In situ TEM (Transmission Electron Microscopy) straining has also been used to understand the mechanics, fracture,
and failure processes of the interface. In these techniques, the
CNT-polymer composite (an electron-transparent thin specimen) is strained inside a TEM and simultaneously imaged
to get real-time and spatially resolved (1 nm) information
[39, 40].
Rahmat and Hubert [41] and also Desai and Haque [42]
have conducted a comprehensive review on the experimental
methods.
Generally, an experimental study at the scale of nano is a
challenging task due to the following reasons:
(i) the lack of proper direct measuring techniques at the
nanometer scale;
(ii) tremendous limitations on the specimen size;

(iii) an uncertainty in the data obtained from indirect
measurements;
(iv) inadequate preparation techniques of test specimens
and the lack of control over the alignment and
distribution of nanotubes.
Therefore researchers have a tendency to employ theoretical methods for predicting properties of CNT-reinforced
composites. Moreover, it is not possible to measure the interfacial bonding properties between CNT and surrounding
polymer through direct measurement, and this would be
another source of error.

3. Theoretical Studies
In this category of studies, the interaction between the CNT
and the surrounding polymer which plays a key factor in
transferring the load from the matrix to the CNT is examined
using theoretical and computer models. Up to now, the
employed theoretical studies to simulate the interaction and
measure the mechanical properties of the interaction are
mainly divided into two major groups: atomistic modeling
and continuum modeling.
3.1. Atomistic Modeling. Atomistic modeling is accomplished
using molecular dynamic (MD) simulation, density functional theory (DFT), or coarse grain (CG) simulation. These
techniques are widely used to resolve the relevant fracture
problems on different scales.
3.1.1. Molecular Dynamics. The MD method solves Newton’s
equations of motion for a molecular system [43], which provides the methodology for detailed microscopic modeling on
the molecular scale [44]. For the nanocomposite interaction
studies, MD has shown strong potential, due to its accuracy,
flexibility, and various force fields [10, 13, 45, 46]. Xu and
Buehler [10] adopted the AIREBO potential to simulate the
mechanical behavior of the CNT-based nanocomposite. In
the work of Zhang et al. [13], the UA (united atom) potential is
adopted to address the similar problem of the nanocomposites. Moreover, the coarse-grained potential is also employed
to study the interaction among particle-particle and particlepolymer [45, 46].
Additionally, the comparable sizes of nanotubes and polymer chains make MD a great candidate to simulate nanocomposites without sacrificing the accuracy of the results, especially with the rapid development of high-performance
supercomputers.
The MD simulations can also investigate the effects of
various parameters and types of interaction on mechanical
properties like elastic moduli, interfacial shear strength, and
bonding energy.
The interface properties of CNT/polymer were widely
investigated based on MD simulation from the available
literatures [6, 8–10, 12, 13]. Referring to the nonbonded
CNT/polymer interaction, Chen et al. [9] performed MD
simulation of single polymer molecular with CNT, and
they found that armchair single-walled carbon nanotubes
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(SWNTs) present the strongest adhesion. Liao and Li [6] and
Rahmat and Hubert [12] studied the noncovalent interaction
between the CNTs and the matrix; the shear strength and the
binding energy of the composite interfaces were given in their
research. Wong et al. [8] found that the locally nonuniformed
distribution of CNT-induced mechanical interlocking leads
to high interfacial shear stress. The MD simulation also
showed that the mismatch of the coefficients of thermal
expansions between CNT and polymer matrix also promotes
the stress transfer ability. Xu and Buehler [10] have studied
the thermal resistance of the two interacting CNTs, with
and without polymer, which shows that the thermal resistance of the CNT junctions can be significantly improved
through altering the number of polymer molecules. Recently,
Zhang et al. [13] have studied the effects of the dispersion of
polymer-wrapped two neighbouring SWNTs on nanoengineering load transfer. They found that dispersion angle of
the polymer wrapped SWNTs dominates the load transfer.
Besides, the self-repairing function of the system is found due
to the nonbond interaction between the polymer and the
SWNTs.
Frankland et al. [7] modeled a single armchair CNT by
MD and found that the shear strength increases 10 times just
by forming less than 1% cross-links between the CNT and
the polymer. Through the MD simulation, Chowdhury and
Okabe [47] also investigated the influence of the chemical
cross-links at the interface and found that forming a few
cross-links between the CNT and the polymer, the shear
strength increases from 310 MPa to 1630 MPa. Liu et al. [11]
obtained the shear strength by pullout test of SWNT from
covalent bonded polymer with an MD simulation. They
found that the increased interface shear strength can either
enhance or reduce the damping stability of the composite.
Other researchers like Kuang, Tsai, and Odegard adopted MD
methods to study the properties of the nanocomposites and
interface between the CNT and the polymer [48–50].
However, the large number of particles and the short time
steps involved in MD simulations call for powerful computational facilities, which are typically provided through
parallel computing. The simulation time may be shortened
by employing typical modeling strategies, such as adopting
periodic boundary conditions [51] and reducing the cutoff
distance assumption [52]. A more detailed discussion can be
found in the Table 1.
3.1.2. Coarse Grain Simulation. A coarse grain (CG)
approach is used to develop the tools for investigating the
material properties. It is also used to study the underlying
mechanical behavior typically required for material design
that systematically integrates characteristic chemical
responses. The CG models provide efficient means to simulate
and investigate systems in which the desired behavior,
property, or response is inherently at the mesoscale—those
that are both inaccessible to full atomistic representations
and inapplicable to continuum theory. The CG techniques
are developed to map atomistic systems onto systems with
coarser resolution. Therefore, a developed CG model can only
reflect the behavior included in their governing potentials
and associated parameters, and consequently, the source
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of such parameters typically determines the accuracy and
utility of the CG model [53, 54]. It is emphasized that not all
systems will benefit from a coarse-grain representation, and
prudent consideration must be given regarding the system
characterization and the intent of the simulations. Typical
motivations for a CG approach include the following:
(1) inaccessible time scale and length scale for phenomenon or behavior via full atomistic representation;
(2) focus on bulk properties and/or mechanical behavior
rather than on molecular structure and/or chemical
interactions;
(3) desire for a direct simplified analysis of simulation
results and system behavior.
In the past decade, various CG molecular dynamics methods
were extensively used to study the thermomechanical properties of polymers, proteins, lipids, and biomaterials [53–56].
Müller-Plathe’s group reported many interesting properties of different polymers (e.g., thermal conductivity, chain
stiffness) by the CG MD simulations [57–59], in which the
CG potentials were developed and their parameters were provided based on the reverse-mapping procedure by validating
from full-atom MD simulations. Kremer’s group developed
two kinds of CG potentials for polystyrene, and the thermodynamical and the chemical properties were studied by CG
MD simulations [60, 61]. Theodoru and Fermeglia investigated the multiscale modeling for polymer systems using CG
MD and full-atom MD methods as well as Monte Carlo (MC)
method [62, 63]. Nielsen et al. [64] calculated surface tension
in bulk PE by CG MD simulations, which considerably
reduces the amount of numerical computing required in the
MD simulations. Recently, Zhao et al. [65] have developed a
more accurate CG potential to study the thermomechanical
properties (such as bulk density, glass transition temperature, expansion coefficient, Young’s moduli, and yield stress)
of bulk polyethylene (PE). The size-dependent mechanical
properties of compressive stress-strain curves for PE particles
have also been obtained by the CG MD method [66].
As it can be seen, all aforementioned studies are performed on pure polymer. The main reason for this is that the
first step in studying interaction between CNT and surrounding polymer using CG MD is constructing a reasonable model
for the chain of polymer. Therefore, numerous studies have
been conducted on pure polymer.
Buehler’s group developed the various CG MD potentials
to characterize the nanoindentation of single- and doublecarbon nanotubes (CNTs) buckypaper [67]. Based on the
CG model, the mechanical properties of CNT networks
were obtained, and the microstructural evolution and failure
mechanism were discussed [68]. Afterwards, the viscoelasticity of the CNTs networks was reported by the CG MD
simulations [69].
However, all the previous CG models are used in polymers and CNTs, respectively, while the CNT reinforced polymer composites are scarcely studied by CG MD simulations
since the Lennard-Jones (LJ) potentials between CG beads
of polymers and CNTs are not obtained yet. Nevertheless,
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Table 1: Conducted molecular dynamics modeling of interaction between the CNT and the polymer.
Matrix

Simulation
size

One chain of 2 to
80 mer polystyrene

20 Å long
CNT

53 Å long (10, 178 chains of 42 mer
10) SWNT
polyethylene

53 Å long
SWNT

Researcher(s) Year Reinforcement

Liao and Li [6] 2001

Frankland et
al. [7]

2002

Wong et al. [8] 2003

SWNT and
DWNT

SWNT

Epoxy, polystyrene

Simulation setup

Liu et al. [11]

Rahmat and
Hubert [12]

Zhang et al.
[13]

2009 (10, 10) SWNT

Polyethylene,
various chain
lengths

Shortcomings/
advantages

Full-atom and
Pullout without
nonbond interaction. More accurate while
cross-link between
Pullout shear
limited to small size
CNTs and matrix
strength of 160 MPa
An order of
Pullout for both
magnitude increase
Close to the actual
crystalline and
in shear strength
situation, limited to
amorphous
with less than 1%
small scale
polymer
cross-link between
SWNT polymer
Local nonuniformity
of CNT and
mismatch of the
Ununiformed
New aspect for
coefficients of
SWNT with two
analyzing the
thermal expansions
different diameters.
enhanced effect
lead to high
interfacial shear
stress

31 Å long
CNT

49.19 Å CNT
49.19 Å long One chain of 10 mer with Single
SWNTs with
Chen et al. [9] 2008
(10, 10) SWNT polyphenylacetylene polymer
different chirality
chain

Xu and
Buehler [10]

Conclusion

25 to 75 nm
long CNT

Overlapped
SWNTs with or
without polymers

Strongest adhesion
for armchair-type
SWNT

Clear analysis but
the size is too small

The thermal
resistance of CNT
junctions can be
significantly
improved through
modifying the
molecular structure
at the interface

New idea with
full-atom analysis,
heavy calculations

SWNT pullout test
The increased
is preformed by
Useful method to
interface shear
EPON 862 and
4.6 nm × MD method, then
determine the
strength can either
2011 (10, 10) SWNT EPI-CURE curing
4.6 nm ×
the shear strength
parameters for
enhance or reduce
agent
6.3 nm
is applied to a
multiscale
the damping stability
micromechanical
hierarchical model
of the composite
damping model
Interfacial binding
Introduction and
energy of
52.69 Å (10, 0) 9 Chains of 32 mer
Common MD
pullout test with
2
Varied
2012
0.39
kcal/mol
Å for
SWNT
PMMA
simulation.
optimized
no covalent
simulation phases
interaction
Varying the
Dispersion angle of
United atom (UA)
59.03 Å long Chain length of 20, 59.03 Å long dispersion angle of polymer wrapped
2013
method, can apply
armchair (5, 5)
40, 60
SWNT
two neighbouring SWNTs dominates
to large scale
SWNTs
the load transfer

this issue will likely be addressed soon, since studies in this
direction show high potential and important applications.
Because the CG models normally lose more detailed
information among the beads (such as dihedral and improper
information), accurate quantitative nonlinear mechanical
properties of materials cannot be accurately given in the CG
MD simulations.

3.1.3. Density Functional Theory. Density functional theory
(DFT) studies the electronic structure of atomic scale systems
based on quantum mechanics. The DFT models commonly
use approximations, such as local density approximation
(LDA), in which only the value of the electronic density at
each point in the space is considered compared to the MD
simulation.
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Ab initio simulations use DFT and are able to converge
to the accurate solution. However, these simulations are
computationally expensive and grow in size with the power
3–7 of the number of basic functions. Therefore, the ab initio
simulations are fairly small in size and use various techniques
to reduce the computational costs. For example, during some
stages of the simulation, only some part of the system may
be optimized, or atomic relaxation may not be allowed and
molecules may be considered to be rigid.
Ab initio models have studied various types of nanotubepolymer interaction including van der Waals and chemical
functionalization. The results of these models are typically
presented in the form of local density of state for the nanotube
and the nanocomposite, band structures, charge density contours, and binding energy as a function of distance [70, 71]. In
the work of Kim et al. [70], the encapsulation energy of a
single (C2 H2 ) molecule into the nanotube and the formation
energy of (C2 H2 ) @ CNT are calculated. In the work of Mylvaganam and Zhang [71], the possible ways of functionalizing
CNTs are investigated with the aid of the density functional
theory. Using the methoxy radical and the secondary butyl
anion as initiators and their reactions with ethylene and
epoxide, this leads to polyethylene- and polyepoxide-grafted
nanotubes.
Most of DFT models are based on static or zero Kelvin
structures and are still limited to small systems. Hence, when
using DFT models, the strength of these models (accurate
prediction of atomic structure) along with the inevitably
expensive computations should be considered.
3.1.4. The Challenges of Atomistic Modeling. As it has been
stated, atomic modeling has the accuracy and high flexibility
to observe effects of various parameters on the mechanical
properties of the nanocomposites and the interphase between
the CNT and the polymer. But a lot of limiting factors are
affecting these methods. For example, most of the published
papers that have used these methods are using SWCNTs with
a length less than 10 nm. In addition, the number of polymer
chains considered is less than 100.
This is because atomistic modeling methods are not able
to handle a large number of atoms due to increasing computational costs. Also the formulas used in these methods often
have high complexity. Due to these limitations, continuum
models have been used to overcome the aforementioned
difficulties.
3.2. Continuum Modeling. Continuum modeling of CNT
and surrounding polymer interactions is accomplished either
analytically or numerically.
3.2.1. Analytical Modeling. In studies by analytical methods
to model interphase between the carbon nanotube and the
polymer, most of the researchers have tried to use the existing
microscale rules in the field composites. These rules known
as micromechanics rules cannot be directly applied to the
nanoscale due to assumptions which are no longer valid.
These involve the uniform distribution of fibers in polymer
and perfect bonding between CNT and polymer, as well as
considering reinforcement phase as a continuum medium
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which is applicable to fibers. In other words, direct use of
micromechanics equations for CNTRP will simply neglect
the lattice structure of CNT and consider CNT as a solid fiber.
Moreover, micromechanics equations assume perfect bonding between the reinforcing agents and the surrounding polymer. This is not pertinent to the interphase between the CNT
and the surrounding polymer, which interact through nonbonded van der Waals (vdW) forces.
Some researchers have proposed that a material region
between CNT and surrounding polymer should be considered, but the way to treat the properties of this specific material region remains to be determined. The associated properties are selected between matrix and CNT Young’s modulus
without any experimental basis. Actually, at the scale of nano,
there is no material region for interphase between CNT and
polymer, but instead, the region is a molecular interaction
space. Some others suggested some corrective factors in order
to reflect the imperfection bonding between CNT and polymer, but these factors are also obtained on the basis of curvefitting data.
Actually, CNTs interact with the surrounding polymer
through vdW forces. This will cause the CNT to slide in the
polymer matrix when subjected to axial loading. Therefore,
the assumption of perfect bonding between CNT and polymer is not valid. Thus, some researchers try to incorporate
vdW interactions between CNT and polymer in their modeling methods. Cohesive zone models have been widely used
in the continuum study of interface debonding and sliding
in composites. A cohesive zone model assumes a relation
between the normal (and shear) traction(s) and the opening
(and sliding) displacement(s). When implemented in the
finite element method, the cohesive zone model is capable
of simulating interface debonding and sliding. The existing
cohesive models are all phenomenological, because it is
difficult to obtain directly the cohesive laws for interfaces.
Jiang et al. [14] have developed the cohesive zone model for
the interface between the CNT and the polymer. They have
calculated the total energy of all the atoms by integrating over
the volume and by differentiation from the movement of the
plates in the vertical and in the tangential direction. Finally,
they report the relation between the normal (and shear) traction(s) and the opening (and sliding) displacement(s) across
the interface in terms of the area density of CNT and the
volume density of polymer, as well as the parameters in the
vdW force.
Assuming an interface which contains vdW interactions,
Tan et al. [15] have attempted to calculate the relationship
between the stress and the strain in nanocomposites. In this
regard, the rules set by Jiang have helped to describe the
relationship between the stress and the strain at the interface.
Seidel and Lagoudas [16] tried to evaluate the effect of an
interphase on the mechanical properties of nanocomposites.
They have considered interphase as a physical environment
and assumed elastic modulus of this area 0.1 to 10 times the
elastic modulus of the matrix. Then, the effects of interphase
properties on nanocomposites were examined using a concentric cylinder model.
The Shear-Lag model was also employed by some other
researchers to study the interaction between CNT and
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Table 2: Conducted analytical modeling of interaction between CNT and polymer.

Researcher(s)

Year

Interface or interphase

Type of interaction

Thickness

Interphase
modulus

Method of
modeling

Jiang et al. [14]

2006

Interface

vdW

N/A

Cohesive energy

Tan et al. [15]

2007

Interface

vdW

N/A

N/A
Imperfection
coefficient

Seidel and
Lagoudas [16]

2006

Interphase

Perfect

0.5 × 𝑅NT to 4 × 𝑅NT

Tsai and Lu [17]

2009

Interphase

Perfect

0.01 nm

Nairn [18]

2011

Interface or interphase

Imperfect

N/A

Shokrieh and
Mahdavi [19]
Barai and Weng
[20]

2011

Interphase

vdW

0.17 nm

2011

Interface

Perfect

N/A

polymer [17, 18]. This model is usually used for long fiber
composites at microscale, and it is not suitable for CNT
reinforced composites wherein the effective scale is nano.
This model has been basically developed for continuum
reinforcing agent, and it could not be applied to the lattice
structure of CNT. Tsai and Lu [17] took into account the
interphase as a physical environment. They used different
values for the shear modulus of interphase and investigated
the effect of interphase on load transfer efficiency in the CNTs
reinforced nanocomposites using the conventional shear lag
model. Nairn [18] considered the effect of the interphase by a
coefficient varying between zero and infinity in the formula
for calculating the modulus of the nanocomposite.
Shokrieh and Mahdavi [19] considered a virtual material
region for the interphase. They have obtained the properties
of an equivalent fiber using the elasticity approach when the
interactions are assumed to be vdW. The obtained results were
in a very good agreement with the developed multiscale FE
modeling by Shokrieh and Rafiee [29].
Barai and Weng [20] studied the mechanical properties
of carbon nanotube with elasticity equations. They fit an
imperfect factor to their equations and investigated the effect
of the interphase by changing this ratio. It was reported
that when the imperfection at the interface increases, the
effective Young’s modulus of the composite decreases and
those CNTs with very weak interfaces will behave like voids.
It should be pointed out that since Barai and Weng [20] have
considered perfect bonding between CNT and polymer, they
are addressing higher stress transferability from matrix to
CNT in contrast to what has been reported by Tan et al. [15]
through weak vdW interactions.
An overview of conducted analytical modeling to study
the interaction between the CNT and the surrounding polymer is summarized in Table 2.
As it can be understood from the literature survey,
different values have been considered for the modulus and
also for the thickness of interphase. In some investigations,
the influence of the interphase region has just been simulated
using some correction factor to reflect the imperfection.

0.1 × 𝐸𝑚 to 10 × 𝐸𝑚
𝐺int = 0.13, 0.286,
4.2, 370 GPa
Imperfection
coefficient
Function of 𝑙NT
and 𝑅NT
Imperfection
coefficient

Elasticity
Composite
cylinders
micromechanics
Elasticity (shear
lag)
Shear lag
(elasticity)
Equivalent fiber
(elasticity)
Elasticity

3.2.2. Numerical Modeling. Several researchers have used
numerical modeling employing the finite element analysis to
study the interaction between the CNT and the surrounding
polymer. Some investigators considered an intermediate
region between the CNT and the polymer as a separate
phase and used various elements like link, truss, rod, beam,
and spring with different properties describing the molecular
interaction between the CNT atoms and the surrounding
polymer chains. Some others have ignored this region in the
modeling and simply assumed a perfect bonding between
nanotube and the polymer [21, 22]. However, since it is well
known that perfect bonding between the nanotubes and the
resin is not a valid assumption, these studies will not be
reviewed in this report.
Haque and Ramasetty [21] obtained shear and axial
stresses at the interface without considering interphase using
the equilibrium and the elastic equations.
Wan and his coworkers [27] calculated the properties of
the RVE of CNTRP considering interphase with the thickness
of 1.357 nm. The modulus of interphase has been varied
between 0.3 and 10 times the elastic modulus of the matrix.
They considered the interphase as an isotropic material with
constant properties.
Li and Chou [23] consider the vdW interactions between
the nanotube and the inner surface of the surrounding polymeric matrix and used nonlinear truss elements to simulate
vdW interactions. They considered the thickness of this
region as 0.17 nm and achieved the properties of the elements
using Lennard-Jones potential.
Pourakbar and his coworkers [24] have studied the effect
of functionalized nanotube on the properties of a RVE. They
modeled covalent bonds between the nanotubes and the resin
with beam elements and used properties that were derived
from molecular mechanics approach. They found out that by
increasing the population of covalent bonds at the interphase,
the stress transferability from matrix to CNT is increased and
it will converge to the results achieved from the rule of mixture, even though the rule of mixture is not valid at nanoscale.
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Table 3: Finite element modeling of CNT and polymer interaction.
Researcher(s)

Year

Interface or
interphase

Haque and Ramasetty [21]
Wan et al. [27]
Li and Chou [23]
Pourakbar et al. [24]
Giannopoulos et al. [25]
Montazeri and Naghdabadi [26]
Kulkarni et al. [22]

2005
2005
2006
2008
2009
2009
2010

Needleman et al. [28]

2010

Shokrieh and Rafiee [29]
Ayatollahi et al. [30]
Wernik and Meguid [31]

2010
2011
2011

Interface
Interphase
Interphase
Interphase
Interphase
Interphase
Interface
Interphase
and interface
Interphase
Interphase
Interphase

Type of interaction Thickness

𝐸int and 𝐺int

Element

Perfect
Perfect
vdW
Functionalized
vdW
vdW
Perfect

N/A
1.357 nm
0.17 nm
1.522 nm
0.17 nm
0.34 nm
0

N/A
10 × 𝐸𝑚 and 0.3 × 𝐸𝑚
Derived from LJ potential
From MD
Parametric
Derived from LJ potential
Different value

N/A
N/A
Truss rod
Beam
Joint element
Spring
Interface element

Perfect

Variable

Linearly between 𝐸𝑚 and 𝐸𝑛

N/A

vdW
Perfect
vdW

0.17 nm
0.15 nm
0.38 nm

Derived from LJ potential
1, 5, 10 and 15 GPa
Derived from LJ potential

Nonlinear spring
Solid
Truss rod

Giannopoulos et al. [25] considered the modulus of interphase as a function of the matrix and CNT’s modulus. In their
work, joint elements were used to simulate the interphase
between the CNT and the matrix in radial direction along
the nanotube. The results reveal a high dependence of the
longitudinal modulus of the nanocomposites on the stiffness
of the interfacial region. The high stiffness values of the joint
elements (perfect bonding between the CNT and matrix)
lead to the similar results obtained by the rule of mixture.
In contrast, when the nanotube is very softly bonded to the
matrix, no substantial enhancement in mechanical properties
is observed.
Montazeri and Naghdabadi [26] have used one-dimensional spring elements to model the interphase. They have
achieved the associated properties of the spring elements
from Lennard-Jones potential.
Kulkarni et al. [22] have studied the properties of the RVE
by considering the interface and the force region between the
nanotubes and the resin. They have used interface elements in
the modeling and used varied strength and investigated the
effect of that on the properties of RVE. They reported that
the modulus of the nanocomposite increases with increasing
interface strength. The rate of increase in the modulus of
the nanocomposite becomes smaller, as the interface strength
increases.
Needleman and his coworkers [28] calculated the properties of RVEs. They have simulated the interphase with a variable thickness and nonlinear properties between nanotubes
and the resin. They considered a perfect bonding between
the nanotubes and the resin and investigated the influence of
interphase strength on the properties of investigated RVE.
Shokrieh and Rafiee [29] proposed a model for interphase
where bonds between nanotubes and the resin would be
updated when the applied strain evolves. Consequently, the
model is called Adaptive vdW Interaction (AVI). They have
used nonlinear spring elements capturing vdW interactions.
In other words, when the applied strain is increased, the
instantaneous status of each vdW bond is updated in accordance with the governing equation of the vdW interaction.
They have observed that the rule of mixture will overestimate

the results. This stems from this fact that the rule of mixture
considers perfect bonding between CNT and polymer. The
results demonstrate the importance of considering vdW
based interphase.
Wernik and Meguid [31] offered the same model as
Shokrieh and Rafiee’s model for interphase. The only difference was that they used truss elements instead of spring
elements for interphase. They reported the same trend
reported by Shokrieh and Rafiee in comparison with the rule
of mixture.
Ayatollahi et al. [30] obtained properties of RVE considering interphase with 3 times the thickness of the carbon nanotube and different elastic moduli as 0.2, 2, and 20 GPa. They
investigated the effect of the interphase on the properties of
the RVE with different values of elasticity modulus of the
interphase. They found out that generally, by increasing the
modulus of interphase, the load transfer between CNT and
polymer will be improved and the modulus of nanocomposites will be increased.
An overview of the finite element modeling studies on
the interphase region between the CNT and the polymer is
presented in Table 3.
It can be seen from Table 3 that those who have assumed
the interactions between CNT and surrounding polymer take
place through force environment also used interface to simulate the interaction between CNT and polymer. They have
observed that increasing the interface strength leads to convergence of the modulus of nanocomposite to that obtained
by the rule of mixtures, since they are addressing perfect
bonding between CNT and polymer.
On the other side, when the interaction between CNT and
surrounding polymer is treated as a physical environment, an
interphase between CNT and surrounding polymer is modeled. The modeling of interphase appears either in the form of
intermediate material region between CNT and polymer or
in the form of connection links between CNT and polymer
capturing by spring, truss, or beam elements. The former is
called continuum modeling of interphase, while the latter is
called semicontinuum modeling of the interphase region.
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4. Conclusion
The modeling of interface/interphase region between the
CNT and the polymer is reviewed in this scientific review.
The theoretical studies are divided into two main groups:
atomistic modeling and continuum modeling.
Atomistic modeling can well capture the shear strength
and bonding energy of the interface between the CNT and
the surrounding polymer matrix in nanoscale. Moreover, the
obtained properties can be upscaled to the macroscale model.
The united atom (UA) and coarse grain (CG) methods are
promising solutions to extend the simulation to microscale.
However, the beads-incorporated simulation still requires a
huge amount of calculation and is limited to small length
scale compared to the continuum model. Moreover, obtaining the accurate nonlinear mechanical properties is one of
the limitations of using the CG method. As a consequence,
continuum modeling is used by different researchers to
overcome mentioned difficulties. But the degree to which the
continuum modeling can truly predict the actual behavior of
CNT at nanoscale has to be carefully studied.
Continuum modeling can be done either analytically
or numerically. The analytical modeling of the continuum
model usually considers simply perfect bonding between the
CNT and the surrounding polymer and tries to capture the
influence of the imperfect bonding between the CNT and
the polymer by introducing some correction factor in the
micromechanics rules.
The numerical continuum modeling which takes place
using FEM is divided into three main groups. The first
group takes into account the force interaction between
CNT and polymer through interface without considering
any distinct material region. In this group, the researchers
usually replace CNT with a continuum medium for sake of
simplicity, and thus their results approach the values reported
by rule of mixture. It is worth mentioning that the basic
assumptions of the rule of mixture are not valid for the case
of CNT. Micromechanics consider continuum medium for
the reinforcing agent, which is not pertinent to the case of
CNT, and also it assumes perfect bonding between CNT and
surrounding polymer when instead CNT naturally interacts
with the polymer through weak vdW interactions.
The second group considers an intermediate material
region between the CNT and the polymer as a continuum
medium and uses different values for the properties of
this distinct region. Both the thickness and the mechanical
properties of this region are under question in this category
of study, as the selection has no experimental basis. Almost
all studies selected Young’s modulus of the interphase region
as a varying parameter between Young’s modulus of resin and
CNT.
The first two groups can be also found in the field of
analytical modeling as well.
The third group uses different elements consisting of
joint, bar, truss, spring, and beam to construct the interaction
between the CNT and the surrounding polymer. The properties of these elements are obtained from molecular space,
and therefore equivalent structural members are employed.
Due to the specific fact that a continuum region has not been

Advances in Materials Science and Engineering
considered for the interphase region and actually continuum
elements are used for the purpose of molecular interaction,
this group of study is also called as semicontinuum modeling.
Instead of considering a continuum material region, just vdW
interactions or covalent bonds between CNT and surrounding polymer are simulated using continuum elements. The
former is the natural interaction between CNT and polymer
in the absence of chemical functionalization, while the latter
captures functionalized CNT. Semicontinuum modeling has
received more interest among researchers in the recent years.
It can be concluded that despite the fact that atomistic
modeling can provide an accurate result on local properties
and interactions between CNT and polymer, it is computationally intensive, and it is limited to very short time and
small length scales. However, continuum modeling can be
considered as a reasonable compromise in modeling, while
it is focusing on global behavior rather than local one.
Among developed continuum modeling, the more preferred
approach is semicontinuum modeling, wherein CNT is
treated as a lattice structure, and the interactions between
CNT and surrounding polymer are replaced by continuum
elements.
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With the advancement of testing tools, the ability to characterize mechanical properties of fiber reinforced polymer (FRP)
composites under extreme loading scenarios has allowed designers to use these materials in high-level applications more
confidently. Conventionally, impact characterization of composite materials is studied via nondestructive techniques such as
ultrasonic C-scanning, infrared thermography, X-ray, and acoustography. None of these techniques, however, enable 3D microscale
visualization of the damage at different layers of composite laminates. In this paper, a 3D microtomographic technique has been
employed to visualize and compare impact damage modes in a set of thermoplastic laminates. The test samples were made of
commingled polypropylene (PP) and glass fibers with two different architectures, including the plain woven and unidirectional.
Impact testing using a drop-weight tower, followed by postimpact four-point flexural testing and nondestructive tomographic
analysis demonstrated a close relationship between the type of fibre architecture and the induced impact damage mechanisms and
their extensions.

1. Introduction
During experimental analysis of impact behaviour of FRP
composites, it is common to use nondestructive/destructive
detection methods to investigate the induced damage modes
and their extension in test samples. Different nondestructive
methods have been used in the literature, from simple visual
methods [1–5] to more complex thermal- or electrical-based
[6–9] methods, ultrasonic C-scanning [10–13], and X-ray
imaging [14–16]. Each method has its own advantages and
disadvantages and may be suitable for a particular application/material type. Nevertheless, a common limitation of
these methods is that they are generally unable to give a full
3D image of the interior part of the material, hence making
it difficult to provide complete information regarding the
location and extent of different damage modes such as matrix
cracking, fiber breakage, fiber pull-out, fiber-matrix debonding, and delamination. On the other extreme, the destructive

methods have been of less desire for sensitive applications as
they can be the source of additional damage in the impacted
zone of structures such as fiber breakage, fiber pull-out, or
delamination growth. The previous shortcomings can be well
addressed by using today’s advanced X-ray microtomography
techniques (XMTs), which is the main focus of this paper.
Namely, the present work aims at a detailed comparison of
damage state in impacted woven fabric and unidirectional
thermoplastic laminates via XMT, thereby arriving at a
correlation between the observed damage distributions and
the underlying reinforcement type.
1.1. Historical Background. X-ray microtomography technique (XMT) is known as a nondestructive technique for
3D microstructure reconstruction and visualization of the interior parts of objects with a resolution in the order of
micrometers. Johann Radon, a Czech mathematician, was
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Figure 1: (a) Schematic of macrotomography used in medical examinations; (b) helical body scanning [17].

Figure 2: A high precision saw cutting the composite sample in the
mid plane where the damage zone is present.

the first scientist who conceived a mathematical solution
for the reconstruction of X-ray images in 1917 [17]. Allan
Cormack, a South African physicist, continued the previous work and developed an algorithm for the geometrical
reconstruction problem at Tufts University in 1964. Following this, Godfrey Hounsfield built the first CT (computed
tomography) scanner at EMI Research Labs in the UK in
1972. It is worth mentioning that Cormack and Hounsfield
received Nobel Prize in 1979 because of their contributions
in building the first CT scanner and its effect on medical
imaging applications [17]. Figure 1 shows a schematic of the
macrotomography technique that today is used in medical
examinations. Medical CT scanners use a point source Xray and an array of detectors. The patient body is inserted
into the machine chamber. At the same time X-ray source
and detectors rotate around the body and collect the X-ray
images, that is, helical body scanning.
Because of the sensitivity of human body to high radiation
exposure, the energy and dosage of X-rays in these machines
are set to be low and as a result the ensuing image resolutions
are often low [18]. This limitation led Elliot and Dover in
1982 to build a more precise machine with higher exposure
capability and image resolution (12 𝜇m) for industrial applications and microanalyses [19]. Another difference between
the industrial microtomography machines (XMT) and the
medical CT scanners is that the X-ray source and detectors
in XMT machines are stationary and the sample rotates.
Depending on the need, one can set the machine to take
several thousands of scans in a complete rotation of the

Figure 3: Comparison between the real impacted sample and
the images obtained from nondestructive microtomography and
destructive optical microscopy; red circles are to show comparable
damage zones captured by the two methods.

sample between 0∘ and 360∘ . Subsequently, postprocessing
software is used to reconstruct the 3D image of the sample
which contains all geometrical information of the interior
microstructure.
1.2. Example of XMT for Composites. Before presenting the
conducted case study, let us illustrate a general example of an
XMT image (obtained by Xradia microXCT-400 machine)
as compared to an image obtained from the same sample
through a destructive method. Namely, an impacted composite sample was cut with a slow speed diamond saw (Figure 2)
and the cross-section of the impacted zone was examined
by an optical microscope (Figure 3). In the nondestructive
counterpart of this analysis, the specimen needed no physical
cutting and the XMT image (Figure 3) shows a slice (virtual
cut) of the 3D image of the material microstructure in
the midplane. The comparison of the two images shows
that microtomography has captured the interior damages
reasonably well. Slight differences between these images can
be due to the damage induced during the cutting process in
the destructive method (microscopy) such as fiber breakage,
fiber pull-out, cracking, compressing or opening the delaminated layers, which in turn implies an advantage of using
tomography as a nondestructive method. Additionally, in
the destructive method the cut sample may not be used for
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Figure 4: Example of the histogram of XMT analysis in an impacted laminate; the varying severity of fiber distortion, matrix cracking, and
delamination can be noticed depending on the distance from the impact center.
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Figure 5: Set-up used during (a) the drop-weight impact testing and (b) postimpact four-point bending.

further investigations at different planes, whereas in the XMT
the virtual cutting plane can be moved over the sample to
scrutinize the microstructure in arbitrary sections. Figures
4(a) to 4(d) show the trend (histogram) of such interactive
analysis for four different cutting planes (namely, at different
distances from the specimen center). Each XMT slice has four
subimages (top, front, and left views). The cutting planes are
shown by red, blue, and green lines. Figure 4(a) reveals the
damaged cross-sections when the top and left cutting planes
(blue and red lines) are far from the impact center as noted
in the front view. Figure 4(b) shows the tomography slice

when the top cutting plane (blue line) was placed near the
impact center. In Figure 4(c), the left cutting plane (red line)
was moved towards the impact center and in Figure 4(d) the
left cutting plane was almost at the center where most of the
damage is noticed from the side view.

2. Case Study
2.1. Sample Preparation. Two sets of test samples were prepared using vacuum bagging to laminate 12 layers of polypropylene/E-glass preform (with a fiber volume fraction
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Figure 7: Rear face of the PW and UD samples subjected to 200 J impact energy.
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mechanical properties due to the impact event. All the results
presented in the next sections are normalised with respect to
the fiber volume fraction.

Ultimate ﬂexural strength
(MPa)

300
262
250
213
200

2.3. Results of the Impact and Postimpact Bending Tests.
Figures 6(a) and 6(b) show the average contact force and
displacement of projectile from repeats of the test. In comparison to UD samples, Figure 6(a) suggests that PW has exerted
more force to the impactor. The energy has been calculated
via

163
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After 200 J impact

Before impact

𝐸 (𝑡) = ∫

𝑥(𝑡)

0

[(PW)6]s
[(UD0/90)3]s

Figure 8: Ultimate flexural strength comparisons before and after
impact tests on UD and PW laminates.

of 60%–70%) using two different reinforcement patterns
including the plain woven (PW) and unidirectional (UD).
The laminates’ size was chosen for impact testing based on
ASTM D7136 [20] with a rectangular shape (150 × 100 mm)
and the total thickness of 6 mm.
2.2. Impact and Postimpact Flexural Testing. Each composite
laminate type (PW or UD) was tested under a drop-weight
tower (Figure 5(a)). Impact tests were conducted using
Dynatup Model 8200 impact machine with a hemisphere
projectile of 1 inch in diameter and 12.26 kg mass. Each test
was repeated twice and all four sides of the specimens were
completely clamped during the impact event. The impact
energy was kept constant at 200 J. Force history during
the impact event was collected by a load cell, a quartz
piezoelectric force sensor, mounted on the impactor. The
acceleration of impactor as a function of time, 𝑎(𝑡), was
calculated by Newton’s second law of motion (1) from the
collected force history 𝐹(𝑡) and the impactor mass 𝑚:
𝐹 (𝑡)
.
𝑚

𝑎 (𝑡) =

(1)

The velocity V(𝑡) and displacement of impactor 𝑥(𝑡) were
found by numerical integration as
V (𝑡) = V0 + 𝑔𝑡 − ∫

𝑡

0

𝑡

𝐹 (𝑡)
𝑑𝑡,
𝑚

(2)

𝑥 (𝑡) = ∫ V (𝑡) 𝑑𝑡,
0

where V0 is the velocity of impactor at the time of hitting
the sample measured by an infrared velocity detector; see
[21] for more details of drop-weight test kinematics. After
impact testing, a postimpact four-point flexural experiment
(Figure 5(b)) was conducted on each specimen. The motivation was to study the postimpact resistance of the impacted
composite laminates for their potential application, for
example, as a highway guardrail between inspection/repair
intervals and also to find the deterioration of their effective

𝐹 (𝑡) 𝑑𝑥

(3)

where 𝐹 is the reaction (contact) force and 𝑥 is the
impactor displacement. Figure 6(c) shows the average energy
of impactor for the two experiments. Subtraction of the
energy of impactor at the time of hitting the sample (200 J)
from that at the rebounce indicates the dissipated energy
due to permanent damage in the material. This energy is
represented by the area trapped between the penetration
and rebound curves in Figure 6(b) or the final flat energy
level in Figure 6(c) after about 8 ms. According to these
diagrams, UD laminates have absorbed more energy than
PW laminates. Hence, it may be concluded that the absorbed
energy has been decreased by increasing the reinforcement
waviness from unidirectional to plain weave pattern, given
comparable laminate thicknesses and fiber contents.
Figure 6(d) shows the average results of flexural testing
for impacted samples. It confirms that the impacted plain
woven composite has withstood postimpact bending forces
much better than the impacted unidirectional composites.
For comparison purposes, the four-point flexural testing was
also performed on PW and UD healthy samples (i.e., before
impact damage). Accordingly, Figure 8 indicated that the
deterioration percent of ultimate flexural strength due to
impact is 19% for the PW material and 32% for the UD
material. This result is in agreement with the energy results in
Figure 6(c): the more the absorbed energy by the material, the
higher the deterioration of effective mechanical properties of
the sample after the impact. Hence, we can conclude that UD
samples have been damaged more severely than PW samples
under impact. However a question would then be why is the
visible (exterior) damage in PW samples much more apparent
than UD samples as illustrated in Figure 7? XMT technique
was employed to answer this question as it can illustrate the
interior damage of the samples.
2.4. XMT Results. As addressed earlier, X-ray microtomography tests were conducted using Xradia microXCT-400
machine with sample dimensions of 6 × 40 × 120 mm.
Table 1 shows the acquisition parameters and the test set-up
used during tomography. Images obtained by this technique
comprised 1024 × 1024 pixels of 33.57 𝜇m.
Figures 9(a) and 10(a) show the XMT images of PW and
UD laminates at selected cross-sections. Figures 9(b) and
10(b) show a 25 mm × 10 mm window cropped from the top
and left cross-section views of PW and UD specimens. Fiber
layers are also marked in these images. Figures 9(c) and 10(c)
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(a)

Figure 9: (a) XMT image of the impacted PW laminate (top view at the impact center, left view at 10 mm from the impact center, and front
view close to the rear side of impact), (b) enlarged top view within a cropped window of 25 mm × 10 mm, and (c) the processed image of top
view at the impact center (for subsequent damage quantification purposes).
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fibers
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Figure 10: (a) XMT image of impacted UD laminate (top view at the impact center, left view at 10 mm to the impact center, and front view
close to the rear side of impact), (b) enlarged left view within a cropped window of 25 mm × 10 mm, and (c) the processed image of left view
at the impact center.

Table 1: Tomography acquisition parameters used during imaging.
X-ray source

Detector

Power = 10 watt Magnification
Voltage = 62 kV = 0.39 X
Current = 155 𝜇A Filter: No

Tomography setup
No. of radiographs = 630
images
Angle of rotation: −110∘ to
110∘
Illumination time = 1 s per
radiograph

represent Figures 9(b) and 10(b) after image processing using
Buehler Omnimet 9.5 software. The image processing enabled
measuring the damage areas quantitatively. The green and
dark red regions in Figures 9(c) and 10(c) indicate the healthy

and damaged regions, respectively. Figure 9(c) suggests the
presence of several delamination sites, matrix crushing, and
separations (branching) of fiber bundles within inner layers.
This view also shows fiber breakage of two layers close to the
impact center as well as a large delamination between the
third and fourth layers.
A set of virtual rulers were placed in the top and left
views of both Figures 9(a) and 10(a) with the total lengths
of 28, 24, . . .,4 mm. These rulers were used as indicators for
subsequent image analyses to cut the 3D XMT images from
−14 mm to +14 mm distance from the impact center with
a spacing of 2 mm. Images obtained from these cuts on
one side of the impact center are presented in histogram
forms (Figures 11 and 12). The useful length of field of view
in collected tomography images was considered to be 20 mm
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Figure 11: XMT top view histogram of the impacted PW and UD laminates.
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Figure 12: XMT left view histogram of the impacted PW and UD laminates.
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Delaminations

Crack

Figure 13: A cross-section of the impacted UD laminate showing a
large through-thickness crack and clear delamination sites. A similar
crack was observed in all test repeats for this material.
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Figure 14: Area fraction of damaged zones in the impacted UD and
PW samples, as function of distance from the impact center.

(to avoid edge effects that deteriorate the image resolution);
hence the results in Figures 11 and 12 were included up to
10 mm (on one side) from the impact center.
Comparing results in Figures 11 and 12, it is first noticed
that the states of damage at the top and left cross-sections
are not generally identical, given the same cut distance from
the impact center (specially for the UD sample). This is
most likely because of the nonsymmetric impact boundary
condition during the drop-weight tests due to the nonsquare
shape of the fixture (130 × 80 mm). Expectedly, cracks and
delaminations have been propagated longer in the direction
with larger specimen dimension, which lays on the left view

of tomography images. As the cutting plane goes farther from
the impact center, we notice that the PW sample appears to be
more and more undamaged (comparable to the healthy state).
For UD laminates, from Figure 10(a), no severe local
damage is observed under the impact center. There were,
however, well-distributed small dark regions (dots) on the
top view (see Figure 11 for results). Each of these dark
regions would correspond to a delamination which can be
traced in the corresponding left view in Figure 12. It was
interesting that, in contrast to the PW laminate, if we go
far from the impact center (up to 10 mm which was the
maximum useful field of view), there still exits evidence of
some locally delaminated zones in the UD laminate and
their intensity does not decrease rapidly. This means that
the extent of damage in the UD laminate in the form of
several microdelaminations would be higher than that in
the PW sample. Comparing the top view histograms of
UD and PW laminates in Figure 11, another main difference
between the two impacted materials is revealed: a very large
through-thickness crack and fiber breakage have occurred
in the UD laminate starting from the impacted face of the
sample (marked with a white arrow in Figure 13). In fact, the
calculated larger magnitude of absorbed energy in the UD
laminate, 57.218 J versus 36.2 J for the PW sample, also shown
in Figure 6(c), could be linked to this large through-thickness
crack and fiber breakage in addition to the aforementioned
distributed local delaminations across the sample. It should
be added that a similar crack was visible in all test repeats of
the UD material. Relating to the reinforcement architecture,
the high waviness in the plain woven laminates would act as a
barrier against impact pulse. On the other hand, flat UD fibers
have allowed the impact wave to propagate from the center to
the structure more easily without a large local damage under
impactor.
Figure 14 shows the area fraction of damaged regions
(dark zones) obtained quantitatively from processed images
in Figures 11 and 12. Each data point in Figure 14 has been
calculated from the average response of the two crosssections located symmetrically with respect to the impact
center. According to the observed trends, the inner damaged
area of PW samples decreases linearly by the distance from
the impact center. Interestingly, in contrast to the PW sample,
the damage faction of the UD sample has not varied notably
by the distance from the impact center—it is nearly constant
after 2 mm across the sample within the given field of view.
This result, in turn, confirms that the damage distribution has
been more uniform in the UD sample. Also Figure 14 suggests
that the damage fraction of UD samples has been overall
lower than PW samples. On the other hand, as discussed in
the previous sections, the deterioration of effective mechanical properties from the healthy to impacted samples has
been more severe in the UD material (also this material has
absorbed more energy as shown in Figure 6(c)). This means
that for impact damage analysis and its linkage to the residual
mechanical properties in the samples, next to the damaged
area, one should look into other associated parameters. One
of these key parameters is the corresponding damage mode to
each damaged area. Although there is no evidence of severe
local damage under impact centre in UD samples, the very
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large through-thickness brittle crack and the associated fiber
breakage mode, along with the distrusted delaminations, have
played a significant role in the absorption of impact energy in
this material.
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As a surface coating technique, laser cladding (LC) has been developed for improving wear, corrosion, and fatigue properties of
mechanical components. The main advantage of this process is the capability of introducing hard particles such as SiC, TiC, and WC
as reinforcements in the metallic matrix such as Ni-based alloy, Co-based alloy, and Fe-based alloy to form ceramic-metal composite
coatings, which have very high hardness and good wear resistance. In this paper, Ni-based alloy (Colmonoy 227-F) and Tungsten
Carbides/Cobalt/Chromium (WC/Co/Cr) composite coatings were fabricated by the multilayer laser cladding technique (MLC).
An optimization procedure was implemented to obtain the combination of process parameters that minimizes the porosity and
produces good adhesion to a stainless steel substrate. The optimization procedure was worked out with a mathematical model that
was supported by an experimental analysis, which studied the shape of the clad track generated by melting coaxially fed powders
with a laser. Microstructural and microhardness analysis completed the set of test performed on the coatings.

1. Introduction
Increasing attention is given to metal matrix composites
(MMC) consisting of hard and brittle carbide particles
embedded in a tough metal binder. Carbide-metal matrix
composite materials are characterized by a high resistance
to all types of wear. It is due to a positive combination of
properties given by hard phase particles included in a tough
matrix, capable of reducing stresses by plastic deformation.
The superior wear resistance of Tungsten Carbide and in
particular of WC/W2 C or WC-Co as hardfacing material is
well known, while Co- or Ni-based alloys are mostly used as
binders.
Laser cladding is capable of producing a wide range of
surface alloys and composites of required properties [1]. In
the last years, LC has shown a growing interest due to its
capability of introducing hard particles such as SiC, TiC, and
WC as reinforcements in the metallic matrix such as Ni-based
alloy, Co-based alloy, and Fe-based alloy to form the ceramicmetal composite coatings, which have very high hardness and
good wear resistance [2–7].

Nickel-based alloys have a unique combination of properties that enables them to be applicable in a variety of applications. Specifically, Nickel-based alloys coatings, with high
bonding strength, a better corrosion behavior, and excellent
resistance to adhesive and abrasive wear, have promising
applications in engineering [8].
Laser cladding with metal-WC composite coating has
shown high potentiality for enhancing wear resistance since
WC combines high hardness, low coefficient of thermal
expansion, good plasticity, and wettability by molten metals.
Several works can be found in the literature on the laser
cladding processing of Nickel-based and WC composite
coatings.
Chen et al. [9] presented an investigation on laser cladding of a composite alloy powder consisting of 35% WC particles and Ni-Cr-B-Si alloy on mild steel substrate, producing a
high resistance composite coating with a strong metallurgical
bond and minimal dilution.
Wu et al. [10] demonstrated that high-quality Nickelbased and 60% WC composite coatings can be produced
controlling laser cladding processing parameters.
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Table 1: Nominal chemical composition of the powders used in experiments.

Alloy (wt%)
Colmonoy 227-F
WC/Co/Cr (Sintered T311)

B
0.80
—

C
0.03
—

Laser

Translation
speed (TS)

Motion
path

Molten
pool

𝑍

𝑌

Co
—
10

Substrate
𝑋

Cr
0.30
4.0

Fe
0.04
—

Ni
Bal.
—

Si
2.51
—

WC
—
86

In the present investigation, the Ni-based WC/Co/Cr
composite coatings made by the multilayer laser cladding
technique were studied. An optimization procedure, which
used a mathematical model, was applied. The mathematical
model, based on previous research studies [15–18] allowed
calculating the optimal values of the laser translation speed
and of the hatch spacing between adjacent vectors and
between layers of the deposited material. The presented
methodology allowed selecting the optimal combination of
parameters that produced low porosity, crack-free, and good
bond between the layers of the coatings.

2. Materials and Methods
Dilution
zone

Clad

Heat-affected
zone (HAZ)

Figure 1: Schematic representation of the laser cladding process.

Van Acker et al. [11] explored laser cladding of NiWC/W2 C MMC coatings on low carbon steel substrates,
using a CO2 laser. They made different coatings with three
different particle sizes of the carbides and volume fractions
ranging from 0% up to 50%. A clear dependency of the wear
resistance on the carbide concentration was found, which was
more pronounced for the coatings with the finest WC/W2 C
carbides. They found that a small amount of carbides is
sufficient to improve the wear resistance drastically.
Zhou et al. [12–14] investigated the relationships between
some processing parameters (i.e., laser specific energy, powder density, preheated temperature of substrate, and types
of substrate) and the structure characteristics of Ni-based
WC composite coatings during laser induction hybrid rapid
cladding (LIHRC), finding that crack-free composite coatings
with smooth surface and good profile can be prepared by
LIHRC on the different substrates.
In LC, laser beam is focused and moved on the top surface
of the substrate producing a molten pool where a metal
powder flow is injected. Powder totally melts and then quickly
resolidifies creating a track, characterized by high density and
by good bonding to the substrate. The first layer is realized
depositing tracks one next to the other, with a designated
amount of overlap (Figure 1). After the deposition of the
first layer, in multilayer laser cladding (MLC), the laser head,
which includes focusing lens and powder delivery nozzle, is
raised in the positive 𝑍-direction and starts deposition of the
second layer. Therefore, process recurs, line-by-line and layerby-layer, until the entire component is built up.

2.1. Experimental Setup and Materials. A mixture of 30% Colmonoy 227-F and 70% WC/Co/Cr powders was used as the
coating material. The composition of both powders is listed in
Table 1. Colmonoy 227-F is a commercially available product
of Wall Colmonoy consisting of Ni alloy with maximum
particle diameter of 106 𝜇m. This material, characterized
by an elevated hardness (22–27 Rockwell C), a density of
8.53 g/cm3 , and a melting point of 915∘ C, is able to tolerate
extreme job conditions because of its elevated resistance to
abrasion, corrosion, stresses, and high temperatures [19–21].
The other material is Sintered T311, commercially produced by MBN Nanomaterialia S. p. A. (maximum particle
diameter 49 𝜇m). This powder is characterized by an elevated
amount of WC (about 86% wt) and by the presence of Co
(10% wt) and Cr (4% wt).
The substrate material consisted in AISI 304 steel.
The equipment used for cladding was a 3 kW CW CO2
laser system, together with a powder supply system consisting
of a pneumatic conveyor, a splitter, used to mix and divide the
flow into three equal flows of carrier gas and powder mixture,
and, finally, a coaxial nozzle having the function to direct the
three powder flows coming from the splitter in the weld pool.
In order to optimize the process parameters, a mathematical model based on previous research studies [15–18]
was implemented. In detail, the model allowed calculating
optimal values of translation speed of the laser beam (TS) and
of hatch spacing between adjacent vectors (𝑆𝑥 ) and between
layers (𝑆𝑧 ) of the deposited material (Figure 2). The other
process parameters were kept constant.
The laser beam was set to 2.4 kW and laser spot diameter
to 2 mm. Argon was used as shielding gas with a flow rate of
12 L/min and helium was used as carrier gas with a flow rate
of 5 L/min. The powder mixture of the two kinds of materials
was created in the splitter. The total powder feed rate PFRtot
of the powder mixture was 9.3 g/min.
2.2. Optimization Model. The mathematical model used in
this work is based on the following hypotheses [15–18].
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(1) The deposition process is stationary: the quantity of
powder at each deposited track is identical; the crosssection area of each track is uniform.
(2) The cross-section of the deposited track is geometrically similar, with some degree of approximation,
to an arc of circumference of height 𝐻 and width 𝑊
(Figure 2). The area of this section is also calculated as
a function of the only variable 𝑊, once fixed a certain
value of the ratio between 𝐻 and 𝑊 (𝑅𝐻/𝑊). This
approximation is justified, neglecting gravitational
forces and the variation of the density of the melt
zone with the temperature and with the concentration
of alloy components. In fact, if the surface tension
remains constant, the balance of forces that occurs at
the interface molten zone/air ensures that its profile
has radius constant 𝑟.
(3) The width 𝑊 and the deposition efficiency 𝜂 (defined
as the ratio between the amount of deposited material
and used powder) are linearly dependent on the
translation speed TS.
Therefore, knowing the value of the density (𝜌) of the
material to be deposited and the set of the other process
parameters, including PFRtot , 𝑃, and 𝑑, it is possible to
calculate the value of TS, to guarantee, with a small margin of
error, the desired size of the cross-section of the single track.
Moreover, knowing values of 𝑊 and 𝐻, it is possible to
calculate the value of the hatch spacing between adjacent
tracks (𝑆𝑥 ), along the 𝑋-direction, which ensures a certain
geometric regularity of the final surface of each deposited
layer. Additionally, it is possible to calculate an optimal value
of the hatch spacing between adjacent layers of material (𝑆𝑧 ),
along the 𝑍-direction. This value has to guarantee a degree
of overlap (O% ) which maximizes the relative density of
deposited tracks and that produces a good adhesion between
different layers.
In detail, according to the above hypothesis 1, it is possible
to introduce the following equation:
(1)

where 𝐴 ABC , 𝐴 BDEC , and 𝐴 BDFG are the areas of specific
regions, as illustrated in Figure 3.

O

O



𝑅

Figure 2: Schematic drawing of the cross-section of a deposited
specimen.

𝐴 ABC = 𝐴 BDEC = 𝐴 BDFG = 𝐻 ⋅ 𝑆𝑥 ,

G

𝑆𝑧

𝑆𝑧

𝑊/2

Figure 3: Graphic representation of the mathematical model to
calculate the optimal 𝑂% .

In addition, it is possible to calculate the cross-sectional
area (mm2 ) with the following relation:
2

𝐴 ABC = (

2 ⋅ (𝑊/2) ⋅ 𝐻
(𝑊/2)2 + 𝐻2
)
) ⋅ arcsin (
2⋅𝐻
(𝑊/2)2 + 𝐻2

𝑊 (𝑊/2)2 − 𝐻2
−( )⋅
.
2
2⋅𝐻

(2)

Finally, it is possible to obtain optimal values of 𝑆𝑥 (mm)
and of O% with the following relations:
2

𝑆𝑥 =

𝐴 ABC
2 ⋅ (𝑊/2) ⋅ 𝐻
1 (𝑊/2)2 + 𝐻2
)
= (
) ⋅ arcsin (
𝐻
𝐻
2⋅𝐻
(𝑊/2)2 + 𝐻2
−(

𝑊 (𝑊/2)2 − 𝐻2
,
)⋅
2
2 ⋅ 𝐻2
𝑂% =

𝑊 − 𝑆𝑥
⋅ 100.
𝑊

(3)
(4)

According to Zhang et al. [16], the best results can be
obtained for values of 𝑅𝐻/𝑊 lower than a critical value 𝐻𝑐 =
1/3, as shown in the following:
𝑅𝐻/𝑊 =

𝐻
1
≤ 𝐻𝑐 = .
𝑊
3

(5)

2.3. Calculation of the Model Coefficients. The hypothesis of
linear dependence of the width 𝑊 on the translation speed
TS can be demonstrated by means of (6) [16]:
𝑊 (TS) = 𝑎𝑤 ⋅ TS + 𝑏𝑤 .

(6)

Single-track clads were realized by LC on three AISI
304 plane substrates (Figure 4) in order to estimate the
coefficients 𝑎𝑤 and 𝑏𝑤 .
Three values of the translation speed TS were chosen
(500–750–1000 mm/min) to perform the three single-track
clads shown in Figure 4. Then, the single-track widths 𝑊𝑖
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(a)

(b)

(c)

Figure 4: Samples made to detect the single-track clads widths 𝑊𝑖 at different translation speeds.

Table 2: Single-track clad width values obtained at different translation speeds.
𝑊1 (mm)
3.30

𝑊2 (mm)
2.51

𝑊3 (mm)
2.42

2.4. Calculation of the Optimal Translation Speed. The density
of the powder mixture (𝜌mix ) was calculated by (13) as the sum
between the weighted average densities of the two powders,
adopted as their weights wt% within the mixture:
𝜌mix =

were measured. Their values, shown in Table 2, allowed to
calculate 𝑎𝑤 and 𝑏𝑤 :
𝑊 = −1.76 ⋅ 10−3 ⋅ TS + 4.06.

(7)

The same process parameters were used to create other
three samples, obtained by depositing six clads of the composite material on the AISI 304 substrate. The purpose was to
obtain the coefficients (𝑎𝜂 , 𝑏𝜂 ) of (8), which shows the linear
dependence of the deposition efficiency 𝜂 on the translation
speed TS:
𝜂 (TS) = 𝑎𝜂 ⋅ TS + 𝑏𝜂 .

𝑀deposit = 𝑀tot − 𝑀substrate ,
𝑀powder

PFRtot
=
⋅ 𝐿 tot ,
TS

(9)
(10)

where 𝑀tot (g) is the total mass measured by weighing the
sample after the laser deposition, 𝑀substrate (g) is the plate
weight measured before the laser deposition, and 𝐿 tot (mm)
is the total length of the six clads. Hence, it was possible to
calculate the average deposition efficiency 𝜂 as follows:
𝜂=

𝑀deposit
𝑀powder

.

(11)

The results in Table 3 allowed calculating both 𝑎𝜂 and 𝑏𝜂
using
𝜂 = −2.69 ⋅ 10−4 ⋅ TS + 0.755.

(12)

(13)

A value of 12.2 g/cm3 was found for 𝜌mix .
Equation (14) [15] shows the relationship between the
powder feed rate PFRtot (g/min), the density 𝜌mix , the clad
cross-section area 𝐴, and the deposition efficiency 𝜂:
PFRtot =

𝜌mix ⋅ TS ⋅ 𝐴
.
𝜂 ⋅ 1000

(14)

The clad cross-section area 𝐴 (mm2 ), defined by (2), can
be expressed as a function of 𝑊 and 𝑅𝐻/𝑊, as indicated in the
following:

(8)

The masses of the deposited material and of the feed
powder were derived, for each sample, from (9) and (10),
respectively:

𝜌Col ⋅ %Col 𝜌𝑇311 ⋅ %𝑇311
+
[g/cm3 ] .
100
100

𝐴=[

2
𝑅𝐻/𝑊
1
𝑊
⋅ ( + 𝑅𝐻/𝑊2 )] ⋅ arcsin (
)
2 ⋅ 𝑅𝐻/𝑊 4
1/4 + 𝑅𝐻/𝑊2

−

𝑊2
1
⋅ ( − 𝑅𝐻/𝑊2 ) .
4 ⋅ 𝑅𝐻/𝑊 4
(15)

The 𝑅𝐻/𝑊 was set at the value 1/3, as indicated in the
following:
𝑅𝐻/𝑊 =

𝐻 1
= .
𝑊 3

(16)

Finally, after setting values of PFRtot (9.3 g/min) and of
𝜌mix (12.2 g/cm3 ) and solving the system of (7), (12), (14),
(15), and (16), the optimal TS value was discovered (TS =
170 mm/min).
Later on, in order to check the mathematical model
validity, a single clad was produced setting 𝑃 = 2.4 kW,
PFRtot = 9.3 g/min, and TS = 170 mm/min. The real height 𝐻
and the width 𝑊 of the single clad were measured, and the
experimental value 𝑅𝐻/𝑊 = 0.37 was found. This value was
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Table 3: Average deposition efficiency 𝜂 at different translation speeds.
𝐿 tot (mm)
602.16
601.68
603.00

TS (mm/min)
500
750
1000

𝑀sub (g)
324.00
325.50
325.75

𝑀tot (g)
331.00
330.00
328.50

𝑀dep (g)
7.00
4.50
2.75

𝑀powder (g)
11.20
7.46
5.61

𝜂
0.62
0.60
0.49

Table 4: Comparison between the experimental 𝑅𝐻/𝑊 value and the set theoretical one.
𝐻(calc) (mm)
1.25

𝑊(calc) (mm)
3.75

𝑅𝐻/𝑊(calc)
1/3

𝐻 (mm)
1.33

𝑊 (mm)
3.60

𝑅𝐻/𝑊
0.37

𝐸%
9.9

Table 5: Process and geometrical parameters.
𝑃
(W)

PFRtot
(g/min)

TS
(mm/min)

𝑆𝑥
(mm)

𝑆𝑧
(mm)

Number of tracks
(odd layers)

Number of tracks
(even layers)

Number of
layers

2400

9.3

170

2.65

0.79

4

3

4

compared with the theoretical value 𝑅𝐻/𝑊(calc) = 1/3 (16), and
the percentage error 𝐸% , defined by (17), was calculated and
found to be equal to 9.9%. Results are shown in Table 4:


𝑅𝐻/𝑊(calc) − 𝑅𝐻/𝑊
⋅ 100.
𝐸% = 
𝑅𝐻/𝑊

(17)

Since the percentage error E% was maintained below 10%,
the mathematical model was considered reliable. This result
is in line with the one found by Angelastro et al. [17] that
used the same methodology to determine optimal deposition
parameters for Colmonoy 227-F, determining a percentage
error 𝐸% of 7.4%.
2.5. Multilayer Composite Sample Fabrication. A multilayer
sample, consisting in the LC deposition of four layers of the
composite powders on AISI 304 steel substrate, was prepared.
Every layer consisted of tracks all parallel to each other; in
detail the first and the third layers (odd layers) were produced
by four tracks and the second and the fourth layers (even
layers) by three tracks.
The optimal process parameters, derived from the previous mathematical analysis, were used for the fabrication of
the sample. The optimal geometrical parameters, consisting
in determining values of hatch spacing 𝑆𝑥 (mm) and 𝑆𝑧
(mm), defined in Figure 3, were calculated by (18) (𝑅 is the
circumference radius). Process and geometrical parameters
used in the fabrication of the multilayer composite sample are
summarized in Table 5.
𝐴 ABC
,
𝐻

(18)

𝑊2
1
(
+ 𝐻2 ) ,
2 ⋅ 𝐻
4

(19)

𝑆𝑥 =
𝑅=

𝑆𝑧 = √ 𝑅2 − (

𝑆𝑥 2
) − 𝑅 + 𝐻.
2

(20)

Figure 5: Sample section view.

3. Analysis of Results
The implementation on an analytical model allowed determining the optimal translation speed and hatch distances
between adjacent vectors (𝑆𝑥 ) and between layers (𝑆𝑧 ) to
obtain well-shaped multilayer composite deposits on a stainless steel substrate.
The multilayer sample was cut, polished, and etched for
macro- and microstructure examinations along the transverse cross-section. An optical microscope was used to
analyse the macro- and microstructure of the sample.
The macrostructure of the transverse cross-section is presented in Figure 5. The macrostructure of the cross-section
reveals a pattern of layer-by-layer deposition. Moreover the
deposited material appears free of cracks and with a limited
number of pores. Specifically, the analysis of porosity was
performed using an image processing software. A maximum
porosity of 0.24% was found with an average pore diameter
of 0.29 mm.
The interface with the AISI 304 substrate was wavy and
showed metallurgical bonding (Figure 6(a)).
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50 𝜇m

100 𝜇m

(a)

(b)

Figure 6: (a) Interface between the deposited material and the AISI 304 substrate (200x magnification); (b) microstructure of the deposited
material (400x magnification).
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Figure 7: Microhardness profile of the multilayer laser cladding
deposit.

Figure 6(b) shows the image of the 30% Colmonoy-70%
T311 laser cladding. It can be seen that there is a matrix of
Cobalt and Nickel that separates the carbide particles. The
sharp edges of the WC are clearly visible. The distribution of
WC particles in the matrix is uniform.
The average microhardness of the deposited composite material was measured at various locations along the
transversal section of the sample using a Vickers indenter
Remet HX1000 applying a 300 gf load for 15 s. Figure 7
shows the microhardness profile along the cross-section of
the deposited layers on the base metal. It can be seen that
the average microhardness of the bulk composite coating
(approximately 700–720 HV) is about 3.5 times as much
high as that of the stainless steel substrate (approximately
206 HV). The increase of the hardness can be attributed to
the formation of WC hard phases, which are homogeneously
dispersed in the matrix.

4. Conclusion
Ni-based alloy (Colmonoy 227-F) and Tungsten Carbides/
Cobalt/Chromium (WC/Co/Cr) composite coatings were
fabricated by MLC on AISI 304 steel substrate. A mathematical model was used to calculate optimal values of the laser

beam translation speed (TS) and of the hatch spacing between
adjacent vectors (𝑆𝑥 ) and between layers of the deposited
material (𝑆𝑧 ).
A uniform distribution of WC particles was observed in
the matrix of Cobalt and Nickel, which allowed reaching a
microhardness of approximately 700–720 HV in the composite laid down material. The increase in the hardness profile
was attributed to the formation of a hard phase during the
laser cladding process.
The deposited layer had a maximum porosity of 0.24%.
The composite coating was crack-free and characterized by
good adhesion with the substrate and between layers.

References
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Three primary pigment/poly(n-butyl acrylate-co-styrene) (P(BA+St)) nanocomposites were prepared via encapsulation of the
corresponding organic pigments via the miniemulsion technique. The resulting latexes of the P(BA+St)/pigment nanocomposites
were filmed in a PTFE mould or printed onto cotton fabric. The morphology of the P(BA+St)/pigment nanocomposites and the
dispersion of pigment particles in the latex film and on the printed fabric surface, as well as the adhesion between pigment and
adhesive film, were evaluated by transmission electron microscopy (TEM), field emission scanning electron microscopy (FESEM),
3D digital microscope system (3D-POM), and printing results tests. Attributing to the preprotection of adhesive polymer shell,
the self-adhesive P(BA+St)/pigment nanocomposites were homogeneously and firmly dispersed both in the thin latex film and
in the adhesive layer on the fiber surface. As a result, the color strength, color fastness, and handle of the fabrics printed by the
P(BA+St)/pigment nanocomposites latex were significantly improved, compared to the fabrics printed by the conventional pigment
blended latex.

1. Introduction
Organic pigments have been widely used in coating, paint,
and printing industries due to their numerous advantages in
photosensitivity, color strength, transparency, and so forth.
However, organic pigments are difficult to be wetted and
dispersed in water or in a polymeric film on a target matrix
surface [1]. Thus, a large amount of dispersers and adhesives
is normally required to promote the dispersion of organic
pigments in films. However, the addition of these additives
often leads to poor printing qualities, such as low color
fastness, weak color strength, and poor color uniformity.
Encapsulation of organic pigment particles by an adhesive
polymeric shell before application was regarded as one of the
most effective ways to overcome these problems [2].
In past decades, a rapid development of heterogeneous
polymerization technology for encapsulating pigments has

emerged, and a series of nanocomposites and microcomposites have been successfully prepared via emulsion polymerization [3, 4], miniemulsion polymerization [5–7], suspension polymerization [8, 9], or microsuspension polymerization [10, 11], respectively. However, in these mentioned
reports, the pigment particles generally should be specially
designed and modified. In addition, the shell materials were
always rigid, such as polystyrene (PSt) in most cases. All these
severely limit their extensive applications in coating, paint,
and printing industries.
In our previous study, three primary color organic pigment cakes had been effectively encapsulated by poly(nbutyl acrylate-co-styrene) (P(BA+St)), which has a low glass
transition temperature, via in situ microsuspension polymerization technology. A series of polymer/organic pigment
microcomposites with a guava-like structure and different
colors were prepared [11]. In this paper, polymer/pigment

2
nanocomposites with smaller particle sizes [6, 12] and better
self-adhesion were prepared via the miniemulsion technique.
And they were applied to the film formation and the pigment
printing of cotton fabrics. Thanks to the encapsulation of
pigments in an adhesive shell, the cotton fabrics printed by
the latexes of the polymer/pigment nanocomposites reveal
a much better color strength, a better color fastness, and a
better handle in comparison to those printed by pigment
blended latexes.

2. Experimental
2.1. Materials. Three primary color organic pigment cakes,
copper phthalocyanine blue 15 (PB), benzidine yellow G (PY),
and Seikafast red 8040 (PR) were kindly supplied by Zhejiang
Lily Group Co., Ltd. Monomers n-butyl acrylate (BA) and
styrene (St) supplied by Shanghai Gaoqiao Chemical Co., Ltd.
were distilled under reduced pressure and kept refrigerated
until use. Initiator 2,2 -azobisisobutyronitrile (AIBN) was
obtained from Aldrich Chemical Co., Ltd. Emulsifier sodium
dodecyl sulfate (SDS) and costabilizer hexadecane (HD)
with analytical purity were purchased from Shanghai No.
2 Chemistry Reagent Co., Ltd. Cotton fabric was kindly
supplied by Zhejiang Huatai Silk Co., Ltd. Thickener PTF was
purchased from UK Allied Colloids.
2.2. Preparation of Pigment Microcapsules via Miniemulsion
Polymerization. A certain amount of organic pigment cake,
AIBN, HD, and monomer was gradually added into the
aqueous solution of SDS under a stirring state. The mixture
was then ultrasonicated for 60 s (output power: 400 W, work
time: 10 s, and pause time: 5 s) under cooling with ice water
to get a stable miniemulsion. The obtained miniemulsion
was added into a 200 mL jacket glass reactor fitted with
a condenser, a N2 inlet, a thermometer, and a paddletype agitator. And the miniemulsion polymerization was
conducted at 70∘ C for 5 h under a N2 atmosphere and a shear
field (120 r⋅min−1 ) to obtain a series of polymer/pigment
nanocomposites (defined as P(BA+St)/PY, P(BA+St)/PB, and
P(BA+St)/PR, resp.). The schematic representation of the
typical polymerization process was shown in Figure 1. And
a typical recipe for the preparation of pigment microcapsules
was as follows: pigment cake: 1.50 g; BA: 6.00 g; St: 4.00 g; HD:
0.30 g; SDS: 0.30 g; AIBN: 0.50 g; H2 O: 88.0 g.
To compare, the mixture of organic pigments, poly(nbutyl acrylate-co-styrene) particles, and SDS aqueous solution was ultrasonicated for 60 s (output power: 400 W, work
time: 10 s, and pause time: 5 s) under cooling with ice water, to
obtain three pigment blended latexes (defined as P(BA+St)PY, P(BA+St)-PB, and P(BA+St)-PR, resp.). This blending
process imitates the preparation process of conventional
pigment printing paste, and its recipe is similar to that of
the latex of polymer/pigment nanocomposites. It should be
pointed out that many macroaggregates were formed if the
pigment blended latexes were further stirred at 70∘ C for
5 h after sonication. This could be reasonably attributing to
the weak dispersing ability of agitation and strong adhesion
ability of P(BA+St) at 70∘ C. Thus, the color quality of the
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resulting film was poor. Therefore, the pigment blended
latexes were prepared without the stirring process.
To accurately observe the morphology of latex particles,
rigid monomer styrene was used alone. And the latex of
PSt/PB nanocomposite and the blended PSt-PB latex were
prepared by miniemulsion polymerization and emulsion
blending, respectively.
2.3. Preparation of Pigment Latex Film. The latex of polymer/pigment nanocomposites and the blended latex were
added into a PTFE mould and dried at temperature 35∘ C and
humidity of 65% for 24 h. A series of thin films with a thickness of 50 𝜇m were obtained after annealing at 70∘ C for 1 h.
2.4. Pigment Printing of Cotton Fabric. A certain amount of
thickener PTF was added into the latex of polymer/pigment
nanocomposites and the blended latex under a stirring state,
to obtain the printing paste. The cotton fabrics were handscraped along the radial direction of fabric. The printed
fabrics were baked at 80∘ C for 5 min and then at 115∘ C for
3 min.
2.5. Characterization and Measurements. The morphology of
the polymer/pigment nanocomposites and the particles in
the blended latex was observed by a JEM-1230 transmission
electron microscope (TEM, JEOL). The surface morphology
of the latex film was observed by an ULTRA 55 field
emission scanning electron microscope (FESEM, Zeiss). The
dispersion of pigment in latex film was evaluated by a
KH-7700 3D digital microscope system (3D-POM, Hirox).
The color strength (𝐾/𝑆 value) of pigment printed cotton
fabric was measured by an SF600X spectrophotometer color
measurement (Datacolour). The stiffness of pigment printed
cotton fabric was measured by an LYB-05 automatic fabric
stiffness tester. The wet and dry rubbing fastnesses of the
printed cotton fabric were standard tested by GB/T3920-1997
and GB251-1995.

3. Results and Discussion
3.1. Morphology of Pigment Microcapsules. The polymer/pigment nanocomposites were prepared via the copolymerization of BA and St in the nanodroplets containing pigment
particles. The colloidal stability in the process of polymerization was well controlled. The digital photos of the products
P(BA+St)/PY, P(BA+St)/PB and P(BA+St)/PR are shown
in Figure 2(a). These latexes of polymer/pigment nanocomposites were homogenous and colorful. No sedimentation
or flocculation phenomenon was observed after storing for
six months, indicating good storage stability. Furthermore,
it could be obviously seen that the color strength of the
nanocomposite latexes is far stronger than that of the corresponding blended latexes in Figure 2(a). This could be
regarded as a sign revealing the different dispersions of
pigments in these two latexes.
The dispersion of pigment particles in the nanocomposite
latexes and the blended latexes was further evaluated by TEM,
and the typical TEM micrographs were shown in Figure 3.
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Figure 1: Schematic representation of the formation of self-adhesive polymer/organic pigment nanocomposites via miniemulsion polymerization.

P(BA + St)/PB P(BA + St)/PY P(BA + St)/PR P(BA + St)-PB P(BA + St)-PY P(BA + St)-PR

(a)

(b)

Figure 2: Photos of the polymer/pigment nanocomposite latexes and blended latexes with three primary color pigments (a) and the cotton
fabrics pigment printed by nanocomposite latexes at different microcapsules ratio (b).

Both the rigid PSt particles with a regular spherical shape and the pigment particles PB with a rod-like
structure could be observed in the blended PSt-PB latex
(Figure 3(a)). In addition, some loose aggregates of pigment particles were also found in the continuous phase.
In comparison, only micron-level aggregates were observed

in the blended P(BA+St)-PB latex (Figure 3(b)). This can
be reasonably attributed to the easy agglomeration of
sticky P(BA+St) particles and pigment particles, resulting
from the low glass transition temperature of latex particles and the poor dispersion of pigments in the aqueous
phase.
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(a)

(b)

(c)

(d)

Figure 3: Typical TEM micrographs of organic pigment microcapsules PSt-PB (a), P(BA+St)-PB (b), PSt/PB (c), and P(BA+St)/PB (d).

As shown in Figure 3(c), the rod-like PB particles could
be clearly seen in the spherical nanocomposites, indicating an
effective encapsulation of pigment particles in the PSt particles via the miniemulsion technique. However, for the soft P
(BA+St)/PB nanocomposites, the morphology of nanocomposites could not be well viewed by TEM (Figure 3(d)) due to
the low glass transition temperature of the BA-St copolymers
(−8∘ C). It is believed that the light-colored shadows observed
in the TEM image are the film of copolymers formed by
the fusion of the soft shell during the preparation process of
TEM sample. The aggregates consisted of several PB particles
were uniformly dispersed in the entire field of vision. It
was worth noting that the size of these pigment aggregates
was less than the upper limit of organic microcapsules size
(about 400 nm). Moreover, all of these primary particles and
aggregates were surrounded by the light-colored shadow.
Therefore, we believe that the P(BA+St)/PB nanocomposites
have already formed, similar to the PSt/PB nanocomposites
shown in Figure 3(c). The shell of P(BA+St) with a weight
ratio of BA to St being 3 : 2 is soft enough to endow the
P(BA+St)/PB nanocomposites with an excellent self-adhesive
characteristic. Therefore, no additional adhesives are required
when the latexes of the P(BA+St)/PB nanocomposites are
applied to the pigment printing of fabrics.
3.2. Dispersion of Pigment Particles in Latex Films. To estimate the dispersion of pigment particles in adhesive films, the
nanocomposite latex of P(BA+St)/PB and the blended latex of

P(BA+St)-PB were dried in a PTFE mould, and the two thin
films were observed by a 3D-POM at a transmission mode.
For the blended latex film in Figure 4(a), the aggregates
of pigment particles can be found in the whole film. The
size of pigment aggregates is about 100 𝜇m, much larger
than that of the original particles in the blended latex. It
implies that the pigment particles in the blended latex were
further agglomerated during the process of film formation.
In comparison, the large pigment aggregates are rarely seen
in the film produced from the latex of the P(BA+St)/PB
nanocomposites, as shown in Figure 4(b). All of these reveal
that the dispersion of pigment particles in the film made from
the nanocomposites latex is more homogenous, and the large
scale agglomeration of pigment particles could be suppressed
by the encapsulation of organic pigments by an adhesive shell.
The dispersion of pigment particles on the film surface
was further observed by FESEM, and the typical micrographs
are shown in Figure 5.
The honeycomb structure, derived from the contact and
deformation of the latex particles during the film formation
[13, 14], can be observed on both of the film surfaces made
from the nanocomposites latex and the blended latex. As
shown in Figure 5(a), the whole surface of film made from
the nanocomposites latex is clear, and some protuberances
can be found at the centre of the hexagonal honeycombs,
implying that the pigment particles had been embedded in
the adhesive film. On the contrary, many irregular pigment
aggregates were loosely adhered to the surface of film made
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Figure 4: Typical 3D-POM images of the film made from the blended latex of P(BA+St)-PB (a) and the film made from the nanocomposite
latex of the P(BA+St)/PB (b) at a transmission mode.

200 nm

200 nm

(a)

(b)

Figure 5: Typical FESEM images of the film surfaces made from the latex of the P(BA+St)/PB nanocomposites (a) and the blended latex of
P(BA+St)-PB (b).

from the blended latex, indicating a poor dispersion of
pigment particles in this adhesive film, as well as a low
adhesive strength between pigment particles and adhesive
film. The differences in morphology would inevitably give
birth to different printing qualities, such as color strength
(K/S value), handle (stiffness), and rubbing fastness.
3.3. Color Effect of the Pigment Latex Films. It was indeed
found that the printing qualities of cotton fabrics printed
by the nanocomposites latex were very different from those
printed by the blended latex.
As shown in Table 1, the K/S value of the fabric printed by
the blended latex before soaping is 7.87, which is higher than
that printed by the nanocomposites latex, attributing to the
enrichment of pigment particles on the surface of film printed
by the blended latex (see Figure 5(b)). However, after soaping,
the K/S value of the fabric printed by the blended latex
declined remarkably, while the value of the fabric printed
by the nanocomposites latex remains nearly constant. These
results clearly indicate a higher washing fastness of the latter,
consistent with the result of rubbing fastness test. In Table 1,
both the dry and the wet rubbing fastnesses of cotton fabric
printed by the nanocomposites latex were better than those
printed by the blended latex. On the other hand, the stiffness

of the fabric printed by the nanocomposites latex is lower,
leading to a softer handle.
All the abovementioned results reveal that the printing
qualities of cotton fabric made from the nanocomposites latex
were significantly better than those printed by the blended
latex. Furthermore, these macroscopic performances can be
well consistent with the microstructure shown in Figures 4
and 5.
In addition, it was found that attributing to the uniform and stable dispersion of the pigment particles in the
film made from the nanocomposites latex, the interference
between different pigment particles in color effect can be
effectively inhibited. And thus various colors of pigment coating can be accurately designed and facilely obtained simply
by tuning the ration and amount of the nanocomposites
with three primary color pigment particles, as shown in
Figure 2(b).

4. Conclusions
Three primary color pigment/P(BA+St) nanocomposites
with small sizes and better self-adhesion were successfully
prepared by the miniemulsion technique. The presence of
adhesive shell on pigment surface cannot only inhibit the
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Table 1: The printing qualities of cotton fabrics using the nanocomposites latex and blended latex as printing paste.

Printing paste form

K/S value
Before soaping

After soaping

7.87
6.63

5.11
6.57

Blended latex P(BA+St) − PB
Nanocomposite latex P(BA+St)/PB

extensive agglomeration of pigment particles but can also
synchronously improve the adhesion efficiency of the binder
to pigments. Thus, the film made from the latex of the polymer/pigment nanocomposites shows a much better adhesion
between pigment and adhesive and a better dispersion of pigment particles in the film than those of the film made from the
blended latex film. Furthermore, these nanocomposites can
be directly applied to the pigment printing of fabric without
any additional adhesives. The dispersion, adhesiveness, and
color effect of organic pigments in printed coating on fabric
surface can be remarkably improved through the preencapsulation of pigments by an adhesive shell at the nanoscale. In
addition, pigment coatings with various colors can be accurately designed and facilely obtained by tuning the ration and
amount of the three primary pigment nanocomposites thanks
to the minor interference of the encapsulated pigments in
color effect.
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In order to reduce on-site building time, the construction industry shows an increasing interest in stay-in-place formwork with
a reinforcement function after concrete hardening, such as CFRP formwork confinement for columns. The current combined
systems however do not answer the demand of the building industry for a material system that is both lightweight and fire safe.
High performance textile reinforced cement (TRC) composites can address this need. They can be particularly interesting for the
shear reinforcement of concrete beams. This paper describes a preliminary analysis and feasibility study on structural stay-in-place
formwork made of TRC. Comparative bending experiments demonstrate that a fully steel reinforced beam and an equivalent beam
with shear reinforcement in TRC formwork show similar yielding behaviour, indicating that the TRC shear reinforcement system
actually works. Moreover, the cracking moment of the concrete was more or less doubled, resulting in a much lower deflection in
serviceability limit state than calculated. Digital image correlation measurements show that the latter is due to the crack bridging
capacity of the external TRC shear reinforcement.

1. Introduction
Structural stay-in-place formwork is already widely used for
some types of concrete elements like floor slabs. But for
other types, like concrete beams, few commercial systems
are available. Generally the existing systems are made out
of timber, steel, or fibre reinforced polymers (FRP) [1, 2].
All of them combine on the one hand the advantages of
prefabrication like speed, accuracy, controlled surface quality,
and finish and on the other hand the advantages of in situ
casting like economy and continuity. Another big advantage
is the reduction of manual labour and thus of salary cost, since
there is no tying of the steel stirrups and no assembly and
dismantling of the formwork. This formwork can also be seen
as a protection of the concrete from the environment, which
may lead to considerations concerning the necessary concrete
cover when steel reinforcement is used. Nevertheless there
are some drawbacks of the current systems mainly related
to the used materials, such as the durability of timber, the
corrosion sensitivity of steel, and the fire resistance of FRP.
The above mentioned drawbacks can be solved by the use of

textile reinforced cement (TRC), which makes it possible to
create a lightweight, durable, and fire safe structural stay-inplace formwork system.
Some studies have already investigated the use of TRC as
an externally bonded reinforcement for concrete beams, or as
a formwork [3, 4], or as a strengthening and repair technique
[5–9]. Particularly for the formwork applications the main
difference between the existing studies and this research is the
high fibre content (more than 20%), as will be discussed in
Section 2. As a result of this high fibre amount, and thus high
tensile capacity of the material, lighter and thinner-walled
stay-in-place formwork solutions can be designed. Moreover,
the very small crack opening of less than 10 𝜇m, invisible
for the naked eye, may constitute an additional advantage in
reducing the necessary concrete cover.
Considering the need for a lightweight, durable, and
fire safe combination of formwork and reinforcement for
concrete beams, and considering the important differences
with the existing state of the art, it is useful to perform
a preliminary analysis and feasibility study on structural
stay-in-place formwork made of TRC. This paper evaluates
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2. Textile Reinforced Cements
Cementitious materials are stiff and strong materials, but
they are characterized by a low tensile strength and a brittle
behaviour. Therefore these materials need to be reinforced
with traditional steel reinforcement or, alternatively, with
fibres. Until now most studies concerning fibre reinforcement
for concrete concentrated on discontinuous fibre structures,
which can increase significantly the ductility but hardly
or not the tensile strength [10]. A ductile cement matrix
composite with an increased tensile strength can be obtained
by using a dense and continuous fibre structure such as fibre
textiles, leading to a textile reinforced cement (TRC). The
production techniques as well as the mechanical properties
of TRC are closer to the ones of polymer matrix composites
than to those of more common cement composites with
discontinuous fibre structures: with techniques like tape
winding, pultrusion, or calendaring it is possible to achieve
cement composites with a high fibre content (more than
20% in volume [11]) and to control the alignment of the
fibres. This leads to a stable crack development and a
strain hardening behaviour with a significant postcracking
stiffness and a high tensile strength. The small diameter
of the fibres results moreover in a very fine crack pattern
[12].
Cost effective E-glass fibres are often used in the composites industry. An important drawback however of these fibres
in combination with a cementitious matrix is the reduction
of the performance of the fibres with time, due to the alkaline
environment of an ordinary concrete or mortar [13] and to
portlandite deposition. In order to avoid fibre degradation the
Vrije Universiteit Brussel developed an inorganic phosphate
cement (IPC) [14], which is acidic in fresh state but pHneutral after hardening. The time of the acidic phase is
sufficiently short not to degrade the properties of the glass
fibres. Its relatively small grain size (between 10 and 100 𝜇m)
moreover enables to impregnate dense textiles up to high fibre
volume fractions (more than 20% in volume [11]). As a result,
a durable cementitious composite with high tensile (up to
60 MPa for IPC reinforced with randomly oriented glass fibre
textiles) and compressive (80 MPa) capacities and which is
heat- and fire-resistant (highest European class A1) is created,
which makes it appropriate for structural applications.
Under compressive stress states, the constitutive behaviour of glass fibre textile reinforced IPC can be assumed to
be linear elastic until failure of the matrix (80 MPa [15]).
Under tensile stresses, on the contrary, it shows a complex
and nonlinear stress-strain evolution (Figure 1).

III

I II

40
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the feasibility of TRC formwork as shear reinforcement.
Four point bending tests, with third point loading, are
performed on (i) a fully steel reinforced referential beam, with
longitudinal and stirrup reinforcement, and (ii) a composite
beam with longitudinal steel reinforcement and TRC stay-inplace formwork as shear reinforcement. The experiments are
monitored with digital image correlation to follow the crack
pattern evolution.
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Figure 1: The nonlinear tensile stress-strain behaviour of IPC
reinforced with glass fibres randomly oriented in a plane mat
(HPFRCC IPC).

Three stages (I, II, and III in Figure 1) can be distinguished
in the TRC IPC tensile behaviour. The initial behaviour in
stage I is linear elastic, and fibres and matrix can be assumed
to work perfectly together. Since the tensile failure strain of
the matrix is low, cracks will occur at low stresses and strains.
When sufficient fibres are present to take over the load at the
crack location, multiple cracking will occur (stage II). It can
be noticed from Figure 1 that crack formation is a nonlinear
and gradual process. Once the matrix is fully cracked, only
the fibres will contribute to the tensile strength and stiffness
of the material (stage III), until the fibres fail.
Glass fibre textile reinforced IPC can be classified as
a high performance fibre reinforced cement composite
(HPFRCC), as it fulfils the requirements specified in [16]. The
main requirements imply multiple cracking behaviour with
crack width control, strain hardening behavior, and a high
tensile strength. Following this classification this material will
be referred to as HPFRCC IPC.

3. Specimen Design
In order to evaluate the feasibility of structural stay-in-place
formwork in HPFRCC IPC, two different types of beams are
designed and tested:
(i) a fully steel reinforced referential beam, with longitudinal and stirrup reinforcement;
(ii) a composite beam with longitudinal steel reinforcement and HPFRCC IPC stay-in-place formwork as
shear reinforcement.
The first beam type will be cast using conventional
formwork; hence only the permanent state has to be calculated. For the second beam type, the formwork will be
used as shear reinforcement, so it has to resist the final loads
(permanent state) as well as the temporary ones (temporary
state) during the construction of the concrete element. As this
study focuses on the feasibility of the HPFRCC IPC shear
reinforcement in the permanent state, the temporary state
will not be taken into account for the design of the beam.
The following choices were made for the model beams,
considering the limitations of the laboratory setup. The beams
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Figure 2: (a) Fully steel reinforced reference beam; (b) composite beam with longitudinal steel reinforcement and HPFRCC IPC formwork
as shear reinforcement.

have a width of 0,2 m, a height of 0,3 m, and a span of
2,3 m. The longitudinal steel reinforcement consists of 2 bars
with a diameter of 16 mm. The diameter of the stirrups
for the reference beam is chosen to be 6 mm (Figure 2(a)).
The beams will be tested under four-point bending with
third-point loading. With these assumptions the maximum
bending moment in the ultimate limit state is calculated using
Eurocode 2 [17]. Then, once the total maximum load corresponding to this bending moment is known, the necessary
amount of stirrup reinforcement for the reference beam is
calculated. The amount of HPFRCC IPC shear reinforcement
is calculated such that the composite beam is capable of
bearing the same shear loads in the permanent state as the
reference beam [18].
For the reference beam these calculations result in a maximum load of 133,5 kN, with stirrups placed every 160 mm in
the shear zones of the beam.
In the composite beam (Figure 2(b)), identical longitudinal reinforcement is placed but the shear reinforcement
is U-shaped and made of HPFRCC IPC reinforced with
chopped strand glass fibre mats (randomly oriented in the
plane). This shear reinforcement is designed with a constant
thickness along the length of the beam and acts as stay-inplace formwork.
Direct tensile and shear tests performed on specimens of
concrete cast upon HPFRCC IPC laminates show that failure
never occurs in the interface between both materials, but
either in the laitance layer of the concrete or interlaminar
between the glass fibre mat layers in the HPFRCC IPC. Hence,
a perfect initial bond between both materials can be assumed
for the design [18].
As the shear reinforcement of the composite beam is an
external reinforcement, the necessary amount is calculated in
analogy with the procedures described in the fib bulletin 14
for externally bonded FRP reinforcement for RC structures
[19]. The maximum load, dimensions, and longitudinal reinforcement are taken identical to these of the reference beam.
The material characteristics are the ones that will be discussed

in Section 4.2. It is assumed that cracks occur under an angle
of 45∘ with respect to the longitudinal axis of the beam.
The approach of the FIB 14 uses a reduced value of the
ultimate strain of the external reinforcement, the effective
strain 𝜀fe , to take into account that the principal stress
direction (±45∘ with respect to the longitudinal axis of the
beam) is not the same as the fibre orientation (in most cases
90∘ with respect to the longitudinal axis of the beam, as
unidirectional fibres are used perpendicular to the length
axis of the beam). The shear reinforcement in this study
is made of IPC reinforced with chopped strand glass fibre
mats, where the fibres are randomly oriented in the plane.
This random fibre orientation results in an in-plane isotropic
elastic modulus, so no correction of the ultimate strain is
needed, but a fibre efficiency has to be introduced. This
efficiency is taken equal to 1/3, which is based on the value
theretofore in stage I (uncracked) and on the lowest value
theretofore in stage III (postcracking) for unconstrained
fibres, as described in [20]. With these assumptions the
calculation equals the one for steel stirrups described in
Eurocode 2 [17]. The needed thickness of the HPFRCC IPC
to withstand the same maximum load as the reference beam
is only 1,0 mm, which corresponds to 2 glass fibre mat layers
(see Figure 2(b)).
As a comparison, and following the calculation method
described in the fib bulletin 14 for externally bonded FRP
reinforcement for RC structures [19], only one layer of
continuous unidirectional carbon fibre fabric (like, e.g., PC
Carbocomp with a mass of 225 g/m2 [21]) is needed to fulfil
the same demands. In this calculation an ultimate strength
of 4000 MPa, an ultimate strain of 1,60%, a fabric thickness
of 0,125 mm, and a fibre orientation perpendicular to the
longitudinal direction of the concrete beam were assumed.
After in situ impregnation of the fabric this would result in a
total FRP thickness of about 0,5 mm.
For verification of the serviceability limit state, stress
limitation, deflection and crack control (by a minimum
reinforcement area and a maximum distance between the
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Figure 3: The test set-up for the reference beam (a) and the composite beam (b).

reinforcement bars) are taken into account. None of these serviceability limit states poses a problem, nor for the reference
beam, nor for the composite beam [18].

4. Experimental Program
4.1. Test Set-Up. The referential beam and the HPFRCC
IPC shear reinforced beam are compared in their load
bearing behaviour by a four-point bending test with thirdpoint loading. The loading is displacement controlled with
a displacement rate of 0,2 mm/min, using a servohydraulic
actuator (Instron) with a capacity of 500 kN. The test set-up
is illustrated in Figure 3.
The upper part of the external HPFRCC IPC shear reinforcement is compressed. To avoid plate bucking of this shear
reinforcement and to make the yielding of the longitudinal
steel reinforcement possible, 4 clamps are applied over the
sides of the beam.
The crack evolution of the composite beam is monitored by measuring the relative displacements of the shear
reinforcement surface with digital image correlation (DIC)
[22]. The load versus deflection curves are obtained using
an LVDT placed below the beams in the centre of the span.
These experimental curves are compared with theoretical
predictions that are obtained using Eurocode 2 [17] and fib
bulletin 14 [19]. For this comparison the mean experimental
material characteristics, as discussed in Section 4.2, are used.
No characteristic values, reduction coefficients, or safety
factors on the loads are applied.
4.2. Used Materials
4.2.1. HPFRCC IPC. The matrix material IPC is mixed in the
mass proportions of
(i) 1 vubonite liquid component,
(ii) 0,82 high performance vubonite powder.

Table 1: Material characteristics of HPFRCC IPC.
Interlaminar shear strength (MPa)
Tensile strength (MPa)
Ultimate strain (%)
Young’s modulus stage I (GPa)
Young’s modulus stage III (GPa)

4,4
50,0
1,2
18,0
4,0

The randomly in plane oriented fibre textiles used for
the shear reinforcement are chopped strand mats Vetrotex
M5, with a surface density of 300 g/m2 . To avoid problems
with the temporary state, it is chosen to use 4 fibre layers
instead of the calculated 2 layers, resulting in a thickness
of 2 mm and a fibre volume fraction of around 12%. This
raise in shear reinforcement will result in differences in the
calculated behaviour, as will be discussed in Section 5 and
in Section 6. After impregnation, the wetted fibre mats are
placed in a wooden formwork to obtain their final U-shape.
A plastic sheet is put over the laminates to avoid evaporation
of the liquid component, and plates are clamped against the
upstanding sides so that they experience a uniform pressure
and compaction.
The material characteristics of the produced HPFRCC
IPC shear reinforcement are described in Table 1. The values
are the mean values of 3 test specimens for the interlaminar
shear strength and 2 specimens for the other characteristics.
The interlaminar shear strength was measured following the
method described in the ASTM D2344 standard [23].
4.2.2. Concrete. The concrete used for the beams was mixed
in the following mass proportions:
(i) 375 kg Portland cement CEM I, 32.5R
(ii) 210 L water
(iii) 690 kg sand 0/2
(iv) 1125 kg gravel 7/14
(v) 1.5 kg air entraining agent.
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Table 2: Material characteristics of concrete.

Compressive strength
(MPa)
Young’s modulus (GPa)
Modulus of rupture (MPa)

35,2

33,2

31,7
2,8

31,7
2,3

Total load (kN)

Fully steel
Composite steel
reinforced beam HPFRCC IPC beam

150

133

100

50

Table 3: Material characteristics of steel reinforcement.
Yield stress (MPa)
Young modulus (GPa)

500,7
203,6

132

25
0

0

36
16
10

20

30

40

50

Deflection (mm)

The referential beam and the HPFRCC IPC shear reinforced beam were manufactured with concrete coming from
2 different batches. The corresponding concrete material
characteristics are described in Table 2. The values are the
mean values of 3 test specimens for the compressive strength,
2 for the modulus of rupture, and 1 for Young’s modulus.
These material characteristics are experimentally determined
after 28 days.
4.2.3. Steel Reinforcement. The traditional steel reinforcement consists of ribbed bars made of S500 steel, of which the
material characteristics are described in Table 3. The values
are the mean values of 2 test specimens.
The reinforcement bars are welded to steel plates at the
end of the beams (see Figure 3); this eases the positioning
and placing of the rebars and eliminates potential problems
with the anchoring length of the reinforcement bars. For the
referential beam the stirrups were welded to the longitudinal
bars as well.

5. Results and Discussion
5.1. Load-Deflection Curves. In the following experimental
analysis, the load bearing behaviour of the referential beam
and the HPFRCC IPC shear reinforced beam are compared to
each other as well as to theoretical predictions. The beams are
tested in a four-point bending test with third-point loading.
In Figures 4 and 5 the dotted line represents the analytically
calculated load-deflection curve of these beams, while the full
line is the experimental curve. The analytical calculation is
based on Eurocode 2 prescriptions (chapter “7.4.3 Checking
deflections by calculation”, formulas 7.18 and 7.19) [17]. No
creep or shrinkage factors are taken into account and the load
is assumed to be short term and not cyclic.
5.1.1. Fully Steel Reinforced Beam. The experimental loaddeflection curve of the fully steel reinforced beam (Figure 4)
initially shows a linear elastic part (0–16 kN), after which the
curve bends in a second part (16 kN–36 kN), where the concrete cracks. After this concrete cracking, the beam behaves
linearly again (36 kN–132 kN), until the steel reinforcement
starts to yield. The fourth part represents the yielding of the
reinforcement, up to the final failure of the beam.

Experimental
Analytical

Figure 4: Analytical and experimental load-deflection curves of
fully steel reinforced beam.

The calculated and experimental curves of the fully steel
reinforced beam show good correspondence. In particular,
good agreement exists between the theoretical and experimental loads at which the steel reinforcement starts to
yield (analytically calculated at 133 kN and experimentally
observed at the end of the second linear zone, at a load of
132 kN) as well as between the theoretical and experimental
cracking moments (analytically calculated at 25 kN and
experimentally observed in the second part of the curve,
between 16 kN and 36 kN).
5.1.2. Composite Beam with Longitudinal Steel Reinforcement
and HPFRCC IPC Formwork as Shear Reinforcement. In the
load bearing behaviour of the HPFRCC shear reinforced
beam (Figure 5), the same 4 zones (1st linear elastic zone,
concrete cracking, 2nd linear zone and steel yielding) can
be distinguished as with the referential beam. In Figure 5,
the calculated load at the cracking moment (20 kN) is lower
in comparison with the reference beam (25 kN) because of
the differences in concrete properties between both beams; a
difference of 0.5 MPa in the modulus of rupture results in a
difference of 5 kN in the load at which cracking initiates.
5.1.3. Composite versus Steel Shear Reinforced Beam. Even
though the load-deflection curves of the HPFRCC IPC shear
reinforced beam and of the referential beam show similar
tendency with each other and with the theoretically predicted
curves (Figures 5 and 6), important differences can be
noticed.
As Figures 5 and 6 show, the experimental curve of
the composite beam starts to deviate significantly from
the analytical and referential load-deflection curves when
the calculated, respectively referential, cracking moment is
reached ((1) in Figure 6). The cracking moment is defined
as the start of the deviation from the initially linear loaddeflection behaviour. Due to the presence of the external
reinforcement, the load-deflection curve of the composite
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beam continues with the same slope even after the analytical
and the referential cracking moments were reached. When
the composite beam reaches its cracking moment ((2) in
Figure 6) the load (40 kN) is approximately twice as high as
the calculated one (20 kN) and as the one of the referential
beam (25 kN). This raise in cracking moment causes an
upward shift of the second part of the curve, resulting in a
lower deflection for the same total load ((3) in Figure 6). This
shift may be useful in cases where the serviceability limit state
of deflection is governing.
Another stage in the load bearing behaviour that is
clearly influenced by the presence of the external HPFRCC
IPC reinforcement is the initiation of the yield of the steel
reinforcement. The start of the yielding behaviour of the
composite beam corresponds well to the calculated value
(at 160 kN, (4) in Figure 6) but does not correspond to the
referential beam (at 132 kN, (5) in Figure 6). This difference
can be attributed to the contribution of the external HPFRCC
IPC reinforcement to the bending resistance of the beam. This
effect is initially not taken into account in the composite beam
design because the thickness of this external reinforcement is
determined to meet the needs in shear, while the longitudinal
reinforcement of 2 bars with a diameter of 16 mm is already
fixed. Even during the steel yielding the contribution of the
HPFRCC IPC can be noticed: instead of having a constant
load during yielding like the referential beam, the loaddeflection curve tends to increase ((6) in Figure 6).
At a total load of 207 kN (corresponding to a deflection
of 30 mm), the load-deflection curve of the composite beam
shows a sudden drop ((7) in Figure 6): at this point the external HPFRCC IPC reinforcement fails in tension in the central
part of the beam. As there are no shear forces in the middle
third of the beam, the HPFRCC IPC contributes only to the
bending resistance in this area. The drop has a magnitude
of more or less 40 kN, whereas using the material properties
discussed in Section 4.2 the contribution of the bottom part
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Figure 5: Analytical and experimental load-deflection curves of
composite beam with longitudinal steel reinforcement and HPFRCC
IPC formwork as shear reinforcement.
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Figure 6: Comparison of the experimental load-deflection curves
of fully steel reinforced beam and composite beam.

0.77 m

2.3 m

Figure 7: Location of the zone on the beam observed for crack
evolution analysis.

of the HPFRCC IPC U-shape is calculated to be only 14,2 kN.
Based on [24] the contribution of both upstanding sides of
the U-shaped HPFRCC IPC can be estimated on 9,3 kN.
Taking both bottom and side contributions into account the
total magnitude of the drop still cannot be explained. This
means that the presence of the HPFRCC IPC cover triggers
other phenomena and causes changes in the behaviour of
the subcomponents of the composite beam. After this failure
of the HPFRCC IPC cover, the load-deflection curve of the
composite beam is very similar to the curve of the reference
beam.
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Figure 8: Fracture evolution composite beam.

5.2. Cracking Evolution of the Composite Beam. The phenomena described previously in Section 5.1 are further investigated by analyzing the fracture evolution of the composite
beam. To study this fracture evolution the technique of digital
image correlation (DIC) [22] is used, which is a noncontacting optical measurement technique. Displacements and
consequently strains can be measured by the comparison of
subsequent surface pictures taken from a speckle pattern of
black spots on a white background, which is applied on the
composite beam. Figure 8 shows the crack evolution in one of
the shear zones, located as indicated in Figure 7. These images
represent the strains, going from blue/purple where the strain
is almost zero to red for the highest strains (going until 0,005).
As the strain is the highest in the zones where cracks occur,
these cracks can be visualized by the red parts of these images.
It has to be remarked that by the nature of the measurement
technique only the surface properties are measured, meaning
that only the surface strains of the HPFRCC IPC cover are
visualized and not the properties of the concrete underneath.
Before loading, the zero strain field corresponds to a
completely blue image. The first difference in colour occurs
at 70 kN, indicating the start of the crack formation. The next
load steps show the crack evolution that will result in a failure
of the beam due to shear crack growth through the total
height of the beam. As these DIC images show, the strains
are spread over a relatively wide area and not just localized at
the underlying concrete crack line. This indicates the crack

bridging capacity of the external reinforcement. Since this
effect will also occur at the bottom surface of the concrete
in the central bending zone, this may explain the increase of
the cracking moment as observed in Figures 5 and 6. Further
research on this topic is however needed to confirm these
observations.

6. A Retrospect on the Calculation
Given the fact that some assumptions were made concerning
the ultimate strain and the fibre efficiency of the HPFRCC
IPC, as discussed in Section 3 and given the fact that the
initial calculated amount of fibre layers is doubled for the
experimental analyses, as discussed in Section 4.2.1, it is useful to reconsider the calculations. In Section 5.1.2 the effects
of the increased number of fibre layers on the longitudinal
reinforcement are taken directly into account, so only the
shear calculation has to be reconsidered.
Back-calculating the necessary thickness of the shear
reinforcement, as described in Section 3, but using the experimentally achieved maximum total load for the composite
beam (206.94 kN), and taking into account the effect of the
contribution of the HPFRCC IPC to longitudinal reinforcement in the truss analogy, results in a HPFRCC IPC thickness
of 2,1 mm. This calculated thickness, where no reduction
of 𝜀fu is applied, approaches very well the real thickness of
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around 2 mm. This indicates on one hand that a reduction
of the ultimate strain to the effective strain is not necessary
and on the other hand that the calculation method described
in de the fib bulletin 14 [19], based on Eurocode 2 [17], can
be applied without any major changes for the calculation of
a formwork made of HPFRCC IPC. This also confirms the
assumption, based on [20], of the fibre efficiency of 1/3 for the
randomly in plane oriented chopped strand glass fibre mats.

7. Conclusions
The bending experiments described in this paper compare a
fully steel reinforced concrete beam to a composite beam with
equivalent shear reinforcement in glass fibre reinforced IPC.
They demonstrate the following.
(i) Both beams show similar load-deflection behaviour,
which means that the technique of TRC formwork as
shear reinforcement actually works.
(ii) An advantage of the TRC formwork over traditional
shear reinforcement is that it increases the cracking
moment and load bearing capacity of the concrete
beam.
(iii) The experiments indicate that the cracking moment
of the concrete is delayed due to the presence of an
external composite reinforcement, which is beneficial for cases where the serviceability limit state of
deflection is dominant. Further research on this topic
should confirm this hypothesis.
(iv) The thickness of this formwork to act as reinforcement can be calculated using the techniques of externally bonded reinforcement, where the effective strain
can be taken equal to the ultimate strain.
(v) The necessary thickness of glass fibre reinforced IPC
to be equivalent to steel stirrup, is quite small (order
of magnitude millimetres).
As these findings show, stay-in-place formwork in glass
fibre reinforced IPC offers a good alternative to the traditional
steel stirrup reinforcement in concrete beams.
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SiC/Ti6Al4V coatings were applied on carbon/carbon composites to improve the surface wettability of water. SiC interlayers
were preprepared by pack cementation to bond both the carbon/carbon composites and the Ti6Al4V, and then the Ti6Al4V
coatings were applied by magnetron sputtering technique. The morphology and crystalline of the SiC/Ti6Al4V coatings were
analyzed by scanning electron microscopy, energy dispersive spectroscopy, and X-ray diffraction. The surface wettability of the
coatings was tested by video-based contact angle measuring device. The results showed that SiC can serve as an interlayer between
the carbon/carbon composites and Ti6Al4V. The SiC/Ti6Al4V coatings covered the carbon/carbon composites uniformly with
spherical morphology. The coatings improved the surface wettability of carbon/carbon composites with the contact angle of water
decreasing from 85.7 ± 4.1∘ to 26.5 ± 0.1∘ .

1. Introduction
Carbon/carbon (C/C) composites play an important role
in biomedical application because they possess excellent
biocompatibility and mechanical properties [1, 2]. Their
elastic modulus is close to that of human bones, thus avoiding
the bone resorption caused by the effect of stress shielding
[3, 4]. The cell culture experiment confirms that the C/C
composites are supportive for the cell adhesion and growth
[5]. However, poor surface wettability of the C/C composites
reduces protein absorption and cell attachment thus reducing
the osteoconductivity and reducing bone regeneration. Many
studies have been made to improve the surface wettability of
C/C composites. Zhao et al. have reported the ultraassisted
anodic oxidation treatment for C/C composites to improve
the surface wettability. They found that some hydrophilic
groups were grafted on the surface of C/C composites and the
surface wettability was improved [6]. Xiong et al. have made
surface modification to C/C composites by hydrothermal
treatment in an autoclave containing ammonium persulfate
solution. They found that the percentage of oxygen atoms on
the surface of C/C composites was significantly increased [7].

The above-mentioned methods to improve the surface wettability are mainly surface oxidation. In this work, SiC/Ti6Al4V
coatings were applied on C/C composites to improve the
surface wettability of water. The SiC interlayer was used to
bond both the C/C composites and the Ti6Al4V, and the
Ti6Al4V was used to improve surface wettability of the C/C
composites. The Ti6Al4V has been widely applied to both
dental implantology and orthopedic replacement. This is
an inert biomaterial with excellent biocompatibility, boneimplant integration, and unique resistance to corrosion.

2. Experimental
Small specimens (8 mm × 8 mm × 2 mm) were cut from bulk
two dimensional C/C composites with a density of 1.82 g/cm3
and a porosity of 8.10%. The preform of the C/C composites
was needle-punched carbon fiber felt. According to the
different characterizations under polarizing microscope, the
pyrolytic carbon was classified into three structures, including smooth laminar structure, rough laminar structure, and
isotropic structure [8, 9]. In this work, the pyrolytic carbon
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Figure 1: SEM micrograph of the C/C composites.

Table 1: Parameters of the magnetron sputtering process.
Distance between the
Sputtering
sample and target (mm) power (W)
60

500

Ar pressure
(Pa)

Sputtering
time (hour)

3

5

shows smooth laminar structures. The specimens were handabraded with 400 grit SiC paper, ultracleaned in turn by
acetone, ethanol, and distilled water, and dried at 353 K for
5 h. The SEM micrographs of the C/C composites were shown
in Figure 1. The surface roughness of the C/C composites was
𝑅a = 1.6 ± 0.1 𝜇m.
SiC interlayers were prepared by pack cementation
technology. Pack cementation technology is carried out at
high temperatures by embedding the substrate in powders
composed of depositing material and inert filler. Using this
method, the coating can be applied on the substrate through
vapor transport and diffusion. The powders for preparing
SiC were 60–80 wt% Si, 10–25 wt% graphite, and 5–15 wt%
Al2 O3 . In this work, alumina is used as sintering aids in the
preparation of SiC. The alumina not only can improve density
of the SiC but also can decrease the sintering temperature. The
specimens and pack powders were put in a graphite crucible
and heat-treated at 2173 K for 2 h in an argon protective
atmosphere to form the SiC interlayers.
After the preparation of SiC interlayers, Ti6Al4V coatings
were prepared on SiC coated C/C composite specimens using
an ultrahigh vacuum magnetron sputtering machine. Before
deposition, the surface of SiC coated C/C composites was
cleaned with Ar+ for 1 h to remove the impurities. The
target used in this work was purchased from Baoji Titanium
Industry Co., Ltd, China. The parameters of the magnetron
sputtering process were listed in Table 1.
The surface morphology and crystalline of the coatings
were analyzed by a SUPRA55 scanning electron microscope
(SEM) equipped with energy dispersive spectroscopy (EDS)
and a Philips X’pert PRO X-ray diffraction (XRD).
The surface roughness of the SiC interlayer was tested
by a Lasertec C130 laser confocal scanning microscope. The

Figure 2: XRD pattern of the interlayer prepared by pack cementation.

two dimensional surface profiles were recorded. To obtain
the average surface roughness of 𝑅a , measurements were
performed on five samples and five positions were tested for
each sample.
Surface wettability of C/C composite specimens and the
SiC/Ti6Al4V coatings were analyzed using a video-based
contact angle measuring device (Dataphysics OCA20) by
testing the contact angle of distilled water. Six measurements
were taken for each specimen and an average contact angle
was calculated. The tested data were presented as the mean
and standard deviation. The Student’s t-test was applied for
analytical statistics [10, 11]. Differences between each sample
were considered statistically significant at a 𝑃 value of <0.05.

3. Results and Discussion
Figure 2 shows XRD pattern of interlayer prepared by pack
cementation process. It shows the diffraction peaks of 𝛼SiC, 𝛽-SiC, and Si. The strong peaks for 𝛼-SiC are observed,
suggesting that the interlayers are mainly composed of 𝛼-SiC
phase.
Figure 3 shows the SEM micrograph and surface roughness curve of the SiC interlayers. The SiC interlayers cover the
surface of C/C composites entirely with a dense morphology
without visible cracks. The surface of the SiC interlayers has
rough morphology. The surface roughness curve demonstrates that the surface profile of the SiC interlayers fluctuates
around the datum line with large fluctuation amplitude. The
average surface roughness value of the SiC interlayer is 𝑅a =
2.6 ± 0.2 𝜇m, which is higher than the surface roughness of
uncoated C/C composites (𝑅a = 1.6 ± 0.1 𝜇m) [12]. The rough
surface of the SiC interlayers may favor the bonding to the
following Ti6Al4V coatings.
Figure 4 shows the XRD pattern, EDS result, and SEM
micrograph of Ti6Al4V coatings prepared by magnetron
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Figure 3: (a) SEM micrograph and (b) surface roughness curve of the SiC interlayers.
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Figure 4: (a) XRD pattern, (b) EDS result, and (c) SEM micrograph of the Ti6Al4V coatings.

sputtering. The XRD pattern shows that the coatings are
composed of hexagonal closed-packed (hcp) 𝛼-Ti phase.
The EDS result shows that the coatings are composed of

Ti element, Al element, and V element. It also confirms
the successful formation of the Ti6Al4V coatings. The SEM
micrograph shows that the Ti6Al4V coatings fully cover the
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Figure 5: (a) Cross-section micrograph and (b) EDS result of the SiC/Ti6Al4V coatings.
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Figure 6: The photos and values of contact angle toward distilled water for (a) uncoated C/C composites and (b) SiC/Ti6Al4V coatings.

SiC interlayer coated C/C composites. The deposition of the
Ti6Al4V coatings is primarily following the contours of the
SiC interlayers.
Figure 5 shows the cross-section micrograph and EDS
result of the SiC/Ti6Al4V coatings. The cross-section micrograph shows that the thickness of the coatings is about
130 𝜇m. The SiC interlayers may be formed by the reaction
of Si with the graphite powder or Si with the C on the surface
of C/C composites. The SiC interlayer may bond to the C/C
composites by chemical reaction of Si with the C on the
surface of the C/C composites. The EDS result confirms the
infiltration of SiC into the inside of C/C composites. In addition, the SiC interlayer also forms a bonding to the Ti6Al4V
coatings tightly due to its rough surface morphology. No
obvious gap between the SiC interlayer and Ti6Al4V coatings
is observed.
Figure 6 shows the photos and values of contact angle
toward distilled water for uncoated C/C composites and the
SiC/Ti6Al4V coatings. The extension of the distilled water on
SiC/Ti6Al4V coatings is better than that on uncoated C/C

composites. The contact angles of water are 26.5 ± 0.1∘ for
SiC/Ti6Al4V coatings and 85.7 ± 4.1∘ for uncoated C/C composites. The significant decrease of contact angles is found
between the uncoated C/C composites and SiC/Ti6Al4V
coatings (𝑃 < 0.001), suggesting a remarkably improvement
of surface wettability of water. The water contact angle is the
angle where a water/vapor interface meets a solid surface. It
quantifies the wettability of a solid surface by water. As the
tendency of a water drop to spread out over a solid surface
increases, the contact angle decreases. Thus, the contact angle
provides an inverse measure of wettability. In the field of
biomaterial researches, an improvement in surface wettability
of biomaterials can promote cell survival and attachment.
Thus, a decreased water contact angle indicated the improved
cell response and favorable osteoconducive behavior.

4. Conclusions
SiC/Ti6Al4V coatings were applied on C/C composites by
combination of pack cementation and magnetron sputtering
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technique. The SiC can serve as an interlayer between the
C/C composites and Ti6Al4V. The SiC/Ti6Al4V coatings significantly improve the surface wettability of C/C composites
with the contact angle of water decreasing from 85.7 ± 4.1∘ to
26.5 ± 0.1∘ .
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An approach to incorporate the coupling between the shear compliance and in-plane tension of woven engineering fabrics, in
finite-element-based numerical simulations, is described. The method involves the use of multiple input curves that are selectively
fed into a hypoelastic constitutive model that has been developed previously for engineering fabrics. The selection process is
controlled by the current value of the in-plane strain along the two fibre directions using a simple algorithm. Model parameters
are determined from actual experimental data, measured using the Biaxial Bias Extension test. An iterative process involving finite
element simulations of the experimental test is used to normalise the test data for use in the code. Finally, the effectiveness of the
method is evaluated and shown to provide qualitatively good predictions.

1. Introduction
Press forming of woven engineering fabrics can be used to
create complex geometries, suitable for subsequent liquid
moulding and cure for the manufacture of composite parts
[1]. During the press-forming process, in-plane tension is
generally used to mitigate process-induced defects such as
wrinkling and to some degree to control the final fibre
orientation distribution across the component after forming
[2–4]. Tension is controlled through boundary conditions
applied to the perimeter of the material using a blank-holder
[3–7]. The deformation kinematics of woven engineering
fabrics during the forming process is dominated by trellis
shear. However, the tension along tows that occurs as a result
of the blank-holder load applied around the perimeter of
the forming blank and due to the forming process itself
can influence the shearing resistance of the woven fabric
[2, 8, 9]. As such, consideration of the shear-tension coupling,
when formulating constitutive models, could possibly result
in improved accuracy both in terms of shear angle and
wrinkling predictions. With the exception of Lee et al. [8, 9],
current constitutive models for woven engineering fabrics
assume no coupling between the shear resistance and the
tension in the fabric despite strong experimental evidence

showing that such a coupling does exist, for example, [10–13].
This paper describes a method of introducing a shear-tension
coupling into finite element (FE) simulation predictions [14].
Experimental data measured recently using a novel shear
test for woven engineering fabrics, the Biaxial Bias Extension
(BBE) test, [10] is used to fit model parameters and the
predictions of the model are then evaluated using two simple
numerical tests. The structure of the remainder of this paper
is as follows. A brief description of the FE model used in
the fitting process is given, the method of implementation
of the shear tension coupling in the constitutive model is
described, and the iterative procedure used to fit the model
to experimental results is discussed. Finally, predictions of
the model are compared against experimental shear force
measurements produced using the BBE test.

2. Finite Element Modeling Strategy
The commercial FE code Abaqus Explicit has been used
throughout this investigation. The FE model uses the same
combination of mutually constrained truss elements (representing the high tensile stiffness fibres) and membrane
elements (representing the shear properties of the fabric) as
that described in [15] (see Figure 1).
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Figure 1: FE unit cell representation of textile structure modelled
using mutually constrained membrane and truss elements (from
Harrison et al. [16]).

The mesh is automatically generated using an in-house
mesh generation code. A simple approximate homogenisation method has been used to calculate truss dimensions and
mechanical properties. Using the equation
𝐴 1 𝐸2
=
,
𝐴 2 𝐸1

(1)

where 𝐴 1 is the cross-sectional area per unit length of the
ends of either the warp tows of a typical glass fabric (e.g.,
∼0.000086 m2 per metre in Harrison et al. [10]) and 𝐴 2 is
the combined cross sectional area per unit length of the truss
elements in the mesh, 𝐸1 is the tensile stiffness of typical glass
tows (e.g., 30–73 GPa [16–21]) and 𝐸2 is the stiffness of the
truss elements used in the FE mesh.
The truss properties chosen for the truss elements
here (stiffness = 6 GPa, length = 0.01237 m, circular crosssectional area 1 × 10−6 m2 gives an area per unit length,
𝐴 2 , of 0.000082 m2 per m) produce a sheet with a tensile
response between about 5 and 13 times lower than an actual
woven glass fabric, and for simplicity, the nonlinear tensile
behaviour in the tows due to fabric crimp, for example, [22–
24], is neglected. In this investigation, decreasing the tensile
modulus of the truss elements in this way has been found
to produce improved performance when modelling a sheartension coupling and also tends to reduce simulation times
when using the explicit FE method (due to the Courant
stability condition). Previous researchers have also used
this technique to improve computational efficiency [24, 25].
If this is done, care has to be taken to ensure that this
reduction in stiffness has a negligible influence on the final
complex forming simulation predictions. For example, in one
forming case study, Willems [24] found that reducing the
tensile stiffness by factor of 20 caused a 2∘ of change in the
resulting shear deformation predictions. In this investigation,
as will be shown, the method of implementing the sheartension coupling is based on the tensile strain along the fibre
directions. The latter influences the coupling behaviour and
is determined by both the truss properties and the mesh
density. Thus, once the shear-tension coupling is calibrated
to a given mesh density, any subsequent change in mesh
density has to be compensated for by an appropriate change
in the truss properties (either by changing the modulus or

cross section of the truss elements). Given that the main aim
of this work is to examine the possibility of modelling the
experimentally observed coupling between in-plane tension
and shear stiffness [10], more accurate modelling of the tensile
response of the fabric is deferred to future work. Ideally, this
will involve correctly capturing the coupling between tensile
strains in the two fibre directions due to fabric crimp.
The membrane elements provide no contribution to the
tensile stiffness of the mesh and are only used to add shear
resistance to the sheet. The membrane elements have an
initial thickness of 0.0002 m with a Poisons ratio of 0. The
shear stresses within the membrane elements are modelled
using an enhanced version of the shear part of the original
non-orthogonal constitutive model [15, 26, 27] (S-NOCM),
as discussed in the following section. By replacing the tensile
part of the original non-orthogonal constitutive model (TNOCM) [15, 26, 27] with truss elements, the stress field within
the membrane elements can be completely decoupled from
the tensile stresses occurring along the fibre directions within
the membrane element. The shear stress in the membrane
elements can consequently be precisely controlled as a function of any of the state-dependent variables defined within the
user-subroutine used to implement the constitutive model
(e.g., shear angle, angular shear rate, temperature, or strain
along the fibre directions). This strategy has been used
recently to create a rate-dependent or viscous constitutive
model for thermoplastic advanced composites [16, 28, 29].
The original implementation of the S-NOCM VUMAT usersubroutine has been modified in order to implement a sheartension coupled version of the model, as described in the next
section.

3. Implementation of Shear-Tension
Coupling in the S-NOCM
Implementation of the shear-tension coupled S-NOCM
involves linking the shear parameters in the original SNOCM model with the tensile stresses (or equivalently the
tensile strains) acting along the warp and weft fibre directions
in the fabric. Like the shear angle, the tensile strains are
accessible as state-dependent variables within the Abaqus
user-subroutine. In this section, a method of producing the
same shear-tension coupling in the numerical model as that
measured in actual woven engineering fabrics is described.
The technique involves a four-stage process, as follows.
3.1. Stage One. This involves simulating the BBE test; details
of the actual experiments can be found in [10]. A BBE
test sample with dimensions 210 × 210 mm and a clamping
length of 70 mm is modelled (see Figure 2) using mutually
constrained truss and membrane structural elements (572
truss and 264 membrane elements) as shown in Figure 1.
The typical computation time for each simulation was about
10 minutes using a Dell OptiPlex 760 Intel (R) Core(TM)2
Duo CPU E7500@2.93 GHz and 3.25 GB of RAM running
Abaqus Explicit v 6.9. Faster simulation speeds could have
been obtained using the symmetries of the test (e.g., by
simulating just a quarter of the test), though this would
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Figure 2: The BBE FE model. Force boundary conditions are applied to the right and left centrally located node sets, and vertical displacement
boundary conditions are applied to the upper and lower centrally located node sets. The colour legend indicates the shear angle. The three
different deformations occurring in Regions A, B and, C of the test specimen are clearly visible. The shear angle in Region A is taken from
the highlighted element.

require modification to the automatic mesh generator to create triangular elements along the centrelines of the specimen,
also since future work will involve exploring the influence
of fibre orientation variability on test results (e.g., see [30]),
this would negate the existing symmetries of the test, and so
full specimen simulations have been conducted. These have
been conducted in two steps. Step one involves application
of a constant transverse load, 𝐹𝑐𝑖 equal to the loads used
in [10] (5, 37, 50, 75, and 100 N). The superscript 𝑖 is the
experiment number (𝑖 = 1 to 5) with each experiment using
a different transverse load (𝑖 = 1 corresponds to 5 N, 𝑖 = 2
corresponds to 37 N, etc). The transverse load is applied to
nodes at the edge of the central section of the right and
left sides of the blank (Region C in [10] see Figure 2). Step
two involves applying a displacement controlled boundary
condition on the upper and lower centrally located nodesets at the middle of the top and bottom side lengths of the
blank (corresponding to the edge of Region C in [10]) see
Figure 2. The corresponding experimental shear forces versus
shear angle curves, 𝐹𝑠𝑖 (𝜃), measured on a plain weave glass
engineering fabric were used as input curves in the standard
S-NOCM to conduct these preliminary simulations, and for
simplicity, 𝜃, the shear angle in Region A, is taken from
one of the central elements of Region A (see Figure 2). This
approximation assumes the shear angle across all elements in
Region A is uniform. In practice, a variation in the shear angle
within each of the regions A, B, and C exists. It will be shown
later that the size of this variation is small and depends on
the shear angle and the size of the transverse load applied to
the specimens. 𝐹𝑠𝑖 (𝜃) are initially approximated from the axial

load, 𝐹𝑚 (𝜃), [10] using (2). In Stage 4 of the fitting process, this
estimate is improved using a simple normalisation procedure
𝐹𝑠 =

𝐹𝑚 (𝜃)
.
2 cos (𝜋/4 − 𝜃/2)

(2)

Note that to determine 𝐹𝑚 , contributions to the measured
total axial force, 𝐹𝑇 , from the reaction force, 𝐹𝑟 , which is
caused by application of the transverse clamping load, 𝐹𝑐 ,
must first be removed before applying (2). The method of
doing this for experimental results is described in [10]. To
do this for the numerical results, the following equations are
used:
𝐹𝑚 = 𝐹𝑇 − 𝐹𝑟 ,

(3)

where 𝐹𝑟 is determined from 𝐹𝑐 using
𝐹𝑟 =

𝐹𝑐 V𝑥
,
V𝑦

(4)

where V𝑦 and V𝑥 are the vertical and horizontal velocities
of the nodes at the upper, bottom, right, and left node sets,
respectively.
3.2. Stage Two. This involves determining the average tensile
strains, 𝜓, along the warp and weft fibre directions, 𝜀𝑤𝑎𝑟𝑝 and
𝜀weft , as a function of the shear angle for 𝑖 = 1 to 5. The
tensile strains are given as state-dependent variables within
the VUMAT user-subroutine and have been verified to be the
same as the tensile strains occurring along the truss elements
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bounding the corresponding membrane element. The average
tensile strain across the entire specimen along the two fibre
directions is determined as a function of the shear angle
in Region A, by taking an average of 𝜀warp and 𝜀weft from
a selection of elements across both Regions A and B. The
average fibre tensile strain is determined for each value of the
transverse loads, 𝐹𝑐𝑖 , as a function of the shear angle, and a
polynomial curve is fitted to the data from each of the five
simulations, 𝜓𝑝𝑖 (𝜃), the coefficients of which are stored for
later reference by the enhanced S-NOCM code during the
course of the simulations (the p subscript indicates this is
a fitted polynomial function). Thus, each shear force input
curve 𝐹𝑠𝑖 (𝜃) has a corresponding average fibre strain curve
𝜓𝑝𝑖 (𝜃).
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Ψ > Ψ1
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End

Figure 3: The flow chart of shear-tension coupling algorithm which
runs for each membrane element at every time increment during a
simulation.

400

100 N

𝐹𝑠 (N)

3.3. Stage Three. This involves implementing the sheartension coupling in the VUMAT user-subroutine. To do
this, code has been added within the original VUMAT usersubroutine for the S-NOCM to compare the value of 𝜓 in
each membrane element at each time increment against the
values of 𝜓𝑝𝑖 (𝜃) using the shear angle within the element
(also given as a state dependent variable in the VUMAT user
subroutine). Depending on the value of 𝜓, the code assigns
the appropriate shear force curve 𝐹𝑠𝑖 (𝜃) to the element using
the algorithm given in flow chart Figure 3. The shear stress
within the element is then determined using the S-NOCM.
Thus, the shear force input curve is now a function of
both the shear angle and the fibre strain within the membrane
element. The process is illustrated in Figure 4, which shows
actual shear force data measured in experiments and values of
the average tensile strain along the fibre directions predicted
in the FE simulations of the BBE test (see Figure 4). The
process of assigning the appropriate shear force versus shear
angle curve is described and illustrated in Figure 4 using a
specific example. Note that in Figure 4, only data corresponding to tranvserse loads of 5, 50, and 100 N are shown in order
to simplify the figure.
Consider an element that has a shear angle of 45∘ at
time, 𝑡. The average tensile strain, 𝜓, inside the element
is determined, and in this case, the value is 0.03. An
orange point indicates the (𝜃, 𝜓) coordinate in Figure 4. The
algorithm in the flow chart shown in Figure 3 is run to
determine where the average tensile strain in the element,
𝜓, lies in relation to the average tensile strain versus shear
angle polynomial curves, 𝜓𝑝𝑖 (𝜃) (plotted as black lines in
Figure 4). Once the appropriate polynomial is identified and
assigned to the element (the assignment is indicated by a blue
arrow in Figure 4, in this case, 𝑖 = 3 for the 50 N transverse
load), the corresponding shear force versus shear angle curve
𝐹𝑠𝑖 (𝜃) (plotted as red lines in Figure 4) is also assigned to the
element, indicated by a red arrow in Figure 4. 𝐹𝑠𝑖 (𝜃) is used to
determine the shear stiffness of the membrane element using
the S-NOCM, as has previously been described in detail in
[15].
At this point, it is possible to compare the results of the
enhanced S-NOCM against the experimental input data, as
shown in Figure 5. Here, experimental data from [10] are
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100 N

50 N

0
×107 2
1.5
𝜓

50 N
5N

5 0.03
N
1
0.5
0

0

10

20

45∘ 50
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∘)
𝜃(
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Figure 4: Shear force plotted against the shear angle, 𝜃, and the
average fibre strain, 𝜓. Black lines indicate the average tensile strain
versus shear angle polynomial curves plotted in (𝜃, 𝜓) 2-D space,
and red lines indicate the corresponding shear force versus shear
angle curves, plotted in the (𝜃, 𝜓, 𝐹𝑠 ) 3-D space.
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500

the parameters governing the shear behaviour in the material’s constitutive model. Normalisation is relatively simple
for the picture frame test [33], where the entire specimen
undergoes homogenous deformation but is more complex for
bias-extension tests. Here, the specimen undergoes different
deformations in different regions (e.g., see Figure 2), and this
has to be taken into account when interpreting test results.
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Figure 5: Comparison between the experimental [10] and the
predicted results using non-normalized 𝐹𝑠 −𝜃 of BBE in the coupling
NOCM.

plotted as thin continuous lines with error bars (a different
colour for each transverse load), and numerical predictions
are plotted as thick continuous lines (the same colour as
the corresponding experimental curve). Agreement between
numerical prediction and experimental input curve is quite
poor at this stage as the experimental shear force input
curves supplied to the code are not yet normalised. The
issue of normalisation of shear test results for advanced
composites in bias-extension tests is well known, and some
author have used gauge sections [31], while others have
considered the energy or force contributions from the entire
specimen, including Regions A, B, and C [32–36]. In these
cases, the precise normalisation procedure depends on the
test method (uniaxial or biaxial), the specimen geometry, and
the material’s response during shear (rate dependent, rate
independent, or showing a coupling between tensile strain
and shear resistance). A theoretical method to normalise BBE
test results for materials with a strong shear-tension coupling
was described in detail in [37]. The method requires custom
software to retrieve the underlying normalised data via an
automated iterative process. Future work will involve use of
this theory for accurate and fast normalisation. For now, a
simpler approximate normalisation technique is described
in the final stage, Stage 4, of the fitting process. The aim of
normalisation procedures is to find the shear response of the
fabric per unit length or per unit area, in order to determine

3.4. Stage Four. This involves a simple normalisation procedure aimed at normalising the experimental input curves
(which have to be supplied as shear force per unit length
of fabric). By correctly normalising the experimental biaxial
bias-extension curves, the numerical simulations should
produce approximately the same shear force versus shear
angle predictions as those observed in experiments. To do
this, an approximate procedure is used here by the following
simple iterative method. (i) The input shear force versus
shear angle curves are divided by the predicted shear force
versus shear angle curves to produce a ratio (also a function
of the shear angle). (ii) Polynomial functions, 𝑅𝑝𝑖 (𝜃), are
fitted to each ratio curve (iii) Input curves are multiplied
by the ratio curves to produce a next generation of input
curves (iv) The process is repeated until reasonable agreement
between numerical BBE test predictions and experimental
results is obtained. Normally around three iterations are
required. This is a simple method designed only to examine
the possibility of introducing a shear-tension coupling in the
model. Future work will involve employing the more rigorous
normalisation developed in Harrison [37]. Figure 6 shows the
comparison between the original experimental results and
the final predicted shear force versus shear angle curves after
conducting this normalisation process. The horizontal error
bars given on the numerical results indicate the variation in
shear angle across Region A, calculated using the standard
deviation of the shear angle of all elements in Region A.
The vertical error bars on the experimental results indicate
the variation in the measured force, calculated using the
standard deviation of 3 tests. Thus, the full length of each
error bar represents two standard deviations. The agreement
between numerical predictions and experimental data is
clearly improved compared to Figure 5.
To test the effectiveness of the modelling approach,
two final BBE simulations are conducted, this time using
transverse loads increasing linearly in time from 5 N to 100 N
rather than using constant transverse loads. In Figures 7(a)
and 7(b), the grey curves are experimental results originally
reported in [10], and the black curves are the numerical
predictions following the approximate normalisation process
described in Stage 4, when applying constant transverse loads
of 5, 37, 50, 75, and 100 N (the same information is shown in
Figure 6). The blue curves in Figures 7(a) and 7(b) are the
results predicted by the coupled S-NOCM when increasing
transverse loads are applied over the course of the test. In
Figures 7(c) and 7(d), the applied transverse load is plotted
against 𝜃 rather than against time, creating slightly nonlinear
profiles. In Figures 7(a) and 7(c), the transverse load is
increased from 5 N at 0 s and linearly increased in time to
100 N at the end of the simulation. In Figures 7(b) and 7(d) the
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used here takes no account of the shear-tension
coupling in the fabric, and a more rigorous method
was recently proposed in [37]. Future work will aim to
employ this method to improve accuracy and reduce
the uncertainty in the shape of the input curves passed
to the S-NOCM.
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300

(iii) The third is the method of calculating the stress
increment at each time step. A tangent stiffness matrix
has been used to determine this stress increment; that
is,
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Figure 6: Comparison between the experimental and the predicted
results using the coupled S-NOCM and normalized 𝐹𝑠 − 𝜃 input
curves from the BBE 3 : 1 simulations.

transverse load is held constant at 5 N for the first 60% percent
of the total simulation time, then increased linearly to 100 N
for a further 80% percent of the total simulation time, and
then held constant at 100 N until the end of the simulation.
As expected, the axial force predictions of the enhanced
shear-tension coupled S-NOCM, made using increasing
transverse loads, move across the normalised numerical
predictions generated using constant transverse loads (the
black curves). The different transverse loads versus shear
angle profiles, 𝐹𝑐 (𝜃), shown in Figures 7(c) and 7(d), produce
different axial force predictions, as can be seen by comparing
Figures 7(a) and 7(b). The result in Figure 7(a) is close to that
which might be expected from the woven glass fabric used in
the experimental investigation [10]. However, while the result
of Figure 7(b) appears correct until around 30∘ , an unrealistic
softening is apparent above this shear angle. Thus, at this
point the predictions of the model have been found to be
qualitatively correct under simple loading conditions though
they can show unexpected behaviour under more complex
loading. Possible explanations for the unexpected predictions
could be related to the following.
(i) The first is the choice of elements used to create the
average strain curves, 𝜓𝑝𝑖 (𝜃). The resulting predictions
have been found to be sensitive to this choice, and
future work may involve using a more refined mesh
to model the BBE test and use a larger selection of
elements to examine this sensitivity.
(ii) The second is the normalisation technique used in
this work. The very simple normalisation procedure

𝑑𝜎𝑖𝑗
𝑑𝜃

⋅ Δ𝜃.

(5)

The linearisation process is known to reduce the sensitivity of the technique of using multiple input curves
to control the shear compliance of the membrane
elements, a point discussed in detail in [16]. Nevertheless, the linearised increment was used in this first
attempt to model to the shear-tension coupling, as
the method has the advantage of being particularly
robust. Future work will focus on improving the sensitivity of the approach, using the methods described
in [16].
Despite the irregularities in the predictions of the sheartension coupled model under certain in-plane loading conditions, it is clear that the technique proposed here produces a
shear-tension coupling similar to that seen in actual experiments. Future work will focus on improving the accuracy of
the method, though the model predictions are considered to
be sufficiently accurate at this stage to begin to examine the
question of whether or not and also under which conditions,
the influence of a shear-tension coupling on the shear angle
and wrinkling predictions of complex forming simulations, is
important.

4. Conclusion
A method of modelling the coupling between shear compliance and in-plane tension in woven engineering fabrics has
been demonstrated. The method is similar to that used previously to create rate-dependent “viscous” behaviour using
a hypoelastic model [16] though here the average in-plane
strain along the two tow directions, rather than the angular
shear rate, is used to control the selection of the shear force
versus shear angle curve for use in the non-orthogonal constitutive model (used to relate the shear force and shear stress)
[8, 9]. A simple normalisation procedure has been proposed.
The sensitivity of the modelling approach is assessed and
found to give reasonable results, clearly showing a coupling
between shear compliance and in-plane strains in the fibre
directions. Future work will involve refining the modelling
and normalisation process in order to improve the accuracy
of the predictions and could also involve reimplementing
the technique using fibre stress rather than strain to control
input shear curve selection. The shear-tension coupled model
will be used to evaluate the importance of a shear-tension
coupling on the predictions of complex forming simulations.
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Figure 7: Evaluation of the coupled S-NOCM (a) and (b). The faint grey lines are the experimental results from [10], the black lines are the
normalised predictions shown in Figure 6, and the blue lines are the predicted results when an increasing transverse load is applied to the
sides of the specimen. The transverse loading profiles are profiles shown in (c) and (d), respectively.
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Autoclaving is a process that ensures the highest quality of carbon fiber reinforced polymer (CFRP) composite structures used in
aviation. During the autoclave process, consolidation of prepreg laminas through simultaneous elevated pressure and temperature
results in a uniform high-end material system. This work focuses on analyzing in a fundamental way the applications of pressure
and temperature separately during prepreg consolidation. A controlled pressure vessel (press-clave) has been designed that applies
pressure during the curing process while the temperature is being applied locally by heat blankets. This vessel gives the ability
to design manufacturing processes with different pressures while applying temperature at desired regions of the composite. The
pressure role on the curing extent and its effect on the interlayer region are also tested in order to evaluate the consolidation of
prepregs to a completely uniform material. Such studies may also be used to provide insight into the morphology of interlayer
reinforcement concepts, which are widely used in the featherweight composites. Specimens manufactured by press-clave, which
separates pressure from heat, are analytically tested and compared to autoclaved specimens in order to demonstrate the suitability
of the press-clave to manufacture high-quality composites with excessively reduced cost.

1. Introduction
Autoclaving is among several manufacturing methods for
polymeric composites. It is a process mainly utilized in the
field of aviation as it guarantees the highest quality for composite structures. The autoclaving process brings the individual prepreg plies together and consolidates them through
pressure into a uniform solid material. Elevated temperatures
are necessary to initiate and complete the curing reaction for
thermoset-based prepregs. This work focuses on an effort to
analyze in a fundamental way the applications of pressure
and temperature separately during prepreg consolidation. A
controlled pressure vessel has been designed that applies
pressure during the curing process while the temperature
is being applied locally by heat blankets. This vessel gives
the ability to design manufacturing processes with different
pressures while applying temperature at desired regions of
the composite. The role of pressure on the curing extent and
its effect on the interlayer region are also tested in order
to evaluate the consolidation of prepregs to a completely

uniform material. Such studies may also be used to provide
insight into the morphology of the interlayer reinforcement
concepts such as 𝑧-direction oriented aligned carbon nanotubes (CNTs) that have shown promise in increasing interlaminar toughness of unidirectional prepregs [1, 2]. Independent variation of temperature and pressure allows these
effects to be understood on the CNT alignment and overall
penetration into the adjacent bridged plies.
The combination of heat and pressure applied on prepreg
plies is necessary in order to consolidate them into a fiberreinforced polymer composite based on fabricated prepregs.
Furthermore, the curing reaction initiation and completion
of thermosetting prepreg materials requires elevated temperatures. Several techniques, such as press- or autoclave operations, are available to conduct this manufacturing operation
[3]. For manufacturing high-performance polymeric composite materials, autoclaving is the most common technique,
mainly due to the versatility and comprehensiveness of this
processing type and the large parts production capability
with relatively inexpensive tooling [3]. Nevertheless, long tool
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assembly and processing time make this method a costly,
inefficient, and unattractive process for high-volume manufacturing. This is the main reason for utilizing autoclaving
in aerospace industrial applications, where the importance
of materials outweighs cost. The option of a more affordable
technique though with similar quality potential is still very
attractive.
Although autoclaving is the manufacturing process used
for almost all the polymeric composite parts utilized in aerospace field, in our days, the economic situation requires solutions that will be more affordable than the conventional autoclave processing without sacrificing quality. Efforts are made
to manufacture materials of the same quality but with less
expensive methods such as vacuum-assisted resin transfer
molding (VARTM) [4–7], resin infusion techniques [8, 9],
and resin transfer molding (RTM) techniques [10]. The weaknesses of these methods are the inability to control temperature and pressure while curing as well as nonuniformity
throughout the structure, which is translated in void formation. Furthermore, these techniques are not able to utilize
prepregs apart perhaps from the RTM techniques when the
mold is able to heat up (e.g., in a press) [11, 12]. The autoclave,
on the other hand, is designed to cure prepregs, and it gives
a neat uniform structure with controlled size of voids or no
voids at all [3, 12, 13]. The necessity of prepregs in aerospace
composite structures is carried in the prepreg nature to be
first, pre-wetted with resin without letting voids to be formed,
second, responsible for allowing a high-quality composite
part, third, of assistance in a much faster manufacturing process compared to the processed mentioned earlier as there
is no need for resin handling, and finally, able to control
the desired accumulation of resin into the composite part
[3, 12, 13]. The latter reasons make it inevitable for the aerospace field to stop utilizing prepregs; as a consequence, the
affordability has to focus on the method. A process that will
be able to cure prepregs with the same quality as autoclave but
in lower cost is in demand.
Such an affordable method is the pressurized vessel or
“repair clave,” such as the one manufactured by Heatcon
Composite Systems in Seattle, WA, USA. The main characteristic of this clave is the separation of pressure and temperature
while curing. Despite its first purpose of being utilized as a
repair technique in aviation, this work brings the beginning
of a breakthrough to prove that this technique can be used for
manufacturing as well, without major differences in the final
material product quality. Carbon fiber prepreg panels were
manufactured in the clave under different pressures, and they
were tested in dynamic mechanical analysis (DMA) and differential scanning calorimetry (DSC) to investigate the pressure effect on the dynamic mechanical properties as well as on
the curing quality of the materials. The description of future
work needed to further investigate this effort is also mentioned in this paper [14].

2. Autoclave Processing
High-quality polymeric composites manufacturing requires
high-pressure procedures of 70 to 90 psi such as autoclaving,
which is used in high tech applications and mainly in aviation.
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Figure 1: Autoclave entire lay-up [14].

The autoclave is a device that can generate a controlled
pressure and temperature environment. While several autoclave types are available, all consist primarily of three units:
a pressure vessel, a heating/cooling system, and a control
unit. When prepreg-based composites are processed using
autoclaves, they undergo several steps prior to the actual
autoclaving. These steps usually follow a strict procedure
because they have been found to affect the final properties of
the composite [15]. Similar to other composite manufacturing
techniques, the prepreg materials are stacked or laid-up to
yield a laminate of the required dimensions. The entire layup including prepreg plies, release film, and breather cloth
is then covered with a vacuum bag as shown in Figure 1.
Since the pressures in the bag and autoclave are different, a
compacting force that corresponds to this pressure difference
is exerted on the laminate. Through this feature and the
flexible characteristics of the vacuum bag, the pressure is
always acting normally to the laminate surface, which leads
to a uniform pressure distribution. This uniform pressure
distribution, which is applied continuously throughout cure,
reduces the risk of void formation, especially when dealing
with thermosetting prepreg materials [16–21].
After completion of the vacuum bag, the laminate can be
autoclaved using a certain temperature and pressure profile.
In composite fabrication, the autoclave is usually pressurized
with nitrogen so that fire hazards imposed by the exothermic
prepreg materials are reduced [22]. Heat is applied using heat
exchangers in conjunction with fans that assist heat transfer
[3, 14, 23].
Generally for autoclaves, the usual processing procedure
for thermosetting prepreg curing is to firstly increase pressure
and right afterwards heating the autoclave at a chosen heating
rate to the desired temperature. According to most fluids
behaviour, the viscosity of the matrix will decrease with this
temperature rise. As a result, at elevated temperature, the
resin will freely flow, facilitating the consolidation process
until eventually the chemical cross-linking starts occurring
and forming gelation. At this point, the resin will soon change
from a liquid into a solid, and it will start preventing viscous
flow. It is, therefore, important that the chemorheology of
the prepreg resins is known in order to complete consolidation and volatile removal prior to resin gelation. A typical
autoclave cycle containing two isothermal dwells is shown
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Figure 2: Typical diagram of temperature and pressure profile for
curing in a clave [14].

in Figure 2. The first dwell is performed to prolong the time
range for consolidation and eventually to prereact the matrix
to reduce the risks of large exotherms. The second dwell is
the actual cure step. Most commercial epoxy-based prepreg
systems require cure temperatures of 121∘ C or 178∘ C. The
application of pressure assists the consolidation and helps
suppress voids in the laminates.
Nevertheless, high pressures might eventually drive too
much resin out of the fiber bed leading again to void formation, resulting from resin starvation this time. Even though
much research has focused on the autoclave consolidation
and processing optimization, the developed models are of
limited use. So, many variables such as prepreg type, part
dimensions, vacuum bag materials, lay-up, and processing
conditions influence the consolidation that the composites
industry has determined almost all operating conditions by
trial and error. Consequently, the aerospace industry has tried
to employ standardized procedures. For instance, the majority of these parts are cured using 121∘ C or 178∘ C standard
cure cycles. In addition, one distinguishes between high-,
intermediate-, and low-flow prepreg systems. Considering
this information, the lay-up can be adjusted such that the
optimum part qualities can be accomplished [3, 14, 15, 18, 19,
23].

Although the main difference between a repair clave
and an autoclave comes from the fact that one is mainly
dedicated to repairs of composite parts while the other for
manufacturing, it is believed that a repair clave could become
a useful tool in manufacturing simple parts at a much more
affordable cost. Currently, autoclaves could be used for repairs
also, if extensive rebuild of a part is needed. The repair clave
can be referred to as an affordable autoclave, as it reaches
almost the same pressures, but it permits the use of localized
heat which results in much more economical cures. However,
one needs to investigate if the quality of a repaired part can be
maintained at the standards of a part manufactured through
an autoclave.
There are of course many differences that put the two
claves apart, but by understanding these differences, one
can see at which common point the repair clave might be
used as a possible future autoclave for manufacturing simple
composite parts (Table 1).

4. Experimental

3. Pressurized Vessel

In order to investigate the role of pressure during manufacturing, when it is applied separately from the temperature,
and how it affects the final material, four different plates were
manufactured under four different process pressures. The
four different pressures were 0, 30, 50, and 70 psi. Each panel
had eight plies of woven carbon fiber prepreg (type: Cytec
Engineered Materials BMS 8–297, HMF 934 Carbon Prepreg
Fiberite 934, resin density 1.3 g/cc). The configuration of the
plies is (0, 90, ±45)s. Dimensions of the panels were 10 × 8
inches with an approximate thickness of 1 mm. After being
manufactured, the panels were cut to appropriate samples
for dynamic mechanical analysis and differential scanning
calorimetry analyses.

The repair clave (Figure 3) is a semiportable pressure vessel,
designed to provide controlled temperature, vacuum, and
pressure for repair of composite and metal-bonded parts that
require higher pressures than can be achieved by vacuum
only. Unlike a conventional autoclave, there are no internal
heating elements in the vessel; so, the heat for curing is
derived from heat blankets or other heating elements. This
study focuses mainly on the cures that are done with the help
of heat blankets.

4.1. Processing. The prepreg plies were stored in a refrigerator
at a temperature below 0∘ F or −17.7∘ C. They were cut to the
desired dimensions and orientation. After that, the lay-up
took place. The plies were placed in the desired configuration,
and on top of them, all the layers described in Table 2 were
applied.
The vacuum has to be at least 22 in Hg 0∘ C. When the
desired vacuum is accomplished, the laid-up panel enters the
vessel. The vessel is sealed, and the pressure can be adjusted
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Table 1: Repair clave and autoclave advantages and disadvantages [14, 28, 29].
Repair clave (for the model in Figure 3)

Qualification

Qualified for repairing composite parts

Design considerations

For a vessel of 4 m (12 ft) length and 0.9 m (3 ft)
diameter less than 2 cm thickness needed

General installation

The only extra equipment it needs is a
commercially available air compressor

Operating pressure

Pressurizing system

Heating system

Max to 75 psi (517 kPa)
Higher pressures can be achieved upon request
Through an external air compressor (e.g., for the
model in Figure 3, 305 cm long, a 5 HP, 114 liters
(30 Gallon) pump fills the clave at a rate of
1 psi/min)

Through heat blankets. Heat blanket thermal
uniformity is essential for the curing quality. If the
heat-up rates for the heat blankets are not
respected, cracks can appear in the structures

Vacuum system

“Plug-in wall” (e.g., electrical supply: 90 Volts AC
to 264 Volts AC 47 Hz to 63 Hz, 0.15 Amps; power
50 Watts)
Similar system

Control system

Similar system

Loading system

Similar system
Has a pressure relief valve in case of overpressure;
because the temperature is separated from the
pressure, there is a decreased risk possibility
The electrical system, reduced need for safety
features, reduced thickness of vessel, and therefore
decreased manufacturing costs
Results from a market investigation analysis are
indicatively presented to give a picture of the
low-cost press-clave processing:
sales price: 70% ± 10% less expensive,
operation cost: 80% ± 10% less expensive,
maintenance cost: 30% ± 10% less expensive

Electrical system

Safety

Affordability

Repaired/manufactured parts

Limited geometries that can be created/repaired
due to the 2D heat blanket geometry; also, usage of
heat blankets limits the number of plies that can be
completely cured

to the desired level. Since the pressure is at the level required
by the experiment, the temperature profile by controlling the

Autoclave
Qualified for manufacturing and repair of
composite parts
Thickness of vessel has to be large, as when pressure
and temperature are applied together the
deformation of the vessel is larger (e.g., for a 3 m
(9 ft) autoclave, 0.6 m (2 ft) diameter, temperature <
343∘ C (650∘ F), a minimum 4.5 cm thickness is
needed)
Installation is an important consideration:
foundation, cooling water supply, electrical supply,
gas (if used for heating), and pressurization
medium supply and exhaust arrangements.
Max operating pressure to 85 psi (586 kPa)
Three pressurization gases are typically used for
autoclaves: air, nitrogen, and carbon dioxide
Gas heating is regularly used in autoclaves with
maximum operating temperatures of 450 to 540∘ C
(850 to 1000∘ F). Steam heating is often used for
autoclaves operating in the 150 to 175∘ C (300 to
350∘ F) range. Most small autoclaves (under 2 m, or
6 ft in diameter) are electrically heated. Gas
circulation provides mass flow for temperature
uniformity and heat transfer to the part load.
However, gas stream can cause thermal or
mechanical shock on the manufactured parts
Even small autoclaves are not designed to just plug
in and run (e.g., electrical supply: 230 Volts
AC/50 Hz (110 Volts on request); power: 450 Watts)
Similar system
The cure cycle is controlled by feedback from
thermocouples, transducers, and advanced
dielectric and ultrasonic sensors.
Computer-controlled systems are used, but they are
far more complex
Similar system
Use of pressurized gas to cure has redundant safety
features on any autoclave because of the potential
seriousness of any malfunction

High costs can come from various factors; electrical
consuming system, gas used for pressurization
(nitrogen can be very expensive and air is very
dangerous), requires redundant safety features

Theoretically, any 3D geometry can be
manufactured. Higher number of prepreg plies can
be processed at the same time. However, when used
for repair, areas not being repaired are subject to
high temperatures which may cause deterioration
to existing bonds and finishes

heat blanket initiates curing. All the measurement parameters
can be controlled by a data acquisition system attached to
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Table 2: Lay-up before curing in repair clave [14].

Bagging material
2 layers of 4oz breather
Heat blanket (in all tests presented the
heat blanket used was 120 V, 1125 W,
and 15 ∗ 15 inch (38 ∗ 38 cm))
Thermocouples
1 layer solid release film
1 layer bleeder (style 120 glass)
1 layer perforated release film
Carbon prepreg plies

the vessel. The processing/claving lasts about 4 hours. The
first step elevates the temperature up to 177∘ C with a rate
2.5∘ C/min, and then it goes through an isothermal period of
two hours at 177∘ C. After two hours in the isothermal phase,
the temperature starts reducing with a rate of 2.5∘ C per min.
The pressure is released, and the panel is ready after removing
all the lay-up extra layers.

clave,” samples of approximately 50 × 12 mm2 (𝑙 × 𝑤) were cut
for all four different panels and were tested in the DMA. The
thickness was approximately 1.65 mm for the 0 psi, 1.58 mm
for the 30 psi, 1.51 mm for the 50 psi, and 1.47 mm for the
70 psi. Thus, eventually, experiments of the 4 different panels
manufactured at 0, 30, 50, and 70 psi were tested in 2 different
rates 1 and 5∘ C/min under 3-point bending loading.

4.1.1. DSC Analysis. The differential scanning calorimeter
that was used for these experiments was a 29 series DSC
of TA Instruments, model 291∘ . Three different temperature
elevating rates were used, 0.5, 1, and 5∘ C/min. For all of those
three different rates, the samples were elevated up to 400∘ C.
Taking the panels manufactured in the pressurized vessel
“repair clave,” small samples of 5 to 20 mg weight were cut for
all the four different panels. Hence, eventually, experiments
of the 4 different panels manufactured at 0, 30, 50, and 70 psi
were tested in 3 different rates, that is, 0.5, 1, and 5∘ C/min.

4.1.4. Flexural Mechanical Testing. The specimens were tested
in a screw Instron machine (model 4505). More than five
specimens were tested for each of the four different CFRP
panels of 0, 30, 50, and 70 psi manufactured. Specimens
of 135 × 12 mm2 (𝑙 × 𝑤) were cut from the CFRP panels
(the length mentioned is the gauge length). The thickness
was approximately 1.65 mm for the 0 psi, 1.58 mm for the
30 psi, 1.51 mm for the 50 psi, and 1.47 mm for the 70 psi.
The crosshead of the machine in the three-point bending test
had a speed of 5 mm/min, and the test was performed from
no loading state to failure. A 5 kN load cell was utilized to
perform these experiments.

4.1.2. Scanning Electron Microscopy (SEM) Characterization.
The manufactured samples are also characterized by scanning
electron microscopy, through visual examination of surfaces
resulting after manufacturing. Samples were cut in dimensions of 10×5×1.5 mm3 so that the cross-section (5×1.5 mm2 )
can be observed in the microscope. Although carbon fibers
are conductive, the matrix reduces the conductivity for SEM
observation, and for this reason, higher conductivity was
achieved through low-vacuum sputter coating with gold.
The SEM was a VEGA TESCAN 3SB microscope. Samples
are exposed to an electron beam, which comes through
a tungsten heated filament electron gun. Finally, the SEM
resolution utilized was as high as 3 nm at 30 kV and as low
as 8 nm at 3 kV. Particularly, the CFRP samples were tested at
20 kV and 30 kV.
4.1.3. DMA Analysis. The dynamic mechanical analyzer used
for this study was a Triton DMA. Two different temperature
elevating rates were used, 1 and 5∘ C/min. For both of these
two different rates, the samples were elevated up to 300∘ C. The
samples were tested in 3-point bending experiments. Taking
the panels manufactured in the pressurized vessel “repair

4.1.5. Compression Testing. Furthermore, specimens from
the panels were also tested under compression testing in
the same Instron machine that flexural testing took place.
Specimens of 50 × 12 mm2 (𝑙 × 𝑤) were cut from the CFRP
panels (the length mentioned is the gauge length). The
thickness is again proportional to the psi that the CFRP
panel was manufactured. The crosshead of the machine in the
compression test had a speed of 1.5 mm/min, and the test was
performed from no loading state to failure.

5. Results and Discussion
5.1. Differential Scanning Calorimetry. At first, uncured samples of the prepreg with which the panels were manufactured
were tested in DSC. Figure 4 shows the DSC scans for all
uncured samples at 0.5, 1, and 5∘ C/min heating rates. It can
be easily noticed that with an increasing heating rate, the
area under the peaks, which by integral represents the heat
of the exothermic reaction needed for the cure, is increasing
as well. Thus, the higher the heating rate, the higher the
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Figure 4: Uncured samples heat of cure comparison.

(a)

Cured samples at 70 psi
0

Heat flow (W/g)

heat of cure [24–26]. This happens due to the fact that the
macromolecules of the polymer need more time to respond
to the temperature elevation when the later increases rapidly,
due to the curing kinetics of the thermoset. Because of this
time lag in the curing response, the material appears to extend
and increase the exothermic heat of the polymerization
reaction.
Secondly, dynamic scans from 0 to 400∘ C, at heating rates
of 5∘ C /min, 1∘ C/min, and 5∘ C/min, were carried through
for all different samples manufactured under the pressures of
0 psi to 70 psi. The sample weight varied from 3 mg to 20 mg,
and generally, two samples were collected for each of the
pressure cases in each of the heating rates, in order to verify
the results.
Graphs are provided to give an indication of the evaluation of the samples in DSC based on the exothermic peak.
In Figure 5, the comparison between the two cases 0 psi
and 70 psi can be observed. For the rate of 1∘ C /min, the 0 psi
samples present a slight elevation, which, however, cannot be
considered as an exothermic reaction. At the same time, the
70 psi samples at 1∘ C/min do not show any peaks or elevations
at all. By checking the 5∘ C /min rates, the behavior between
the 0 and the 70 psi samples is similar, as although there are
small exothermic peaks for both 0 and 70 psi, the integral
energy does not significantly vary. As a result, it is considered
that the pressure during manufacturing does not really affect
the percentage of curing. Specifically, in this case, the rate of
heating dominates in affecting the curing percentage.
Figure 6 shows the curves for all the 8 plies samples
analyzed at a rate of 5∘ C/min. As it can be seen, there is no
consistent pattern of behavior for all pressure cases, meaning
that the curing percentage does not increase or decrease as a
function of pressure, but it presents a random behavior. The
two exothermic peaks are noticed for 0 psi and 70 psi, the two
extreme pressure cases. However, for the cases in between
(30 and 50 psi), there are no peaks, which shows that these
were better cured than the rest of the samples, or that the rate
of heating did not affect the curing under these pressures.

−1

−2

50

100

150

200

Temperature (∘ C)
5∘ C/min ramp
1∘ C/min ramp

(b)

Figure 5: DSC scans at 1 and 5∘ C/min for different pressure cases
((a) 0 psi; (b) 70 psi).

Again though, these indications are very random, and there
is no conclusion that can be derived for the curing pressure
and curing percentage relation. This observation can partly
verify the conclusion that was made earlier regarding the
pressure nonmonotonic effect on the curing percentage.
Furthermore, it has also to be mentioned that the correlation
of the DSC experiments of cured samples with the uncured
ones gave a percentage of curing between 93% and 99%,
not consistently distributed from 0 to 70 psi, which can also
be concluded from the DSC graphs and can demonstrate
the curing percentage independence from the curing pressure.
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Comparison of cured samples at 0, 30, 50, and 70 psi, at 5∘ C/min
1
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Figure 6: Eight plies samples comparison for the rate 5∘ C /min at 0,
30, 50, and 70 psi.

5.2. Microstructure Characterization. Scanning electron
microscopy (Figures 7, 8, 9, and 10) clearly present void
formation reduction in number and size as the manufacturing pressure increases.
5.3. Dynamic Mechanical Analysis. Graphs are provided to
present the storage modulus (Figure 11) as well as tan 𝛿
(Figure 13) of the samples manufactured in 0, 30, 50, and
70 psi in 1 and 5∘ C /min.
It can be seen that there is a slight increase of the
modulus while the manufacturing pressure increases, which
is expected, as the higher the pressure, the less void formation
within the composite. There are other factors such as density
change, degree of curing, or glass transition temperature
change, which one could think that may be responsible
for this modulus increase; nevertheless, the first argument
regarding the fewer voids with higher pressure is the most
prevailing one as first, the density does not significantly vary
with the pressure variation according to thermogravimetric
analysis that has been performed [14] for the same specimens,
second, the degree of curing is not affected by pressure as it
has been seen through the DSC analysis, and finally, the glass
transition temperature change is explained in Figure 12.
It is observed that the glass transition temperature decreases while the pressure increases. The glass transition
reduction at 1∘ C /min heating rate is in the order of around
30∘ C (𝑇𝑔 = 206∘ C at 70 psi and 𝑇𝑔 = 228∘ C at 0 psi).
This difference expands when the heating rate increases to
5∘ C/min in the order of around 50∘ C (𝑇𝑔 = 180∘ C at 70 psi
and 𝑇𝑔 = 225∘ C at 0 psi).
This can be explained due to internal stresses [27] that
the higher pressure imparts into the composite. Thus, the

(b)

Figure 7: (a) All different samples manufactured in different
pressures. (b) Samples manufactured at 0 psi, showing increased
void formation.

temperature increase relieves the stresses and the material
softens, leading to an apparent decrease of the glass transition
temperature. This was verified by annealing the 70 psi manufactured samples at 220∘ C for an hour and then performing
DMA at the 5∘ C/min heating rate. The 𝑇𝑔 value was increased
from 180∘ C to 214∘ C, which is a value very close to the 0 psi
manufactured sample (Figure 12).
Finally, the tan 𝛿 of different manufacturing pressures at
1 and 5∘ C/min heating rate is presented (𝛿 is the damping
ratio, and tan 𝛿 represents the loss over the storage modulus).
The glass transition temperature presents similar behavior as
in the storage modulus. Also, the damping from the 0 psi to
70 psi decreases for both heating rates, which correlates with
the storage modulus slight increase while the manufacturing
pressure increases.
The loss modulus (not shown here) influenced by the elastic energy that is lost to the environment basically decreases
as the pressure increases presenting a proportional behavior
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(a)

(b)

Figure 8: (a) The entire thickness cross-section of a sample manufactured at 30 psi. (b) Void also formed at 30 psi sample.

(a)

(b)

Figure 9: (a) The entire thickness cross-section of a sample manufactured at 50 psi. (b) Smaller voids also formed at 50 psi sample.

(a)

(b)

Figure 10: (a) The entire thickness cross-section of a sample manufactured at 70 psi. (b) Even smaller and less voids formed at 70 psi sample.
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Figure 11: Storage modulus of carbon fiber prepregs—8 plies manufactured at 0, 30, 50, and 70 psi in 1 and 5∘ C /min.
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Figure 12: Normalized moduli comparison of 0 psi, 70 psi, and 70 psi annealed. 𝑇𝑔 of the annealed 70 psi sample at 220∘ C is much closer to
the 0 psi sample 𝑇𝑔 .
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Figure 14: Flexural testing stress-strain curves for (a) 0 psi, (b) 30 psi, (c) 50 psi, and (d) 70 psi.

to tan 𝛿. This is also expected as the higher the pressure while
manufacturing, the higher alignment of the macromolecule
chains within the composite, and as a result, the material
softens in lower temperature presenting the loss modulus
peak in a lower temperature [27].
5.4. Mechanical Testing. Two different tests were performed
for the CFRP specimens manufactured under 0, 30, 50, and
70 psi. As stated in the experimental description, the first
testing was flexural mechanical testing (three-point bending).
Figure 14 presents average specimens tested in each of the
manufacturing pressures.
Following, in Figure 15, a comparison of the four different
panels manufactured under 0, 30, 50, and 70 psi in flexural
mechanical testing is presented.

It can be seen that the specimens manufactured under
70 psi have a larger inclination than the specimens manufactured under 0 psi in relation to the strain axis, which is
translated to a higher modulus.
The flexural modulus is calculated by (1):
𝐸𝑓 =

𝐿𝛿 ⋅ 𝐹
,
4 ⋅ 𝑤 ⋅ ℎ𝛿 ⋅ 𝑑

(1)

where 𝐸𝑓 is the flexural modulus (MPa), 𝐿 is the gauge length
(mm), 𝑤 is the specimen cross-section width (mm), ℎ is the
specimen cross-section height (mm), 𝐹 is the load (N), and 𝛿
is the the deflection due to load 𝐹 (mm).
By calculating the flexural modulus with type 2 applied
for the elastic region of the stress-strain curve, the values of
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Table 3: Comparison of specimens manufactured in press-clave and autoclave.
Flexural modulus (GPa)
Flexural strength (MPa)
Compression modulus (GPa)
Compression strength (MPa)

0 psi
41.8 ± 6.08
448.8 ± 40.4
8.88 ± 0.311
42.1 ± 2

30 psi
47 ± 4.7
522.46 ± 42.35
9.96 ± 0.38
40.47 ± 0.25

600

Stress (flex) (MPa)

500
400
300
200
100
0
0

0.002

0.004

0.006

0.008

Strain (flex) (%)
0 psi
30 psi

50 psi
70 psi

Figure 15: Stress-strain comparison of CFRP specimens manufactured under 0, 30, 50, and 70 psi derived from flexural testing.

the flexural modulus are similar to the ones calculated by (1)
as
𝜎 − 𝜎1
,
𝐸𝑓 = 2
(2)
𝜀2 − 𝜀1
where 𝜎1 and 𝜎2 are two random stress values on the stressstrain elastic region (𝜎2 > 𝜎1 ), and 𝜀1 and 𝜀2 are two random
strain values on the stress-strain elastic region (𝜀2 > 𝜀1 ).
Equation (2) actually gives the direction coefficient of
the stress-strain curve elastic region, which is the respective
modulus.
Regarding the compression testing that was performed,
Figure 16 presents the stress-strain curves of average specimens tested in each of the manufacturing pressures.
Following, in Figure 17, a comparison of the four different
panels manufactured under 0, 30, 50, and 70 psi in compression mechanical testing is presented.
It can be seen that there are no large differences in the
inclination of the stress-strain curves at the elastic region.
This means that the modulus of CFRPs manufactured under
different pressures does not present significant changes in
compression loads from low to higher pressures while manufacturing. The compression modulus is derived from (2),
applied for the elastic region of the compression testing stressstrain curve.
The moduli and strength behaviour can also be seen in
Table 3, where the average flexural and compression moduli and strengths for each of the CFRP panels are presented. Also, Table 3 illustrates mechanical testing results

50 psi
51.67 ± 1.53
547.9 ± 6.35
9.29 ± 1.1
39.97 ± 1.07

70 psi
58.67 ± 1.16
613.4 ± 21.8
9.02 ± 2.22
43.13 ± 2.17

85 psi autoclave processing
60 ± 2.3
618 ± 15.4
10.4 ± 1.2
44.5 ± 1.05

of specimens manufactured through conventional autoclave
compared with those manufactured through the Press Clave.
It can be seen that the high-pressure—70 psi—specimens
present mechanical properties very similar to the autoclaved
ones.
The results presented in Table 3 are statistically significant
as well as the differences between the values of the specimens
manufactured at 0, 30, 50, and 70 psi. Linear regression analysis was performed for the experimental results. A level of
significance at 0.15 was used to compare the results. It turned
out that in all cases, the 𝑃 value of the regression analysis
was below the 0.15 significance level, and as a result, the
mechanical properties comparison shows statistically significant values and differences as a function of pressure. Taking
the intervals of each group of experiments average through
a double-sided 𝑡-test with a 0.15 level of significance, we are
85% confident that the values of the mechanical properties
will lie within the range that is presented in Table 3 for each
combination of property and pressure.
The analysis made throughout this section of innovative
manufacturing with DSC, DMA, flexural and compression,
and SEM characterizations gives the picture of the quality of
composites manufactured through the press clave. DSC testing assures that composites are properly cured; DMA examines the viscoelastic behaviour of composites; flexural testing
exhibits the stiffness improvement analogously with the
higher manufacturing pressure; SEM gives information on
the surface quality of the samples manufactured under different pressures. Furthermore, compression tests show that both
modulus and strength under compression do not vary, and
as a result, they are not affected by the different manufacturing pressure. Consequently, the well-cured specimens under
the press-clave, the acceptable surface that they present in
SEM characterization, and most importantly the slight differences in flexural strength and modulus under high-pressure
manufacturing demonstrate that the press clave can be
utilized as a decent alternative manufacturing process of the
extremely expensive autoclave. Of course, this high-quality
manufacturing through the press clave is achieved by the use
of heat blankets, which are necessary for achieving the appropriate curing temperature profile while manufacturing and
the thermal uniformity within the part while curing. The
latter is very accurate in conventional autoclaves as it is very
important for high-quality CFRP parts. Thus, the heat blanket
is a mandatory tool in press clave manufacturing for accurate
thermal uniformity within the part that is manufactured.
Nevertheless, besides the obvious financial and other benefits
from the utilization of heat blankets, their limitation compared to the heating system of an autoclave is the threedimensional and the complex geometry manufacturing of
composite parts.
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Figure 16: Compression testing stress-strain curves for (a) 0 psi, (b) 30 psi, (c) 50 psi, and (d) 70 psi.

6. Conclusions
The DSC results were not conclusive with respect to expected
percentages of curing. It could not be concluded that the
percentage of cure would be higher with a higher pressure,
and also it was noticed that the differences from one pressure
to another were quite small. These small differences could
appear also because of the way the lay-up is done or the way
the vacuum was maintained through the curing process. It
is also possible that the differences are so small because of
the small number of plies subjected to the experiments. An
increased number of plies and an increased number of experiments could offer more definitive answers with respect to
the influence of pressure on the manufacturing process of

composite parts. In the future, it is planned to further investigate the press clave manufacturing technique and specifically test several specimens in DSC that have been manufactured with increased number of plies and more experiments
to investigate the percentage of curing in several levels of
the composite thickness, which will be demanded since the
number of plies is increased.
Furthermore, the dynamic mechanical analysis DMA
gives the expected results regarding the storage modulus reaction with the manufacturing pressure increase. The higher the
manufacturing pressure the higher the modulus. However,
there is a significant decrease in glass transition temperature
as the manufacturing pressure, increases. This happens due
to internal stresses formed in the materials when pressure
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Figure 17: Stress-strain comparison of CFRP specimens manufactured under 0, 30, 50, and 70 psi derived from compression testing.
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is higher. Then, these internal stresses are relieved during
heating and soften the material, resulting in a reduced 𝑇𝑔 .
Additionally, scanning electron microscopy observation
was performed for samples from all pressures. The results
verified the storage modulus increase, as the higher the pressure, the less void formation. Finally, as far as the mechanical
testing is concerned, the specimens under flexural testing
exhibited a significant increase of both the flexural modulus
and strength as the manufacturing pressure increases. On
the other hand, the compression testing showed that the
compression modulus is not dependent on the manufacturing pressure, and thus, besides a slight increase from 0 to
70 psi which is considered negligible, it presents relatively
similar values for all the specimens. Similar behavior of
manufacturing pressure independence is presented by the
compression strength as well. The mechanical comparison
with autoclaved samples exhibits the press clave potential as
a curing alternative of the highly costly autoclave.
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Terahertz (THz) applications have emerged as one of the most new powerful nondestructive evaluation (NDE) techniques. A new
T-ray time-domain spectroscopy system was utilized for detecting and evaluating orientation influence in carbon fiber-reinforced
plastics (CFRPs) composite laminates. Investigation of terahertz time-domain spectroscopy (THz-TDS) was made, and reflection
and transmission configurations were studied as a nondestructive evaluation technique. Here, the CFRP composites derived their
excellent mechanical strength, stiffness, and electrical conductivity from carbon fibers. Especially, the electrical conductivity of
the CFRP composites depends on the direction of unidirectional fibers since carbon fibers are electrically conducting while the
epoxy matrix is not. In order to solve various material properties, the index of refraction (n) and the absorption coefficient (𝛼) are
derived in reflective and transmission configurations using the terahertz time-domain spectroscopy. Also, for a 48-ply thermoplastic
polyphenylene-sulfide-(PPS-) based CFRP solid laminate and nonconducting materials, the terahertz scanning images were made
at the angles ranged from 0∘ to 180∘ with respect to the nominal fiber axis. So, the images were mapped out based on the electrical
field (E-field) direction in the CFRP solid laminates. It is found that the conductivity (𝜎) depends on the angles of the nominal axis
in the unidirectional fiber.

1. Introduction
Increasingly, the terahertz radiation has been recognized for
their importance in technological applications. Recently, Tray (terahertz ray) advances of technology and instrumentation has provided a probing field on the electromagnetic spectrum because the terahertz radiation has a shorter wavelength
and relatively higher resolution than microwaves. The terahertz radiation is of critical importance in the spectroscopy
evaluation of airport security screening, medical imaging,
polar liquids, industrial systems, and composites as well [1].
Also, the terahertz time-domain spectroscopy (THz-TDS) is
leading noncontact accurate detection of flaws and impact
damages in composites, in which the THz-TDS is based
on photoconductive switches, which rely on the production
of few-cycle terahertz pulses using a femtosecond laser to
excite a photoconductive antenna [2]. This can generate
subpicosecond bursts of THz radiation and subsequently

detect them with high signal-to-noise ratio. With the emitted
power distributed over several terahertz, they consequently
span a very broad bandwidth. A transient change of the
emitter occurs in the resistance of a photoconductive switch
on a terahertz timescale [3, 4]. Also, another method is
optical heterodyne conversion, or photomixing, which can
be obtained using two continuous-wave (CW) lasers [5, 6].
The mixing of two lasers could produce beating, which
can modulate the conductance of a photoconductive switch
by the terahertz difference frequency. So, the CW-terahertz
(CW-THz) radiation is produced. So, the chemical property
of materials is of great interest, and the study presents many
challenges. At the THz fundamental level, the problem is
one of describing the overall properties of CFRP composite
materials. In some cases, T-ray images can show chemical
compositions of the object. These features of T-ray imaging
have generated interest in commercial applications in diverse
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Figure 1: THz TDS system for imaging and material parameter
measurement.

areas as moisture analysis, quality control of plastic parts,
and packaging inspection (monitoring) [7]. In this paper, we
report our initial investigations of the index of refraction (𝑛)
and the absorption coefficient (𝛼), the electrical conductivity
of epoxy matrix composites containing carbon fibers, and
the THz scan images of CFRP solid laminates. Since carbon
fibers are electrically conducting while the epoxy matrix is
not, the CFRP composites are strongly anisotropic. The THz
fundamental equations were derived in order to solve the
index of refraction (𝑛) and the absorption coefficient (𝛼) in
the general nonconducting materials. The dependence of the
effective conductivity on the fiber orientation is examined.
The data confirm that these composites can be described by a
conductivity model with principal axes along and normal to
the nominal fiber axes. Thus, the THz effective scan images
can be made according to the angels at the orientation of
carbon fibers. It follows that the higher contrast images are
being governed by the E-field direction. Also, it was found
that the best scanning angles were optimized based on the Efield direction to the function of fiber angles.

THz receiver

Optical
delay

Computer

Figure 2: A schematic diagram of a THz-TDS spectrometer.

which the entire terahertz waveform is measured at each pixel
of the image, the data acquisition rate could be increased.
The TDS system has a frequency range of 50 GHz–4 THz
and a fast delay line up to 300 ps. The beam is focused
to focal lengths of 50 mm and 150 mm, and the full width
at half maximum (FWHM) beam widths are, respectively,
0.8 mm and 2.5 mm. The TDS system can be configured for
through-transmission or reflection (small angle pitch-catch)
measurements. The frequency range of the CW system is
50 GHz–1.5 THz, with the best resolution being 100 MHz. The
focal lengths of the CW system are also 50 mm and 150 mm.
Both the TDS and the CW systems are fully fiber optics
connected. Figure 2 shows a schematic diagram of a THzTDS spectrometer, used for T-ray reflection and throughtransmission modes.

2. Theory and Experiment
The THz TDS setup is shown in Figure 1 in order to collect the
material parameter data and perform the images. A modelocked, 100 fs, Ti: sapphire laser drove a photoconductive
switch using a lock-in amplifier. The THz pulse was reflected
at 17∘ from the sample and was detected using an electro-optic
technique (Za Te crystal).
2.1. Terahertz System. In the past years, T-ray technology has
received more interest and attention because of its unique
properties as a nondestructive evaluation (NDE) tool. The
THz frequency region represents an important intersection between spatial resolution and penetration depth. The
terahertz systems used in this research were provided by
TeraView Limited. The instrumentation includes a timedomain spectroscopy (TDS) pulsed system and a frequencydomain continuous-wave (CW) system. The TDS techniques
for generating, manipulating, and detecting terahertz pulses
have been immerged. By obtaining images with THz-TDS, in

2.2. Reflection Mode. This method was to determine the
index of refraction used to calculate the optical path length
difference between the front and back reflections in the time
domain. A diagram showing the geometry of the two THz
signals is shown in Figure 3. The refractive index (𝑛) is now
defined by
𝑛4 − 𝐴 𝑛2 − 𝐴 sin2 𝜃𝑝1 = 0.

(1)

2
)/(4𝑑22 ), where 𝑇 is the transmission time
Here, 𝐴 = (𝑇2 𝑉air
of the sample, 𝑑2 is the sample thickness, 𝑉air is the light speed
in air, and 𝜃𝑝1 is the incident angle of the sample.

2.3. Through-Transmission Mode. Time of flight could be
solved without sample as follows:
𝑡total time without sample =

𝐿
,
𝑉air

(2)
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Table 1: Average THz refractive indices of the material studied.

1.60 ± 0.08
1.95 ± 0.05
—

PMMA
Fused quartz
GFRP
∗

Refractive index (𝑛)
Through-transmission mode
1.61 ± 0.07
1.95 ± 0.05
2.13 ± 0.05

Refractive index (𝑛)∗

Materials

Reflection mode
1.62 ± 0.03
1.94 ± 0.05
2.12 ± 0.05

Known data by [8, 9].

where 𝑡total time without sample is the time from the transmitter
to the receiver, 𝐿 is the distance between the transmitter and
the receiver, and 𝑉air is the air speed (3 ×1010 cm/s). Consider
𝑡total time with sample =

𝐿−𝑑 𝑑
+ ,
𝑉air
𝑉𝑠

𝜃𝑝1

(3)

where 𝑡total time with sample is the time from the transmitter to
the receiver, 𝑉𝑠 is the T-ray speed of sample, and 𝑑 is the
thickness of sample.
Penetration time (Δ𝑡) in order to calculate the index of
refraction (𝑛) could be calculated as follows:
Δ𝑡 = 𝑡total time with sample − 𝑡total time without sample .

(4)

In through-transmission mode, the index of refraction
(𝑛) could be obtained from the following as shown in
Figure 4:
𝑛=1+

Δ𝑡𝑉air
,
𝑑

(5)

where Δ𝑡 is the difference time between with sample and
without sample, 𝑑 is the sample thickness, 𝑉air is the light
speed in air, and 𝐿 is the distance between pulsed emitter and
pulsed receiver.
A method to determine the absorption coefficient (𝛼)
was also developed as a conventional way. In throughtransmission mode, the pulses were captured from two samples with different thickness, and the absorption coefficient
(𝛼) could be developed by a sample proportional equation
from Figures 5(a) and 5(b). The absorption coefficient (𝛼)
could then be calculated using the following formula as
shown in Figure 5:
𝛼=−

ln (𝐼2 /𝐼1 )
,
𝑑1 − 𝑑2

Emitter

𝜃𝑝1

(6)

where 𝑑2 is the thicker sample, 𝑑1 is the thinner sample, 𝐼2
is the transmitted E-field in the thicker sample, and 𝐼1 is
the transmitted E-field in the thinner sample. A goal of this
research was to determine if the refractive index of various
materials could be calculated with a THz-TDS system in
reflection and through-transmission modes. In addition to
such samples, a CFRP composite laminate was prepared
to assess the utility of a THz TDS system for NDE of
orientation in carbon fibers. Another sample consisting of
one ply laminated piece was prepared to try to detect a flaw
at the back side in order to evaluate the effect of E-field and
to investigate the backside flaw with THz TDS imaging.

𝑑2

𝑑2 : sample thickness

Figure 3: Diagram showing the geometry of the surface reflection
mode.

Pulsed
emitter

Pulsed
receiver
𝑑

𝐿

Figure 4: Diagram showing the geometry of the through-transmission mode.

3. Results and Discussion
3.1. Measurement of Refractive Index. In preparation for
measuring material parameters, we first measured a THz
pulse reflected from 24-ply woven glass epoxy GFRP composites. In Figure 6, one can clearly see the initial reflection
from the surface and the subsequent reflection off the back
surface. A method to determine the index of refraction was
used to calculate the optical path length difference using
the reflection and through-transmission mode as shown in
Table 1. It is found that those data were agreed with the known
data for two modes.
3.2. Nonconducting Composites. Terahertz waves can readily
penetrate nonconducting materials and can therefore be
applied to the nondestructive testing (NDT) of glass, quartz,
or Kevlar fiber-reinforced polymer matrix composites. Solid
laminates and sandwich structures with honeycomb or foam
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Figure 5: Diagram showing the geometry of the through-transmission mode with two samples in (a) thinner and (b) thicker samples.
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Figure 6: THz TDS pulses reflected from the front and back
surfaces.

core can all be examined with terahertz waves. In this study,
terahertz radiation was explored for the NDT of a variety
of non-conducting composite materials and structures. Some
preliminary results are summarized later.
3.2.1. Imaging of Multiple Delaminations. The time-domain
waveforms of terahertz pulses in the TDS mode bear strong
resemblance to ultrasonic signals. Wave propagation concepts such as time of flight (TOF), transmission and reflection
coefficients, refraction, and diffraction are common to both
waves. However, there are also fundamental differences when
materials are probed with terahertz radiation, an electromagnetic wave, and with ultrasound, a mechanical wave. First and
foremost, terahertz waves, unlike ultrasound, do not require
a material medium to support it and can therefore readily
go through vacuum or air. In the ultrasonic inspection of
flaws in a solid, the probing field suffers from the “shadow
effect,” where a smaller flaw behind a larger flaw could not
be detected. In contrast, there is no such limitation with
terahertz waves. To demonstrate this effect, two semicircular
saw slots were cut parallel to the surfaces into the side of a
28.7 mm thick woven glass composite laminate to serve as
simulated delaminations, as shown in Figure 7. The smaller
slot (101.6 mm diameter) was located below the larger slot
(127.0 mm diameter). Using the TDS terahertz system in

the through-transmission mode, a scan image was made of
the sample containing the double saw slots. The image of
the transmitted terahertz pulse amplitude, also shown in
Figure 6, clearly revealing both saw slots results demonstrated
that terahertz waves do not suffer from “shadow effect.”
Figures 7(a), 7(b), and 7(c) show the dimensions of sample, Cscan image, and B-scan image, respectively, and TOF means
a time of flight in the T-ray. Especially, it is well agreed that a
shorter TOF is corresponding with thinner thickness because
of two saw cuts.
The sample was also scanned from the top surface with
reflection mode TDS terahertz pulse, and the double saw slots
were imaged.
3.2.2. Imaging of Impact Damage in Solid Laminates. Based
on the capability described easlier, the multiple delaminations
in solid composite laminates were imaged with reflection
mode TDS terahertz waves. The specimen was a 24-ply woven
glass epoxy solid laminate, and the impact was made with
a 50.8 mm diameter tup at an impact energy of 16 Joules.
The reflection mode TDS scan was made on the back side of
the sample so that the smaller delaminations were shadowed
by the larger and shallower delaminations. Figure 8 shows
the time-domain signal (terahertz A-scan trace), where the
two prominent pulses were reflections from the top and
bottom surfaces of the specimen. To produce the images of
the impact-induced delaminations, a time gate was imposed
on the A-scan signal, and the peak amplitude within the time
gate was used to generate the images. Figure 8 shows four
of such images with the time gates placed at 43–69 ps, 47–
69 ps, and 56–69 ps, respectively. The series of images clearly
showed the decreasing size of the delaminations toward the
impact side.
3.2.3. Imaging of Embedded Flaws in Kevlar/Nomex Sandwich.
Both the reflection mode (small angle pitch-catch) and
the transmission mode TDS terahertz scans were found
effective in mapping out defects embedded between the
Kevlar composite facesheet and the Nomex honeycomb core
of a sandwich panel (skin: 0.38 mm Kevlar, 12.7 mm Nomex
honeycomb, and cell size: 5.08 mm). In addition to using
the peak amplitude of the terahertz pulse reflected from or
transmitted through the panel, images can also be generated
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application of electrical resistance technique could be found
for impact damage detection of multilayer woven carbon
composite [8], cross-ply CFRP [9], unidirectional CFRP [10],
and randomly distributed short/nanotube carbon fibers [10–
12]. The application of terahertz waves to the inspection of
carbon composites is still under progress in the literature
[10]. Carbon fiber-reinforced polymer (CFRP) composites
are poor conductors for electricity, and the conductivity is
anisotropic (unidirectional, 33% resin content and 3.08 mm
in thickness); so, it is worthwhile to quantify the penetration
of terahertz waves in carbon composites. The carbon fibers
used in the manufacturing of CFRP are highly anisotropic
microscopically; the electrical conductivity along the fiber
axis is about three orders of magnitude greater than that in the
radial direction. In a unidirectional laminate of carbon fiber
composite, the transverse electrical conductivity is further
impeded by the lack of continuity.
The conduction mechanism in the transverse direction
(perpendicular to the fiber axis) is a percolation process
that relies on the random contact between adjacent fibers.
In the literature, the electrical conductivity data for carbon
composites are somewhat sparse [13]. The reported values
of longitudinal conductivity (𝜎𝑙 ) varied from 1 × 104 S/m to
6 × 104 S/m. The range of reported data on the transverse
conductivity (𝜎𝑡 ) is particularly large, from 2 S/m to as high
as 600 S/m.
The value of transverse conductivity in a unidirectional
laminate is highly dependent on the manufacturing process
and the quality of the composite. In a unidirectional carbon
composite, the in-plane conductivity with the electrical current flowing at an angle 𝜃 from the fiber axis is given by [14]
as follows:

20

(b) B-scan image

Figure 9: Embedded defects in Kevlar/Nomex honeycomb sandwich. (a) C-scan image based on amplitude and (b) B-scan image in
the horizontal middle location of image (a).

using the frequency-domain FFT signal. Figure 9 shows the
T-ray images of the reflected signal from the top facesheet of
the Kevlar/Nomex panel, together with the image based on
the peak amplitude of the peak-to-peak amplitude signal. The
circle on the image was a 25.4 mm diameter double Teflon
film beneath the facesheet, and the B-scan image on (a) was
made. Also, fillet, Teflon film, and skin were easily observed
as an ultrasonic method.
3.3. E-Field Characterization in Conducting Carbon Fiber.
Terahertz waves can penetrate dielectric materials quite
easily but not electrically conducting materials. Also, the

(7)

Because of the highly anisotropic electrical conductivity
(𝜎𝑙 ≫ 𝜎𝑡 ), the penetration of terahertz waves through a unidirectional carbon composite depends on the relative angle
between the electrical field vector and the fiber axis. Using
a value of 𝜎𝑡 = 10 S/m, the skin depth of a unidirectional
carbon composite for a terahertz wave, with the electric field
oriented normal to the fiber axis, is approximately 0.2 mm
at 1 THz and 0.5 mm at 0.1 THz. Experimentally, we have
measured the angular dependence of the power transmission
through a 22-ply unidirectional carbon composite laminate
using the CW terahertz system. Near the low end of the
frequency spectrum (𝑓 ∼ 0.1 THz), the transmitted power
is more than 30 dB above the noise floor. The angular
dependence of the transmitted power at 0.1 THz is shown in
Figure 10.
When compared to the theory prediction based on
the angular-dependent conductivity, the measured power
transmission at angles away from 90 degrees much higher this
predicted. The value would have the unidirectional carbon
composites behaving like a polarizer with a sharp cut-off
under the assumptions that the incident terahertz ray is
linearly polarized and that the fiber axes in the laminate are
all parallel. It seems that the discrepancy contributes to the
previous involved things.
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Figure 11: Diagram showing a sample set up system.

Figure 10: Angular dependence of transmitted power of THz
terahertz waves through a 22-ply unidirectional carbon composite
laminate.
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Table 2: Modeled conductivity of the first ply.
𝜃
𝜎1
𝜎
𝑅eq

Scan 0∘
0
1.0
1.0cos2 𝜃
1

Scan 22.5∘
22.5
0.85
0.85cos2 𝜃
0.73

Scan 45.0∘
45
0.5
0.5cos2 𝜃
0.25

Scan 67.5∘
67.5
0.15
0.15cos2 𝜃
0.022

Direction of 𝐸-field (0 deg)

−67.5∘

Scan 90∘
90
0
0cos2 𝜃
0

−0∘

45∘
67.5∘

0∘
45∘
One ply

3.4. THZ Images in Conducting CFRP Solid Laminate. A
reflective TDS system was utilized in order to evaluate the
effect of E-filed direction on PPS CFRP solid laminate. A PPS
CFRP solid laminate was scanned at different angles.
Sample’s layup is [45/0/-45/90]6 s and 114 × 355 × 6.8 mm
in size (resin content: 33%). Figure 11 shows a sample setup of
TDS system for scanning. Figure 12 shows a scan configuration and direction of E-field normal to fiber, and 𝜃 is the angle
between fiber direction and E-field direction. Figure 12 shows
TDS scan images at the angles (𝜃) of −22.5∘ , 90.0∘ , 22.5∘ , 45.0∘ ,
67.5∘ , and 0∘ . These images were mapped out based on the Efield direction in the CFRP solid laminates. Scan size is 60 ×
60 mm, and step size is 0.5 mm. These images are based on
a reflection mode at the scan range of Δ𝑡 (scan gate length)
= 10 ps. Especially, at 𝜃 = −45∘ , this image was observed to
a clear and higher contrast image if compared with the rest
cases, 𝜃 = −22.5∘ , 22.5, 45.0, 67.5, and 0∘ . Here, there are some
lines in the angle of 𝜃 = −45∘ due to the E-filed direction of
THz wave. It is thought that the THz wave penetrated a couple
of a CFRP prepreg sheet called a scan depth. Table 2 shows the
simple modeled data on the E-felid direction to the sample.
As described easlier, being based on the electrical conductivity in carbon composites, we tried to understand
the penetration of fiber orientation in a carbon composite
laminate. As shown in Figure 12, the electric field (E-field)
direction is horizontal, the fiber direction is vertical, and the
difference angle is called 𝜃. Here, by using TDS terahertz

Figure 12: Diagram showing a scan configuration of TDS for
scanning and direction of E-field normal to fiber, and 𝜃 is the angle
between fiber direction and E-field direction.

waves in the reflection mode, the flaws were scanned and
imaged.
We then correlated the S/N of the flaw images to the
conductivity of the first two plies. Since 𝜎𝑙 ≫ 𝜎𝑡 , (7) may be
written as 𝜎 ≈ 𝜎𝑙 cos2 𝜃. To interpret the T-ray scan images
of the flaws under one ply, one must consider electric field
(E-field) direction of the T-ray and the lay-up direction of
CFRP composite laminates. First, the penetration through
the one ply depends on the relative angle between the Efield and the fiber direction in the one ply. Secondly, one
should consider the fact that the radiation is focused on
the surface of the sample. A simple argument is just needed
as one resistor so that the resistance 𝑅 is given by (1/𝑅) =
(1/𝑅1 ) [14]. For this equation, we get the conductivity 𝜎1 and
correlate its conductivity noise ratio of the flaws in the Tray scan image. By using 𝜎 ≈ 𝜎𝑡 cos2 𝜃, the conductivity has
the lowest value (≈0.0𝜎𝑡 ) when the E-field makes 90 degrees.
On one ply to the E-field direction. On one ply to the E-field
direction, the S/N of the flaw image is therefore expected to
be the highest when the sample is at this angle. In contrast,
sample direction that gave a high value conductivity, such as
𝜃 = 0 degrees (𝜎 = 1.0𝜎𝑡 ), had poor signal-to-noise ratio.
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Figure 13: Diagram showing TDS scan images at the angles (𝜃) of −0∘ , −45∘ , 90∘ , and 0∘ .
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Figure 14: Photo of sample surface and microscopic photo of inplane fiber waviness in CFRP composites.
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with various thicknesses was examined using a THz TDS system. Index of refraction in the terahertz frequency range for
composite was measured using a reflection and transmission
configuration. THz TDS reflection imaging on the composite
with flaw was performed.
First of all, it was also easier to measure the refractive
index of the composite using a transmission configuration.
A reflection mode is certainly a more likely case for a
maintenance technique. And, in non-conducting composites
of glass, Kevlar/Nomex sandwich panels, Fused quartz, and
PMMA, terahertz can complement ultrasonic NDT, especially with its penetration ability. The conductivity of carbon
fibers will substantially limit the utility of terahertz waves
even in one- or two-ply PPS CFRP and CFRP laminates;
therefore, it is found that the penetration of the fiber depends
on the relation between the E-field and the fiber direction.
It was found that the various dots in T-ray images were
caused by the different angles in the fibers. It is thought that
an application of terahertz applications for composite NDT
could be very useful. Also, terahertz radiation can exhibit
some unique characteristics for nondestructive evaluation
form other forms of electromagnetic radiation.
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The cure kinetics and mechanisms of a biphenyl type epoxy molding compounds (EMCs) with thermal latency organophosphine
accelerators were studied using differential scanning calorimetry (DSC). Although the use of triphenylphosphine-1,4-benzoquinone
(TPP-BQ) and triphenylphosphine (TPP) catalysts in biphenyl type EMCs exhibited autocatalytic mechanisms, thermal latency was
higher in the TPP-BQ catalyst in EMCs than in the TPP catalyst in EMCs. Analyses of thermal characteristics indicated that TPP-BQ
is inactive at low temperatures. At high temperatures, however, TPP-BQ increases the curing rate of EMC in dynamic and isothermal
curing experiments. The reaction of EMCs with the TPP-BQ latent catalyst also had a higher temperature sensitivity compared to
the reaction of EMCs with TPP catalyst. In resin transfer molding, EMCs containing the TPP-BQ thermal latency accelerator are
least active at a low temperature. Consequently, EMCs have a low melt viscosity before gelation, and the resins and filler are evenly
mixed in the kneading process. Additionally, flowability is increased before the EMCs form a network structure in the molding
process. The proposed kinetic model adequately describes curing behavior in EMCs cured with two different organophosphine
catalysts up to the rubber state in the progress of curing.

1. Introduction
In IC design, semiconducting chips have become larger,
while devices have become smaller. Highly reliable plasticencapsulated semiconductor packages are needed for advanced electronic devices. New epoxy molding compounds
(EMCs) for encapsulating microelectronic devices are needed
in the near future because halogen-containing flame retardants and antimony oxide flame retardant synergists, which
are widely used in present-day molding compounds, may
be environmentally hazardous. In typical green molding
compounds, flame retardants (e.g., phosphorus-containing
compounds, nitrogen-containing compounds, metal hydrate,
metal oxide, inorganic filler, and resins with high C/H ratios)
have generally replaced the conventional halogen-containing
flame retardants and antimony oxide flame retardants used in
EMCs [1, 2]. Notably, EMC with biphenyl resins and highly
loaded fillers can retard flammability and is a green material.
To produce reliable packaging materials for microelectronic

devices, a highly loaded filter with specific characteristics is
needed: high flame retardation, high thermal resistance, high
moisture resistance, favorable mechanical properties, and a
low thermal expansion coefficient of EMC [3, 4].
Catalysts are often used to accelerate curing in epoxy
systems such as EMCs, epoxy prepreg, epoxy powder coating,
and so forth, Choosing the appropriate type and amount of
catalyst is important in epoxy formulations. In the literature
[5–8], reports of catalysts for curing epoxy resin can be
classified as Lewis bases and Lewis acids. Lewis bases contain
an unshared pair of electrons in an outer orbit and tend
to react with areas of low electron density. Their many
applications include nucleophilic catalytic curing agents for
epoxy homopolymerization; cocuring agents for primary
amines, polyamides, and amidoamines; and catalysts for
anhydrides. Tertiary amines and imidazoles are the most
widely used nucleophilic catalysts. In contrast, Lewis acids,
which have an empty outer orbit, tend to react with areas of
high electron density. Complexation of boron trihalides with

2
amines enhances the curing action. Reactivity depends on
the selected halide and amine. Boron trifluoride monoethylamine is a typical catalyst.
EMCs typically include a curing accelerator (catalyst),
which accelerates the curing of resin and increases the number of molding cycles for mass production. Storage stability,
physical characteristics, and reliability of the encapsulated
semiconductors diverge widely with the species of curing
accelerator used. Capable of controlling initial polymerization, or curing, thermally latent catalysts are used in
packaging. In EMCs, typical accelerators are imidazole [2, 9],
amines [10–12], organophosphine [1, 10], urea derivatives
[13, 14], or Lewis bases and their organic salts [15, 16].
However, most accelerators tend to reduce the pot life or
moldability of molding materials, owing to their ability to
initiate reactions at extremely low temperatures. Therefore,
an effective hardening accelerator must have a thermal
latency that promotes the rapid curing of resins when heated
to a particular temperature; in contrast, latent accelerators
are inert at low temperatures [1, 17]. Exactly how curing
accelerators affect the physical and electrical characteristics
of EMC have been thoroughly studied [16–19]. In these
works, EMCs with triphenyl phosphine (TPP) have optimal
physical properties and particularly good electrical properties
under high humidity condition when cured, subsequently
improving the reliability of the encapsulated semiconductors.
However, the curing reaction of the EMC is significantly
accelerated at a low temperature, in addition, a high melt
viscosity during molding. EMC that contains TPP has a short
pot life. Therefore, an improved organophosphine accelerator
with thermally latent characteristics is urgently required for
using in EMCs. Notably, the EMCs must have superior
storage stability, latent reactivity, and low melting viscosity
during molding.
The Lewis base catalyst, triphenylphosphine-1,4-benzoquinone (TPP-BQ), is the thermally latent catalyst used in
the epoxy molding compounds, which can control initial
polymerization or curing and are used in packaging [1, 20]. A
previous study found that TPP-BQ accelerated the reaction of
EMCs more than TPP did at high temperatures; in addition,
EMCs containing TPP-BQ were relatively inert at a low
temperature [20]. In the TPP-BQ complex, the resonance of
BQ increases the stability of the complex and reduces the
activity of lone electron pairs. Nucleophilic attack by the
organophosphine accelerators appears to open the epoxide,
which is suppressed in the organophosphine acceleratorscured EMC at a low temperature. The molding compounds
containing TPP-BQ exhibited excellent moldability and storage stability characteristics. Moreover, they were appropriate
for transfer molding, owing to their excellent latent reactivity. Additionally, molding compounds containing TPPBQ had an extremely low melt viscosity before gelation.
In low-viscosity green epoxy molding compounds, 4,4 Diglycidyloxy-3,3 ,5,5 -tetramethyl biphenyl epoxy provides
good adhesion, high toughness, and high filler loading.
Because of its very low reaction rate, however, an EMC based
on this biphenyl type epoxy is unsuitable for molding. This
work synthesized a new organophosphine thermally latent
accelerator, TPP-BQ, for use in high filler-loaded EMCs based
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Table 1: Formulation of epoxy molding compounds.
Composition Raw materials
Epoxy
Br-epoxy
Hardener
Accelerator

4,4 -diglycidyloxy-3,3 ,5,5 tetramethyl biphenyl
Diglycidyl ether of brominated
bisphenol A
Phenol-aralkyl resin
Triphenylphosphine (TPP) or
triphenylphosphine-1,4-benzoquinone
(TPP-BQ)
Fused silica

Filler
Coupling
Glycidoxypropyltrimethoxysilane
agent
Release agent Ethyleneglycol ester of montanic acid
Colorant
Carbon black

Parts by
weight
90
10
88
3
1510
7
7
4

on biphenyl-type epoxy. The objective of this study was to
characterize the reactivity and cure behavior of EMCs cured
with thermal latency catalysts, TPP-BQ, and TPP. A kinetic
model was used to show how a thermal latency catalyst affects
curing in an EMC.

2. Experimental
2.1. Materials and Sample Preparation. Table 1 presents the
formulation of the EMC. The epoxy resins used in the experiments were 4,4 -diglycidyloxy-3,3 ,5,5 -tetramethyl biphenyl
(JER Co., YX-4000H, EW = 192 g/eq) and diglycidyl ether
of brominated bisphenol A (Sumitomo Co., ESB 400). The
hardener was phenol-aralkyl resin (Mitsui Chemical Inc.,
XLC-2L, OH EW = 175 g/eq). Scheme 1 shows the chemical
structure of the epoxy and the hardener.
The TPP catalyst was obtained from Hooko Co. The
TPP-BQ catalyst was synthesized by the authors and was
identified using Fourier transform infrared spectroscopy
(FTIR) and nuclear magnetic resonance (NMR) [20]. The
chemical structure of the catalysts is described in Scheme 2.
The filler was fused silica with a mean particle size
(D50 ) of 20 𝜇m (Tatsumori Co.). The coupling agent was
glycidoxypropyltrimethoxysilane (Shin-Etsu Chemical Co.).
The release agent was ethylene glycol ester of montanic acid
(Hoechst Co.). The colorant was carbon black (Cabot Co.,
CM 800).
The materials were weighed out in the ratios given in
Table 1 and thoroughly kneaded using a two-roll mill with
the cold roller operated at 15∘ C and the hot roller operated at
120∘ C. After mixing, EMC was cooled and pulverized. Each
sample was then stored in a refrigerator at 4∘ C.
2.2. Instruments. Calorimetric measurements were made
using a differential scanning calorimeter (DSC) (PerkinElmer DSC-7) equipped with an intracooler. Isothermal
and dynamic-heating experiments were performed at a
50 mL/min nitrogen flow. In dynamic curing, the sample was
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where 𝛼 is the extent of conversion, 𝑟 is the rate of the
reaction, 𝑘1 and 𝑘2 are the apparent rate constants, and m
and n are the kinetic exponents of the reactions. The kinetic
constants 𝑘1 and 𝑘2 are assumed to be in Arrhenius form
[22–24, 26]:
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Scheme 1: The chemical structure of the (a) 4,4 -diglycidyloxy3,3 ,5,5 -tetramethyl biphenyl epoxy and (b) phenol-aralkyl resin.
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Scheme 2: The chemical structure of the (a) TPP and (b) TPP-BQ.

heated at a rate of 10∘ C/min from 0∘ C to 250∘ C. The isothermal curing reaction was performed at five temperatures
(130, 150, 165, 175, and 185∘ C). The reaction was considered
complete when the isothermal DSC thermogram stabilized at
the baseline level, which generally required approximately 1 h.
At the end of the reaction, the total area under the exotherm
calculated according to the extrapolated baseline was used to
calculate the isothermal heat of curing, Δ𝐻Io (Jg−1 ). After the
curing reaction was completed in the calorimeter, the sample
was cooled to 40∘ C. After curing, the samples were scanned
at 10∘ C/min from 40∘ C to 250∘ C to measure residual heat
from the reaction, Δ𝐻𝑅 (Jg−1 ). The total heat of curing (Δ𝐻𝑇 )
was calculated by summing the isothermal heat (Δ𝐻Io ) and
the residual heat (Δ𝐻𝑅 ) from the reactions. The isothermal
conversion at time 𝑡 was defined as 𝛼𝐼 (𝑡) = Δ𝐻𝐼 (𝑡)/Δ𝐻𝑇 .
The obtained 𝑇𝑔 values were taken as the temperatures of the
onset of glass transition (at which the specific heat changed)
in the DSC thermograms.
Morphology studies of the cured epoxy molding compounds were performed by scanning electron microscope
(Hitachi S-4800 field-emission SEM). The fracture samples
were polished and coated with gold by vapor deposition using
a vacuum sputter.
2.3. Kinetic Analysis. A general equation for the autocatalytic
cure reactions of many epoxy systems is as follows [21–25]:
𝑟=

𝑑𝛼
= (𝑘1 + 𝑘2 𝛼𝑚 ) (1 − 𝛼)𝑛 ,
𝑑𝑡

𝑑𝛼
) = ln (𝑘1 + 𝑘2 𝛼𝑚 ) + 𝑛 ln (1 − 𝛼) .
𝑑𝑡

(3)

Except for the initial region, a plot of ln(𝑑𝛼/𝑑𝑡) versus ln(1 −
𝛼) is expected to be linear and to have a slope of 𝑛. Further
rearrangement of (1) gives

(a)
−
P+ ⋅ O

(2)

where 𝐴 𝑖 is the preexponential constant, 𝐸𝑎𝑖 is the activation
energy, 𝑅 is the gas constant, and 𝑇 is the absolute temperature. The ln 𝑘𝑖 can be plotted versus 1/𝑇, and the activation
energies are obtained in the equation. Equation (1) reveals
that constant 𝑘1 can be calculated from an initial reaction
rate in which 𝛼 approximates 0. Additionally, (1) provides
an initial estimate of the reaction order 𝑛 by performing the
following modification:
ln (

P

𝐸𝑎𝑖
),
𝑅𝑇

(1)

𝑑𝛼/𝑑𝑡
− 𝑘1 ] = ln 𝑘2 + 𝑚 ln 𝛼.
(1 − 𝛼)𝑛

(4)

The first term in (4) can be determined from the previously estimated values for 𝑘1 and 𝑛. A plot of the lefthand term in (4) versus ln(𝛼) is expected to yield a straight
line. The slope and intercept can then be used to estimate
the reaction order 𝑚 and the autocatalytic kinetic constant
𝑘2 , respectively. The described procedure is applicable for
obtaining the preliminary kinetic parameters from the first
trial. However, an iterative procedure is required to yield
more values. Equation (4) can also be reformulated as
ln (

𝑑𝛼
) − ln (𝑘1 + 𝑘2 𝛼𝑚 ) = 𝑛 ln (1 − 𝛼) ,
𝑑𝑡

(5)

where 𝑘2 , 𝑚, and 𝑛 are estimated according to the stated
procedures; the left-hand terms in (5) can be plotted against
ln(1 − 𝛼); and a new value of the reaction order 𝑛 is checked
against the one obtained earlier. The same iterative procedure
can be repeated until the values of 𝑚 and 𝑛 converge to
within a deviation of 1%.

3. Result and Discussion
3.1. Analyzing Curing kinetics for EMCs with Thermal Latency
Catalyst. After the EMCs with TPP and TPP-BQ catalysts
were cured at isothermal temperatures of 130, 150, 165,
175, and 185∘ C, the above models were used for kinetic
analysis. Figures 1 and 2 plot the curing rate curves for
EMCs catalyzed by TPP-BQ and TPP, respectively, at five
isothermal temperatures. Figure 1 shows that the curves are
distinctly autocatalytic with the maximum rates occurring
3.0, 1.9, 1.2, 1.0, and 0.8 min after the start of the reaction
at isothermal reaction temperatures of 130, 150, 165, 175,
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Figure 1: Plots of the reaction rate versus time for TPP-BQ-cured
EMCs at isothermal temperatures.

Figure 2: Plots of the reaction rate versus time for TPP-cured EMCs
at isothermal temperatures.

and 185∘ C, respectively. Figure 2 clearly shows that these rate
curves are autocatalytic. The maximum rates were observed
at 3.0, 2.2, 1.9, 1.8, and 1.7 min after the start of the reaction
at isothermal reaction temperatures of 130, 150, 165, 175, and
185∘ C, respectively. The result shown in these figures demonstrates that the mechanism of the TPP-BQ-cured EMCs
and that of TPP-cured EMCs has the same autocatalytic
nature. However, the reaction rate of the TPP-BQ-cured
EMC is clearly enhanced at high temperature and restrained
at low temperature since the maximum rate increases with
reaction temperature in the molding compounds. The epoxy
reaction rate revealed a similar effect in the epoxy molding
compounds with TPP catalyst. Figures 3(a) and 3(b) show the
times of the maximum rate and curing time, respectively, in
the epoxy molding compounds cured with organophosphine
accelerators. In the epoxy molding compounds cured with
catalysis with organophosphine accelerators, the times of
the maximum rate and curing time depended on both the
reaction temperature and the organophosphine accelerator
type. Figure 3(a) indicates that EMCs catalyzed by TPP had
a shorter time of the maximum rate than that of EMCs
catalyzed by TPP-BQ at a low temperature (130∘ C). Conversely, EMCs catalyzed by TPP-BQ had a shorter time of
the maximum rate than that of EMCs catalyzed by TPP
at high temperatures (150, 165, 175, and 185∘ C). The same
change was also observed in the curing time in EMCs
catalyzed by organophosphine accelerators (Figure 3(b)). At
low temperature (130∘ C), the curing rate of EMCs containing
TPP exceeded that of EMCs containing TPP-BQ; at high
temperatures (150, 165, 175, and 185∘ C), however, EMCs

containing TPP-BQ are cured at a higher rate compared
to EMCs containing TPP. The EMCs catalyzed by TPP-BQ
accelerator also had a rapid rate of curing at the molding
temperatures used specifically for IC encapsulation (𝑇 =
175–185∘ C). These findings indicate that TPP is better than
TPP-BQ as a catalyst for curing EMCs at low temperatures. At
high temperatures, however, the acceleration in reaction time
was larger in EMCS cured with TPP-BQ than in EMCS cured
with TPP, and EMCs containing TPP-BQ were relatively inert
at a low temperature. Notably, the general biphenyl EMC
transfer molding temperatures used for IC encapsulation
range from 175 to 185∘ C. During molding, EMCs containing
TPP-BQ are least active before the temperature reaches
the molding temperature. The experimental results indicate
that TPP-BQ is superior to TPP as a latency accelerator in
biphenyl type EMCs.
Table 2 presents the mean residual heat of reaction (Δ𝐻𝑅 ),
isothermal heat of reaction (Δ𝐻Io ), total heat of curing
(Δ𝐻𝑇 ), and isothermal conversion (𝛼𝐼 ). Note that the heat
from reactions in the EMCs was calculated based on the net
weight of the biphenyl/phenol-aralkyl resin in the molding
compounds without considering the weight of fillers in the
EMCs. In this work, the total heats of curing (Δ𝐻Io + Δ𝐻𝑅 )
were independent of the organophosphine accelerator type.
The mean value was 184 Jg−1 . At a 130∘ C curing temperature,
the table also shows that the isothermal conversions (𝛼𝐼 )
were 92.9 and 93.4% for EMCs containing TPP and TPPBQ, respectively, which indicated that the reactions were
incomplete at a low temperature. However, the isothermal
conversions (𝛼𝐼 ) were 100% when the EMCs were completely
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Δ𝐻Io
(J g−1 )

Δ𝐻𝑅
(J g−1 )

Δ𝐻𝑇
(J g−1 )

𝛼I (%)

TPP-BQ

130
150
165
175
185

170
184
183
185
186

12
0
0
0
0

182
184
183
185
186

93.4
100
100
100
100

TPP

130
150
165
175
185

171
183
184
183
185

13
0
0
0
0

184
183
184
183
185

92.9
100
100
100
100

Accelerators 𝑇 (∘ C)

Time of maximum rate (min)

Table 2: Heats of reaction of epoxy molding compounds catalyst by
TPP and TPP-BQ.
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3.2. Autocatalytic Model Analysis. The molding compound
data were then analyzed using the proposed autocatalytic
mechanism. The kinetic parameters were determined using
the above procedures. For the kinetic constants 𝑘1 and 𝑘2 ,
two activation energies, Δ𝐸1 and Δ𝐸2 , could be obtained
by plotting ln 𝑘1 and ln 𝑘2 , respectively, versus 1/𝑇. Figure 4
shows the plots for ln 𝑘1 and ln 𝑘2 versus 1/𝑇, from which the
activation energies were determined for the EMCs. Table 3
lists the rate constants obtained after considerable iteration
and graphic procedures. Reaction orders 𝑚 and 𝑛 approximated 0.5 and 1.4, respectively, and did not substantially vary
among EMCs with different organophosphine accelerators.
For the TPP-BQ-catalysis EMCs, the 𝐸𝑎1 and 𝐸𝑎2 values
obtained in this study were 15.2 and 11.6 kJ mol−1 , respectively.
In contrast, the 𝐸𝑎1 and 𝐸𝑎2 values obtained for the TPPcatalysis EMCs were 11.4 and 9.6 kJ mol−1 , respectively. As
activation energy increased, the temperature sensitivity of the
reaction increased. Restated, for a large activation energy,
a temperature increase of only a few degrees significantly
increased 𝑘, subsequently increasing the reaction rate. In
comparison to TPP catalyst-cured EMCs, TPP-BQ catalystcured EMCs had higher activation energies. Further, since the
difference in Δ𝐸𝑎1 (3.8 kJ mol−1 ) between TPP-BQ catalystcured EMCs and TPP catalyst-cured EMCs was larger than
the difference in Δ𝐸𝑎2 (2 kJ mol−1 ) between TPP-BQ catalystcured EMCs and TPP catalyst-cured EMCs, the increased
reaction rate might be associated with 𝑘1 . Since 𝑘1 governs
the early stage-autocatalytic reaction and since 𝑘2 affects

2

0 120

∘

cured at high temperatures (150–185 C). The table also shows
that the ultimate conversion (𝛼𝐼 ) for EMCs catalyzed by
organophosphine accelerators increased from 93 to 100%,
as cure temperature increased from 130 to 185∘ C, which
indicate that the reactions would be expected to reach diffusion control (rubber state) regions at progressively higher
conversions, as reaction temperatures increase. Furthermore,
EMCs containing TPP and TPP-BQ accelerators not only had
similar reaction rate curves, but they also had similar Δ𝐻
and 𝛼𝐼 , which suggests EMCs containing TPP and TPP-BQ
accelerators have a similar reaction mechanism.

4

20

10

0
140

120

160
Temperature (∘ C)

TPP-BQ
TPP

(b)

Figure 3: Curing times of organophosphine accelerators-cured
EMCs at isothermal temperatures: (a) times of the maximum rate
and (b) curing times.

the reaction after the initial autocatalytic stage, the rate of
increase at high temperatures in EMCs with TPP-BQ catalyst
should be expected to accelerate in the initial stage of the
reaction [26].
The autocatalytic kinetic model and the rate constants
obtained (listed in Table 3) were used to calculate empirical
curves of conversion versus time for the organophosphine
accelerator-cured EMCs at all five isothermal cure temperatures. Figures 5 and 6 show that the empirical conversion
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Table 3: Kinetic parameters for epoxy molding compounds catalyst by TPP and TPP-BQ.

Accelerator

TPP-BQ

TPP

𝑇 (∘ C)

𝑚

𝑛

𝑘1
(min−1 )

𝑘2
(min−1 )

130

0.4

1.3

6.6

12.8

150

0.4

1.4

6.5

61.7

165
175

0.5
0.6

1.0
1.0

20.2
39.8

129.4
200.5

185

1.3

1.1

114.8

330.8

130

0.5

1.3

12.6

31.6

150

0.5

1.3

16.5

102.9

165
175

0.6
0.6

1.4
1.5

45.5
73.1

189.3
291.0

185

0.5

1.5

110.9

476.9

𝐸𝑎1
(kJ mol−1 )

𝐸𝑎2
(kJ mol−1 )

ln 𝐴 1

ln 𝐴 2

18.3

11.6

16.5

13.3

12.6

9.6

12.9

12.3

10

8

ln𝑘2 (min−1 )

ln𝑘1 (min−1 )

8

4

6

4

2

0

0
0.005

0.006

0.007

0.008

0.005

0.006

0.007

0.008

1/𝑇 (1/K)

1/𝑇 (1/K)
TPP
TPP-BQ

(a)

(b)

Figure 4: Kinetic analysis for organophosphine accelerators-cured EMCs in an autocatalysed reaction: (a) plots of ln 𝑘1 against 1/𝑇 and (b)
plots of ln 𝑘2 against 1/𝑇, respectively.

curves fit the experimental data quite well until the cure reactions progress to the rubber state for TPP-BQ-cured EMCs
and TPP-cured EMCs. Epoxy resins are thermosets whose
individual chains have been chemically linked by covalent
bonds during isothermal reaction. Once formed, these crosslinked networks resist heat softening and creep. Generally, a
rubber-like state may be defined as an amorphous and crosslinked polymer above its glass transition temperature (𝑇𝑔 ).
Following cross linking, flow of one molecule past another
is suppressed in organophosphine accelerator-cured EMCs
in the rubber state. In the work, a similar 𝑇𝑔 value (120∘ C)
was obtained in fully cured TPP-BQ-cured EMCs and TPPcured EMCs. Apparently, the model satisfactorily describes
the kinetic well. However, diffusion control in the rubber state

affects the predictive accuracy of the model. This indicates
that the cure kinetics for organophosphine accelerator-cured
EMCs in the later stage are indeed subject to diffusion control
in the rubber state. In the organophosphine acceleratorcured EMCs, the predictability of the model at high cure
temperatures is better than that at low cure temperatures.
3.3. Comparison of TPP-BQ-Cured EMCs with TPP-Cured
EMCs. Figures 7 and 8 show the rate versus conversion
curves for organophosphine accelerator-cured EMCs at five
isothermal cure temperatures (130, 150, 165, 175, and 185∘ C).
Figure 7 shows the similar trends in cure reaction rates
observed in TPP-BQ-cured EMCs at five cure temperatures.
The maximum rates approximated 33% and 17% of the
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Figure 5: Comparison between the autocatalytic model and data for
TPP-BQ-cured EMCs at isothermal temperatures.
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Figure 7: Plots of the reaction rate versus conversion for TPP-BQcured EMCs at isothermal temperatures.

100

Conversion (%)

80

60

40

20

0
0
TPP
130 ∘ C
150 ∘ C
165 ∘ C

4

8
12
Time (min)

16

20
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Figure 6: Comparison between the autocatalytic model and data for
TPP-cured EMCs at isothermal temperatures.

conversion at high temperatures (165, 175, and 185∘ C) and at
low temperatures (130 and 150∘ C), respectively. In contrast,
the trends in cure reaction rates of TPP-cured EMCs are
similar at five cure temperatures, and the maximum rate
approximated 20% and 10% of the conversion at high temperatures (165, 175, and 185∘ C) and at low temperatures (130

and 150∘ C), respectively (Figure 8). In TPP-BQ acceleratorcured biphenyl EMCs, the reaction of the biphenyl/phenolaralkyl resin at higher conversions still maintained a high rate
of progress in the cure reaction. In contrast, the reaction rate
of TPP accelerator-cured EMCs was high in the early stage
and low in the later stage. After 70% conversion, TPP-BQcured EMCs had a higher rate than TPP accelerator-cured
EMCs did at the five cure temperatures shown in the figures.
In resin transfer molding, EMC flowed through the molding
part until the compound was transformed into gel. If the
curing rate of EMC was too fast, the melting EMC would
have increased the viscosity and decreased the flowability
in the mold. Both viscosity and flowability are generally
related to the degree of reaction of EMC during molding. In
microelectronic packaging, the acceleration of the reaction
of EMC containing TPP-BQ is weak at low temperatures but
strong at high temperatures during thermal latency curing.
The experimental results suggest that the TPP-BQ accelerator
is an ideal thermal latency accelerator for curing EMCs.
3.4. Morphology of EMCs with High Filler Content. The EMCs
with high filler contents are accelerated by organophosphine
accelerators, TPP-BQ and TPP, which provide excellent
flowability in the molding process. In the molding process,
melting EMCs with high flowability easily fill the whole
mould before hardening. Figures 9(a) and 9(b) show the
morphology of the fractured surface of EMCs with 88 wt%
content of silica accelerated by TPP-BQ and TPP accelerator,
respectively, and cured at 175∘ C. In Figure 9(a), the spherulic
silca of varying sizes is well distributed and packed closely
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Figure 8: Plots of the reaction rate versus conversion for TPP-cured
EMCs at isothermal temperatures.

on the fractured surface of the EMC in the cured sample.
Because TPP-BQ-cured EMCs have a low melt viscosity
before gelation as well as least active at low temperatures,
the organic matrixes and filler are easily and well mixed in
the kneading process; in addition, the flowability of EMC is
increased in the molding process. In contrast, the silica is
less evenly distributed and is loosely packed in the fractured
surface of the TPP-cured EMC shown in Figure 9(b). The
silica is not well mixed in the TPP-cured EMC because the
EMC had a high reaction rate and a high viscosity in the
kneading process.

4. Conclusions
In isothermal curing, TPP is a more rapid catalyst compared
to TPP-BQ for curing EMCs at low temperatures. However,
TPP-BQ accelerated the reaction of EMCs more than TPP
did at high temperatures, and EMCs containing TPP-BQ
were relatively inert at a low temperature. An autocatalytic
mechanism was observed for organophosphine acceleratorcured EMCs. Kinetic parameters for the EMCs with TPPBQ and TPP accelerator were obtained, and the proposed
kinetic model accurately described the cure behavior of
organophosphine accelerator-cured EMCs up to the rubber
state. Although the reaction mechanism for both TPP-BQcured EMCs and TPP-cured EMCs was similar, thermal
latency was superior in the TPP-BQ-cured EMCs. The model
showed that the increased temperature sensitivity resulted
from the larger activation energy in EMCs with TPP-BQ
accelerator. Based on the observations in this study, the rate
increase at high temperatures in EMCs with TPP-BQ catalyst

(b)

Figure 9: Morphology of organophosphine accelerators-cured
epoxy molding compounds: (a) TPP-BQ-cured EMC and (b) TPPcured EMC, respectively.

should be pronounced in the initial stage of the reaction.
Furthermore, in TPP-BQ accelerator-cured biphenyl EMCs,
the reaction of the EMC at high conversions remained high
as the cure reaction progressed during the EMC transfer
molding process. In microelectronic packaging, the acceleration of the reaction of EMC containing thermal latency
TPP-BQ accelerator correlates positively with temperature.
This suggests that the TPP-BQ accelerator is an ideal thermal
latency accelerator for curing EMCs.
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e segmentation between rigid and rubbery chains in polyurethanes (PUs) in�uences polymeric properties and implementations.
Several models have successfully been proposed to visualize the con�guration between the hard segment (HS) and so segment
(SS). For particulate PU composites, the arrangement of HS and SS is more complicated because the �llers tend to disrupt the
chain formation and segmentation. In this work, the eﬀect of ferromagnetic cobalt (Co) powders (average diameter 2 𝜇𝜇m) on PU
synthesized from a reaction between polyether polyol (so segment) and diphenylmethane-4,4′ -diisocyanate (hard segment) was
studied with varying loadings (0, 20, 40, and 60 wt.%). e 300 𝜇𝜇m thick PU/Co samples were tape-casted and then received heat
treatment at 80∘ C for 180 min. From synchrotron small angle X-ray scattering (SAXS), the plot of the X-ray scattering intensity (I)
against the scattering vector (q) exhibited a typical single peak of PU whose intensity was reduced by the increase in the Co loading.
Characteristic SAXS peaks in the case of 0-20 wt.% Co agreed well with the scattering by globular hard segment domains according
to Zernike-Prins and Percus-Yevick models. e higher Co loadings led to larger deviations from all theoretical models.

1. Introduction
e versatility of segmented polyurethane (PU) is based
on the combination of a rubbery so segment (SS) and
a semicrystalline hard segment (HS). eir properties are
varied with the ratio of hard/so segments and their segmentation. In addition to their conventional uses in forms of PU
thermoplastics and foams, the incorporation of particulate
�llers to obtain PU composites enhances the applications
as smart materials. e magnetic �llers in polymeric matrix
give rise to magnetic hysteresis, magnetoviscoelasticity, magnetorheology, and magnetoelectricity [1]. Cobalt (Co) is a
so ferromagnetic material with high magnetocrystalline
anisotropy and saturation magnetization. It follows that
Co is oen found in functional magnetic compounds and
composites. In our previous work [2], the incorporation
of 20%–60 wt.% Co powders in PU gave rise to magnetic
permeability useful for magnetic devices and components.
Moreover, the change in the dielectric properties of PU by the
inclusion of Co can be utilized in antistatic propose. However,

the con�guration of HS and SS in PU/Co composites which
dictates the mechanical and chemical properties was not
investigated. Only diﬀerential thermal calorimetry (DSC)
spectra imply that PU chains were disrupted.
Small-angle X-ray scattering (SAXS) is a nondestructive
technique in morphological investigation of nanostructures
[3]. e morphology changes can also be monitored in real
time by the dynamic analysis without a need for special sample preparation process. e measured data are commonly
presented as the plot between the intensity of scattered X-ray
(𝐼𝐼) and the scattering vector (𝑞𝑞) which is given by [3]
𝑞𝑞 𝑞

4𝜋𝜋 𝜋𝜋𝜋 𝜋𝜋
,
𝜆𝜆

(1)

where 𝜆𝜆 is the wavelength of the X-ray and 𝜃𝜃 is half the
scattering angle with respect to the direction of the incident
X-ray. ese SAXS pro�les are related to the contrast in the
electron density (Δ𝜌𝜌) of diﬀerent microphases.
In the case of PU and PU composites, SAXS pro�les
can be employed to complement DSC in the investigation
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F 1: e schematic diagram of PU segmentations according to (a) lamellar, (b) Zernike-Prins, (c) Percus-Yevick, and (d) Teubner-Strey
models.
T 1: Parameters obtained from the �tting of SAXS peaks of PU composites with four theoretical models.
Co loading (wt.%)
0
20
40
60

Lamellar
𝑑𝑑𝐻𝐻 (nm)
7.156 ± 0.022
6.479 ± 0.014
6.193 ± 0.014
6.166 ± 0.028

Zernike-Prins
R (nm)
d (nm)
2.029 ± 0.007 7.365 ± 0.006
3.175 ± 0.009 7.278 ± 0.013
2.962 ± 0.008 6.654 ± 0.017
3.582 ± 0.007 6.893 ± 0.012

2.5 − 8

Intensity (a.u.)

2 −8
1.5 − 8

Percus-Yavick
R (nm)
th (nm)
3.100 ± 0.0120 0.620 ± 0.0136
3.047 ± 0.0290 0.675 ± 0.0186
2.925 ± 0.0450 0.25 ± 0.0530
2.970 ± 0.0640 0.450 ± 0.0324

Teubner-Strey
𝜉𝜉 (nm)
d (nm)
5.8074 ± 0.0664
7.475 ± 0.019
3.8435 ± 0.1750
7.700 ± 0.035
2.0970 ± 6.87e − 19 7.550 ± 0.026
2.2108 ± 0.128
7.774 ± 0.037

of segmentation [4–10]. e arrangement of HS and SS can
be deduced by �tting the characteristic SAXS peak with the
equations from theoretical models [4]. With this knowledge,
this work employed the synchrotron SAXS to study the eﬀect
of Co �llers of up to 60 wt.% on the segmentation between
HS and SS of PU. e con�guration can be concluded from
the agreement between the experimental SAXS pro�les and
the theoretical model.

PU

1 −8
PU20
0.5 − 8

PU40
PU60

0 −8
0

0.4
0.8
1.2
1.6
Scattering vector: (nm − 1 )

2

F 2: SAXS pro�les of PU composites loaded with 0–60 wt.%
Co showing the normalized scattering intensity as a function of the
scattering vector.

2. Models
e segmentation in PU can occur according to a variety of
models, for example, lamellar model, Zernike-Prins model,
Percus-Yevick model, and Teubner-Strey model [4]. e
nanostructural arrangement can be concluded from the
agreement between experimental results and the appropriate
scattering model.
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F 3: Curve �tting according to the lamellar model for �� composites loaded with (a) �, (b) 2�, (c) ��, and (d) �� wt.% Co.

2.1. Lamellar Model. For the lamellar model illustrated in
Figure 1(a), HS and SS are separated as parallel layers called
lamellae. If the edge eﬀect is neglected, the scattering intensity
perpendicular to a stack containing a considerable number of
in�nite lamellae, 𝐼𝐼inf (𝑞𝑞𝑞, can be given by
Δ𝜌𝜌
𝐼𝐼inf 𝑞𝑞 =
𝑞𝑞2

2

𝑞𝑞2 𝜎𝜎𝐻𝐻
× Re  1 − exp −
 exp −𝑖𝑖𝑖𝑖𝑖𝑖𝐻𝐻 
2


× 1 − exp −

=

𝑞𝑞2 𝜎𝜎𝑆𝑆
 exp −𝑖𝑖𝑖𝑖𝑖𝑖𝑆𝑆 
2

−1

−𝑞𝑞2 𝜎𝜎𝐻𝐻 +𝜎𝜎𝑆𝑆 
×1 −exp
exp−𝑖𝑖𝑖𝑖 𝑑𝑑𝐻𝐻 +𝑑𝑑𝑆𝑆 
2

2

1 −𝜙𝜙𝐻𝐻 exp −𝑖𝑖𝑖𝑖 1 −𝜙𝜙𝑆𝑆 exp −𝑖𝑖𝑖𝑖
Δ𝜌𝜌
Re
 ,
2
𝑞𝑞
1 − 𝜙𝜙𝐻𝐻 𝜙𝜙𝑆𝑆 exp −𝑖𝑖 𝜓𝜓𝜓𝜓𝜓

(2)

where the subscripts 𝐻𝐻 and 𝑆𝑆 denote the parameters associated with HS and SS, respectively. 𝜙𝜙, 𝑑𝑑, and 𝜎𝜎 are the
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F 4: Curve �tting according to the �ernike-�rins model for �� composites loaded with (a) �, (b) 2�, (c) 4� and (d) �� wt.% Co.

volume fraction, thickness, and standard deviation of each
segment. Assuming that the lamellar thickness follows the
Gaussian distribution with 𝜓𝜓 𝜓 𝜓𝜓𝜓𝜓𝐻𝐻 , the term 1 −
exp(−𝑞𝑞2 𝜎𝜎𝐻𝐻 /2) exp(−𝑖𝑖𝑖𝑖𝑖𝑖𝐻𝐻 ) = 𝜙𝜙𝐻𝐻 exp(−𝑖𝑖𝑖𝑖𝑖 is a Fourier transform of the lamellar thickness distribution for HS. Likewise,
the expression for SS can be derived using 𝜒𝜒 𝜒𝜒𝜒𝜒𝜒𝑆𝑆 . Equation
(2) can be reduced to
2Δ𝜌𝜌
𝐼𝐼inf 𝑞𝑞 =
𝑞𝑞2

2

1−𝜙𝜙2𝐻𝐻 𝜙𝜙2𝑆𝑆 −𝜙𝜙𝐻𝐻 1 −𝜙𝜙2𝑆𝑆 cos 𝜓𝜓𝜓𝜓𝜓𝑆𝑆 1 −𝜙𝜙2𝐻𝐻 cos 𝜒𝜒
× 
 .
1 + 𝜙𝜙2𝐻𝐻 𝜙𝜙2𝑆𝑆 − 2𝜙𝜙𝐻𝐻 𝜙𝜙𝑆𝑆 cos 𝜓𝜓 𝜓𝜓𝜓
(3)

In the case of isotropic assembly of lamellar stacks, the
scattering intensity becomes
𝐼𝐼 𝑞𝑞
=

𝐼𝐼inf 𝑞𝑞 𝐼𝐼0
= 4
4𝜋𝜋 𝜋𝜋2
𝑞𝑞

×

1−𝜙𝜙2𝐻𝐻 𝜙𝜙2𝑆𝑆 −𝜙𝜙𝐻𝐻 1−𝜙𝜙2𝑆𝑆  cos 𝜓𝜓𝜓𝜓𝜓𝑆𝑆 1−𝜙𝜙2𝐻𝐻  cos 𝜒𝜒
1+𝜙𝜙2𝐻𝐻 𝜙𝜙2𝑆𝑆 −2𝜙𝜙𝐻𝐻 𝜙𝜙𝑆𝑆 cos 𝜓𝜓𝜓𝜓𝜓

 ,

(4)

where 𝐼𝐼0 is a scaling factor which depends on several parameters in the measurement including the scattering contrast,
surface area per unit volume, and intensity of incident X-ray.
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F 5: Curve �tting according to the Percus-�avick model for P� composites loaded with (a) �, (b) ��, (c) ��, and (d) 6� wt.% Co.

2.2. Zernike-Prins Model. Originally proposed for a liquid,
the Zernike-Prins model has been applied to segmented
copolymers. To explain the scattering from dense disorder
systems, the crystal imperfection and separated minor phase
are treated like the scattering bodies in arbitrary direction
for one-dimensional random statistical lattice as illustrated
by Figure 1(b). e observed scattering intensity from globular domains of HS on a distorted lattice in SS matrix is
composed of the form factor, 𝑃𝑃𝑃𝑃𝑃𝑃, and the structure factor,
𝑆𝑆𝑆𝑆𝑆𝑆
𝐼𝐼 𝑞𝑞 = 𝐼𝐼0 𝑃𝑃 𝑞𝑞 𝑆𝑆 𝑞𝑞 .

(5)

By omitting the interference eﬀect, the term 𝑃𝑃𝑃𝑃𝑃𝑃 representing the scattering from spherical bodies with radius, 𝑅𝑅, and
volume, 𝑉𝑉, can be written as
2

𝑃𝑃 𝑞𝑞 = 9 Δ𝜌𝜌 𝑉𝑉2 

sin 𝑞𝑞𝑞𝑞 − 𝑞𝑞𝑞𝑞 𝑞𝑞𝑞 𝑞𝑞𝑞𝑞
(𝑞𝑞𝑞𝑞𝑞3

2

 .

(6)

On the other hand, 𝑆𝑆𝑆𝑆𝑆𝑆 corresponds to the interference
by the scattering from neighboring bodies aligning in one
dimension which is given by
𝑆𝑆 𝑞𝑞 =

1 − 𝜙𝜙2𝐻𝐻

1 − 2𝜙𝜙2𝐻𝐻 cos 𝑞𝑞𝑞𝑞 + 𝜙𝜙2𝐻𝐻

,

(7)
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F 6: Curve �tting according to the �eubner-Strey model for P� composites loaded with (a) �, (b) ��, (c) ��, and (d) 6� wt.% Co.

where 𝑑𝑑 is the mean distance between the center of randomly distributed neighboring bodies. e parameter 𝜙𝜙 𝜙
exp (−𝑞𝑞2 𝜎𝜎𝜎𝜎𝜎 is the volume fraction of each segment. By
substituting (6) and (7) into (5), the scattering model can be
expressed as
2

𝐼𝐼 𝑞𝑞 = 𝐼𝐼0 9Δ𝜌𝜌 𝑉𝑉2 
× 

sin 𝑞𝑞𝑞𝑞 − 𝑞𝑞𝑞𝑞 𝑞𝑞𝑞 𝑞𝑞𝑞𝑞

1 − 𝜙𝜙2𝐻𝐻

𝑞𝑞𝑞𝑞

1 − 2𝜙𝜙2𝐻𝐻 cos 𝑞𝑞𝑞𝑞 + 𝜙𝜙2𝐻𝐻

3

 .

2



(8)

2.3. Percus-Yevick Model. e scattering equation from globular domains in a liquid-like dispersion is based on statisticalmechanical treatments by Percus and Yevick. In Figure 1(c),
the structure factor of matrix containing spheres of radius, 𝑅𝑅,
with the thickness of the boundary layer th is
𝑆𝑆 𝑞𝑞 = 1 +

24𝜙𝜙
𝑥𝑥6

× 𝛼𝛼𝛼𝛼3 (sin 𝑥𝑥 𝑥 𝑥𝑥 𝑥𝑥𝑥 𝑥𝑥)

+ 𝛽𝛽𝛽𝛽2 2𝑥𝑥 𝑥𝑥𝑥 𝑥𝑥 𝑥 𝑥𝑥2 − 2 cos 𝑥𝑥 𝑥𝑥
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+ 𝛾𝛾 4𝑥𝑥3 − 24𝑥𝑥 sin 𝑥𝑥
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3. Experimental
−1

− 𝑥𝑥4 − 12𝑥𝑥2 + 24 cos 𝑥𝑥 𝑥𝑥𝑥  .

(9)

e parameter 𝑥𝑥 𝑥 𝑥𝑥𝑥𝑥𝑥𝐻𝐻 where 𝑅𝑅𝐻𝐻 =𝑅𝑅𝑅 th. ree other
parameters (𝛼𝛼𝛼 𝛼𝛼𝛼 𝛼𝛼) in (9) are de�ned in terms of the volume
fraction occupied by the spheres, 𝜙𝜙:
𝛼𝛼 𝛼

2

1 + 2𝜙𝜙

4

1 − 𝜙𝜙

𝛽𝛽𝛽𝛽𝛽𝛽𝛽

,

1 + 0.5𝜙𝜙
1 − 𝜙𝜙
2

4

2

,

(10)

𝜙𝜙 1 + 2𝜙𝜙
𝜙𝜙
𝛾𝛾 𝛾  
= 𝛼𝛼𝛼
4
2 1 − 𝜙𝜙
2

By substituting the form factor from (6) and the structure
factor from (9), the scattering intensity in (5) becomes
2

𝐼𝐼 𝑞𝑞 = 𝐼𝐼0 9 Δ𝜌𝜌 𝑉𝑉2
× 

sin 𝑞𝑞𝑞𝑞 − 𝑞𝑞𝑞𝑞𝑞𝑞𝑞 𝑞𝑞𝑞𝑞

× 1 +

24𝜙𝜙
𝑥𝑥6

𝑞𝑞𝑞𝑞

3



2

× 𝛼𝛼𝛼𝛼3 (sin 𝑥𝑥 𝑥 𝑥𝑥 𝑥𝑥𝑥 𝑥𝑥)

+ 𝛽𝛽𝛽𝛽2 2𝑥𝑥 𝑥𝑥𝑥 𝑥𝑥 𝑥 𝑥𝑥2 − 2 cos 𝑥𝑥 𝑥𝑥

+ 𝛾𝛾 4𝑥𝑥3 − 24𝑥𝑥 sin 𝑥𝑥

4. Results and Discussion

−1

− 𝑥𝑥4 − 12𝑥𝑥2 + 24 cos 𝑥𝑥 𝑥𝑥𝑥 .

(11)

2.4. Teubner-Strey Model. e Teubner-Strey model illustrated in Figure 1(d) is commonly used for explaining the
scattering from microemulsion systems. is random twophase model assumes the spatial dependence of a pair
correlation function, 𝛾𝛾𝛾𝛾𝛾𝛾, of the form
𝛾𝛾 (𝑟𝑟) =

𝑑𝑑
𝑟𝑟
2𝜋𝜋𝜋𝜋
exp −  sin 
 .
2𝜋𝜋𝜋𝜋
𝜉𝜉
𝑑𝑑

(12)

e sine term indicates the periodicity in the correlation
function with the domain sizecharacterized by 𝑑𝑑. e exponential term expresses the loss of long range order with the
correlation length, 𝜉𝜉. e scattering intensity is written as
𝐼𝐼 𝑞𝑞 = 8𝜋𝜋𝜋𝜋 1 − 𝜙𝜙 Δ𝜌𝜌
× 𝜉𝜉

−2

2

2

PU composites incorporating 0, 20, 40, and 60 wt.% Co
powders (99.98%, 𝜙𝜙 𝜙 𝜙 𝜙𝜙m) are, respectively, referred
to as PU, PU20, PU40, and PU60. Polyether polyol (SS)
and diphenylmethane-4,4′ -diisocyanate (HS) were used as
starting materials in the conventional prepolymer method.
Firstly, polyol (20 g) was mixed with Co dispersed in silicone
oil, and the mixture was heated to 75∘ C. Under constant
stirring without creating air bubble, diisocyanate (2.1 g) was
then added. Aer the homogeneous mixture became viscous
by the addition of the catalyst, PU/Co composites were
tape-casted to obtain approximately 300 𝜇𝜇m thick samples.
ey were dried and received thermal treatment at 80∘ C for
180 min.
e characterizations of PU/Co composites by
microscopy, DSC, vibrating sample magnetometry, complex
permittivity, and permeability spectroscopy were presented
elsewhere [2]. e SAXS experiment was carried out at BL
2.2, Siam Photon Laboratory, Synchrotron Light Research
Institute, Nakhon Ratchasima, ailand [11]. e X-ray
energy used was 8 keV. A CCD (Mar SX165) was used to
record the 2D SAXS patterns. e sample-detector distance
was calibrated using scattering of silver behenate powder.
e patterns were then circularly averaged to obtain 1D
SAXS pro�les. e peak of SAXS pro�les was curve-�tted
according to the lamellar (see (4)), Zernike-Prins (see (8)),
Percus-Yevick (see (12)), and Teubner-Strey (see (16))
models using the least square method in MatLab.

−1

4𝜋𝜋2
4𝜋𝜋2
+ 2  + 2𝑞𝑞2 𝜉𝜉−2 − 2  + 𝑞𝑞4  .
𝑑𝑑
𝑑𝑑
(13)

e SAXS pro�les of PU and PU/Co composites shown in
Figure 2 exhibit the single peak around 𝑞𝑞 = 0.8–0.9 nm−1 .
Such peak is commonly observed in PU. e intensity of
the peak is decreased with the increase in the Co loading.
is implies that HS and SS are increasingly mixed with the
reduction in clear scattering boundaries [6, 7]. In addition to
the reduction in intensity, the peak position corresponding
to HS distance calculated by using Bragg’s law is slightly
shied by the inclusion of Co �llers. It can be inferred that
the length of the HS has been reduced by the inclusion of
Co. e densely packed Co aggregates may also shield some
X-ray but should not aﬀect the scattering because their sizes
are much larger than the characteristic size measurable by the
measurement setup.
e curve �tting with four diﬀerent models is shown in
Figures 3, 4, 5, and 6, and the obtained parameters are listed
in Table 1. e best �t of the un�lled PU peak is obtained
in the case of Zernike-Prins model. e Percus-Yevick model
also agrees well with experimental SAXS pro�les in a narrower 𝑞𝑞 range around the peak. ese results indicate that the
PU segmentation resembles the con�gurations of globular
domains of HS in Figures 4 and 5. However, the values of 𝑅𝑅
obtained from these two models are greatly diﬀerent. Instead,
the 𝑑𝑑 from the Zernike-Prins model is comparable to the
length scale in the lamellar and Teubner-Strey models.

8
e eﬀect of Co �llers on PU segmentations is evident
from the comparison of SAXS pro�les. e pro�le in the
case of 20 wt.% Co is still consistent with the Zernike-Prins
model but the shape of the peak is better described by the
Percus-Yevick model. e higher loadings of 40–60 wt.%
Co lead to larger discrepancy between experimental results
and theoretical models. It is inferred that each segment is
increasingly disrupted and both segments become mixture.
�nly the Percus-Yevick model still �ts well with the SAXS
pro�les around the peak. From this model, the 𝑅𝑅 in PU/Co
composites is slightly less than that of un�lled PU, and the
minimum 𝑅𝑅 with the thinnest shell occurs in the case of
40 wt.% Co. Interestingly, the lengthscale is monotonically
decreased with the increase in Co loading when the lamellar
model is applied. e �uctuation in the 𝑅𝑅 from both ZernikePrins and Percus-Yevick models with the loading is likely to
originate from the large size distribution of the scattering
bodies.

5. Conclusions
e peaks of SAXS pro�les analyzed by �tting with the theoretical models led to the conclusion about arrangements of
HS and SS in PU �lled with 0–60 wt.% Co. e experimental
result in un�lled PU had a better agreement with the scattering models from globular HS domains (i.e., Zernike-Prins
and Percus-Yevick models) than the lamellar and TeubnerStrey models. e introduction of 20 wt.% Co �llers into
PU gave rise to the con�guration best described by globular
HS domains in a liquid-like dispersion according to Percus
and Yevick. e high loading levels of 40–60 wt.% severely
aﬀected the segmentation of PU. e SS was increasingly
mixed with the HS in these highly loaded PU composites, and
only Percus-Yevick model can adequately �t the experimental
results. e peak position corresponding to the length of hard
segment was slightly shied by the increase in Co �llers.
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An important step in the manufacturing processes of thin composite components is the layingup of the reinforcement onto the
mould surface. e prediction of the angular distortion of the reinforcement during draping and the changes in �bre orientation
are essential for the understanding of the manufacture process and the evaluation of the mechanical properties of the composite
structures. is paper presents an optimization-based method for the simulation of the forming processes of woven fabric
reinforced composites. Two diﬀerent approaches are proposed for the simulation of the draping of woven fabric onto complex
geometries: geometrical and mechanical approaches. e geometrical approach is based on a �shnet model. It is well adapted to
predimensioning fabrics and to give a suitable quanti�cation of the resulting �at patterns. e mechanical approach is based on a
mesostructural model. It allows us to take into account the mechanical properties of �bres and resin and the various dominating
mode of deformation of woven fabrics during the forming process. Some numerical simulations of the forming process are proposed
and compared with the experimental results in order to demonstrate the eﬃciency of our approaches.

1. Introduction
Composite reinforced by woven fabric is known to have
high speci�c stiﬀness and, in combination with automatic
manufacturing processes, makes it possible to fabricate complex components (aircra, boat, automotive, and military)
with high level of weight and cost eﬃciency due to their
excellent mechanical properties. One of the most attractive
properties of the fabric reinforcements is that they are easily
handled and automatically processed, which can lower the
production cost. As known, the substitution of metal alloys
by composite materials, in general, reduces structural mass
by 20–30%. e mass increase is also due to the numerous
variety of semiproducts (roving, fabrics, knitted fabrics, and
braids preimpregnated or not) permitting the development of
new structures. Fabrication processes, also, have undergone
substantial evolution in recent years. Although the traditional
layup process will remain the process of choice for some
applications, new developments in resin transfer molding
(RTM) or sheet molding compound (SMC), low temperature
curing prepregs, and low pressure molding compounds

have matured signi�cantly are reached, and are now being
exploited in high technology areas such as aerospace industry. For example, by using such composites, the automotive
industry can realize improved fuel economy through vehicleweight reduction by replacing the currently used steel and
aluminum parts with thermoplastic composites with the
added bene�t of a corrosion-resistant material. e choice of
the manufacturing process depends on the type of matrix and
fabric, the temperature required to form the part, and the cost
eﬀectiveness of the process. In particular, thermoforming
is a promising manufacturing process for producing highvolume low-cost composite parts using commingled �bre
glass/polypropylene woven fabrics [1].
e simulation of the manufacturing of a textile-reinforced composite part with a liquid composite moldinglike process, which involves draping (or deep drawing) and
impregnation of the preform, includes several stages (see
Figure 1). First, a mould is designed with CAD soware, and
the CAD model is meshed. en, a draping (or deep drawing)
simulation tool is used to compute the deformations of the
textile layers inside the mould. As a result, for every element
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F 1: Illustration of the manufacturing of a textile reinforced composite part.

of the mesh, textile parameters like the shear angle and the
thickness of the layer are available. With these parameters
given, the local (mesoscale) properties for every element are
determined (preprocessing) and given as input for the macroscopic structure aer resin polymerization simulation. e
result of the macrosimulation is then postprocessed to optimize the mechanical properties of the composite structure.
e numerical simulation of composite forming is an eﬃcient
means of evaluating the factors related to the manufacturing
processes and an eﬃcient help to design preforming sequence
for the manufacturing of fabric-reinforced composites. It
is possible to detect the main problem occurring during
the shaping deformation and to obtain good quantitative
information on the forming process [2–5].
Diﬀerent levels of modeling intervene in the simulation of
woven reinforcement forming: (1) architecture design level,
(2) preliminary design level, (3) mechanical level by computational soware, and (4) optimization level [4–6]. Most
of these levels are integrated and take into account speci�c
constraints of the manufacturing processes. e particular
form of composite fabrication (prepreg) begins with the
preimpregnation of reinforcement materials with a resin. e
combining of these two materials occurs prior to the molding
process and therefore enables a very accurate reinforcement
to resin ratio to be achieved. Prepreg materials are used
extensively in the aerospace or automotive industry due to
their ability to maximize strength to weight ratios. Prepregs
are pliable and therefore are able to be cut into various shapes
or patterns prior to processing into the molded products.
But for the manufacturing of nondevelopable composite
part (part that cannot be made �at and unstretched), a
new problem intervenes in the design chain resulting from
the number of parameters in�uencing the global behavior
of composite forming process. e ability to de�ne, in
advance, the ply shapes and material orientation allowed the
engineers to optimize the composite structural properties of

the composite products for maximum strength, maximum
material utilization, and maximum layup eﬃciency [7–15].
e composite manufacturing process involves large displacements and rotations and large shear of we and warp
�bres, which can have a signi�cant eﬀect on the processing and structural properties of the �nished product. e
eﬀective modeling of the forming properties of woven fabric
polymer composite materials has been the focus of research
for more than a decade. e formulation of new and more
eﬃcient numerical models for the simulation of the shaping
composite processes must allow for reduction in the delay in
manufacturing of complex parts and an optimization of costs
in an integrated design approach [15–20]. Several modeling
approaches have been developed to account for the evolution
of the orthotropic directions during high shearing, and these
approaches include the geometrical and the �nite element
approaches.
In this context, simulation methods are needed to anticipate the performance of the �nal part but also to predict
the reinforcement preforming and the resin injection. Early
methods, based on a geometric approach of the �shnet type
algorithm, emerged a few decades ago. e geometrical
approach based on the so-called �shnet algorithms is used
to determine the deformed shape of draped fabrics. e
main assumptions are that the �bers are inextensible, the
intersection points between warp and we yarns are �xed
during preforming, and the rotations between warp and
we yarns are free. is method, where the fabric is placed
progressively from an initial line, provides a close enough
resemblance to handmade draping [18–21]. ese methods
were originally developed for prepreg hand draping. ey
are very fast and fairly eﬃcient in many prepreg draping
cases. Nevertheless, this method has major drawbacks. ey
account neither for the mechanical behavior of the fabric
nor for the static boundary conditions. is last point is
very important in the case of forming with punch and die
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(such as in the preforming of the RTM process). e loads on
the tools, especially on the blank holder, in�uence the quality
of the shaping operation and therefore need to be considered
in simulations [21, 22]. More recently �nite element methods
have been used for the draping simulation of composite
reinforcements.
e alternative to the geometrical approach consists of
a mechanical analysis of the fabric deformation under the
boundary conditions prescribed by the forming process.
is requires a speci�c model of the woven reinforcement
and its mechanical behavior. e mechanical behavior of
woven fabrics is complex due to the intricate interactions
of the �bres. It is a multiscale problem. e macroscopic
behavior is very much dependent on the interactions of
�bres at the mesoscale (scale of the woven unit cell) and
at the microscale (level of the �bres constituting yarns).
Despite of the great amount of work in the �eld, there
is no widely accepted model that accurately describes all
the main aspects of fabric mechanical behavior. e main
model families come from the multiscale nature of the textile.
A �rst family of models is obtained by homogenizing the
mechanical behavior of the underlying mesostructure and
considering the fabric as an anisotropic continuum [9–15].
If these models can easily be integrated in standard �nite
element using conventional shell or membrane elements,
then the identi�cation of homogenized material parameters
is diﬃcult, especially because these parameters change when
the fabric is strained and when, consequently, the directions
and the geometry (crimp, transverse sections, etc.) of the
�bres change. Some of these approaches will be described,
especially a nonorthogonal constitutive model [23–31] and
an anisotropic hypoelastic continuous behavior for �brous
material based on an objective derivative using the rotation
of the �bre [24]. Conversely, some authors present �nite
element models to model the warp and the we �bres
behavior [28]. Each yarn or each �bre is modeled and is
assumed to be a straight or a curved beam or truss. Sometimes
they are modeled as 3D domains [28]. Springs are oen used
to model warp and we yarn interactions. In the objective
of fabric forming simulations, some authors extend the
�nite element modeling to the whole textile structure that is
represented by a network of interwoven trusses or beams with
diﬀerent tensional and rotational springs. Accounting for the
simplicity of each component, the whole textile structure
deformation can be computed.
Nevertheless, the computational eﬀort needed is relatively signi�cant. At present, this method is restricted to
simple geometry of the local yarn and relatively simple
mechanical behavior. �hen a �ne model of the �brous yarns
is used, the analysis can only consider a small part of the
textile reinforcement such as a few woven or knitted cells. e
semidiscrete approach is a compromise between the above
continuous and discrete approaches [14]. A �nite element
method is associated to a mesoscopic analysis of the woven
unit cell. Speci�c �nite elements are de�ned and are made
of a discrete number of woven unit cells. e mechanical
behaviour of these woven cells is obtained by experimental analyses or from 3D FE computations of the woven
cell. e nodal interior loads are deduced from this local
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behavior and the corresponding strain energy in the element
deformation.
For experimental technique, Kenkare and May-Plumlee
[32] distinguished draping from paperiness (paper bending
behaviour) by accounting for 3D deformation behavior using
a drapemeter that is capable of distorting fabric samples in all
three dimensions over a circular disc. Providing an accurate
vertical projection of the draped sample by optical means
allowed the determination of the drape coeﬃcient (DC),
which they de�ned as “the fraction of the area of the annular
ring covered by the projection of the draped sample.” Hence,
a high drape coeﬃcient re�ects poor or little deformation.
Over several years, it was the main concern of drape
researchers to accurately record the draped contour. From
complex projection techniques [33] to the use of photovoltaic
cells [34] and “cut-and-weigh” techniques, image analysis
techniques [35] have de�nitely simpli�ed investigations, providing higher accuracies. Most measuring methods produced
similar results. However, image analysis techniques greatly
reduced result dispersion as well as measuring time.
In this study, geometrical and �nite element approaches
are used to simulate the deformation of preforming of woven
fabric. ese approaches, while giving good results and being
eﬃcient in terms of computing time, are generally somewhat
complex and sometimes very challenging to implement into
commercially available FEA packages.
(i) e geometrical approach is well adapted to preliminary design level. It is based on geometrical aspects
of the warping. It is based on a modi�ed MOSAIC
algorithm, which is suitable to generate a regular
quad mesh representing the layup of the curved
surfaces (giving the exact �bre orientations). e
method is implemented in the GeomDrap soware
which is now integrated in the ESI-Pam soware. is
soware provides a �bre quality chart (showing the
�bre distortions, the rate of falling, and the rate of
draped surface) to predict local folding due to that the
overlapping of �bers in the shear exceeds limit value
(up to 60∘ in some cases). It can be used to optimize
the draping process (with respect to the above quality
measure) by improving the layup directions or the
marker data location. e layup of complex curved
surfaces can be made in a few seconds [18, 22].
(ii) e mechanical approach is based on a mesostructural description for �nite deformations and geometrical nonlinearity. e unpolymerized resin has a
viscous behavior, and the reinforced �bers are treated
as either unidirectional or nonlinear elastic behavior.
e unit cell of the mesoscopic model used here for a
plain weave fabric consists of bicomponent �nite elements. e tensile load is carried by the 1D elements
that will capture the changes in the orthotropic directions during the shearing. e 2D element accounts
only for the shearing resistance of the fabric and
hence has no tensile stiﬀness. e bicomponent �nite
elements for modeling composite fabric behavior are
based on 3D membrane �nite elements representative
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of resin behavior and truss �nite elements representative of warp and we �bers behavior. e eﬃciency
of the proposed model resides in the simplicity of its
�nite element discretization and the performance of
its mechanical background [30, 31].

2. Geometrical Approach
e draping of composite fabric using a mechanical approach
requires the resolution of equilibrium PDE’s problems by
the �nite element method (see Section 3). In general, in
the case of complex surfaces, the boundary conditions are
not well de�ned, and the contact between the surface and
the fabric is diﬃcult to manage. Furthermore, the resolution
of such a problem can be too long in CPU time and is
detrimental to the optimization stage of draping regarding
the initial �bre directions. All of these facts lead us to consider
rather a geometrical approach which is very fast and more
robust allowing simultaneously to de�ne the strati�cation
sequences and the �at pattern for diﬀerent plies and to predict
diﬃcult impregnated areas which involve manual operations
like dart insertion or, on the contrary, the shortage of fabric.
Based on technical criteria (mold surface covering, fabric
drape covering, and �bre angular distortion), this approach
can constitute the predimensioning or the preoptimization
stage for the manufacturing of complex composite parts. e
geometrical approach is based, in general, on the �shnet
method for which a fabric mesh element is subjected only
to shear deformations. e diﬃculty of such a method is
the mapping of the fabric mesh element onto any surface.
Within this context, several algorithms approximating the
geometry of a fabric mesh element plotted onto the surface
are proposed. In particular, the edges of the fabric mesh
element are approximated by line segments representing a
pure estimate in the highly curved area (see [19–22] for a
synthesis).
In this paper, we propose a new geometrical algorithm
which takes into account the true geometry of the fabric mesh
element plotted onto the surface. Such a fabric mesh element
is then de�ned by a curved quadrilateral whose edges are
geodesic lines with the same length plotted onto the surface
to drape. Given three vertices of the fabric mesh element
on the surface, we propose an optimization algorithm to
de�ne the fourth vertex of the fabric mesh element. is
algorithm allows us to drape the complex surface using an
advancing front approach from the data of an initial start
point between the fabric and the surface and the initial �bre
directions at this point. In this section, geometrical approach
based on the mould mesh discretization is presented. For the
second formulation, we propose an algorithm of composite
fabric draping without any approximation on the geometry
of surface to be draped.
2.1. Geometrical Formulation. First, we present the mathematical formulation of the geometrical draping, and then we
propose an algorithm scheme to solve the draping problem.
Let Σ denote the surface of the part to drape, and we assume
that a geometrical mesh 𝐓𝐓Σ of surface is known. Let Φ be the
woven composite fabric modeled by two families (warp and

we) of mutually orthogonal and inextensible �bre described
by the local coordinates 𝐱𝐱 𝐱 𝐱𝐱𝐱𝐱 𝐱𝐱𝐱. ese families constitute
regular quadrilateral fabric mesh 𝐓𝐓𝐅𝐅 of the fabric Φ (Figure 2
gives example of draping steps of complex part). e problem
of geometrical draping of Φ onto the surface Σ consists of
calculating each node displacement of fabric mesh 𝐓𝐓𝐅𝐅 with a
point of the surface mesh 𝐓𝐓Σ such that the lengths of the edge
of the corresponding mesh 𝐓𝐓Σ𝐅𝐅 on the surface are preserved
(not extensible). is problem presents in�nity of solutions
depending on
(i) starting point associated with a node of fabric 𝐓𝐓Σ𝐅𝐅 ,

(ii) initial warp and we orientation 𝛼𝛼.

us, to ensure a unique solution, we suppose that the points
of impact on the part surface as well as the fabric orientation
are given. e draping scheme is given by the following step
[36]:
(1) associate a starting point (corresponding to the point
of impact of the machine to drape) on the surface on
geometrical part mesh 𝐱𝐱Σ0 =(𝜉𝜉0 ,𝜂𝜂0 ) (Figure 2(a)),

(2) compute numerically step by step the warp nodes
of 𝐓𝐓Σ𝐅𝐅 , classi�ed as 𝛼𝛼-nodes, from the starting point,
associated with nodes (𝜉𝜉𝜉𝜉𝜉0 ) of 𝐓𝐓𝐅𝐅 (Figure 2(b)),

(3) compute numerically step by step the we nodes of
𝐓𝐓Σ𝐅𝐅 , classi�ed also as 𝛼𝛼-nodes, from the starting point,
associated with nodes (𝜉𝜉0 ,𝜂𝜂𝜂 of 𝐓𝐓𝐅𝐅 (Figure 2(c)),
(4) compute numerically cell by cell all the other nodes
of 𝐓𝐓Σ𝐅𝐅 , classi�ed as 𝛽𝛽-nodes, from 𝐱𝐱0 and the nodes
associated with nodes (𝜉𝜉𝜉𝜉𝜉0 ) and (𝜉𝜉0 ,𝜂𝜂𝜂 of 𝐓𝐓𝐅𝐅 (Figure
2(c)).

e nodes of 𝐓𝐓Σ𝐅𝐅 associated with nodes (𝜉𝜉𝜉𝜉𝜉0 ) and (𝜉𝜉0 ,𝜂𝜂𝜂 of 𝐓𝐓𝐅𝐅
and the 𝛼𝛼-nodes are located on the surface along the geodesic
lines emanating from the point of impact. Regarding the 𝛽𝛽nodes, various algorithms are proposed [20]. Most of them
use an analytical expression of the surface and formulate the
draping problem in terms of nonlinear partial diﬀerential
equations. Other algorithms are also proposed to simplify
these equations by using a �nite element discretization of the
surface by �at triangular face (i.e., a mesh of the surface).
Based on this latter approach, we propose a new algorithm.
e 𝛽𝛽-nodes are computed by solving an optimization problem corresponding to determine a vertex of an equilateral
quad plotted on the surface from the data of the three other
vertices. is optimization problem formulates the direction
of the geodesic lines emanating from the searched vertex.
Consequently, two problems arise:
(1) problem 1: determine the geodetic exit of a given
point of surface according to a given orientation,
(2) problem 2: determine the geodetic exits of these
points intersecting themselves mutually according to
given two points of surface and lengths (this geodetic
is given according to their orientations).
e developed algorithm is implemented in GeomDrape
tool [18]. is soware provides a �bre quality chart
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F 2: Geometrical draping steps of woven composite fabric.

(showing the �bre distortions, the rate of falling, and the rate
of draped surface) to predict diﬃcult impregnated regions. It
can be used to optimise the draping process (with respect to
the above quality measure) by improving the layup directions
or the marker data location. e layup of complex curved
surfaces can be made in a few seconds. e use of draping
tool should not only allow for a more detailed assessment of
the draped fabric (Figure 2(c)), but also for an optimization
in terms of total fabric shear deformation (Figure 2(e)), �at
pattern of the initial fabric (Figure 2(d)) and �bre stretching

(Figure 2(f)), and the optimization of the best layup start
point (Figure 2(a)).
2.2. Application of Geometrical Approach. Two draping simulation examples are given. ese simulations are performed
using the geometrical analysis computer code GeomDrap
[18]. For each example, we assume that a mesh of the piece
to drape is given. e �rst example shows the in�uence
of the �bre orientations draping in the draping process.
e second example shows the eﬃciency of the proposed
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method to simulate geometrically the draping composite
part.
e �rst example concerns the geometrical draping of
a complex piece composed of two half hemispheres with
a radius of 38.8 mm that are connected by a half cylinder
with a length of 170 mm [23]. Figure 3 shows the piece as
well as a mesh of the mechanical part. e centroid of the
part is chosen as the impact point for which two diﬀerent
�bre orientations are speci�ed. Figure 4 shows the resulting
3D surface layup for the 0∘ /90∘ �bre orientation (Figure
4(a)) and the corresponding 2D �at patterns (Figure 4(b)).
Likewise, Figure 5 shows the draping results for the ±45∘
�bre orientation (Figure 5(a) 3D surface layup and Figure
5(b) the corresponding 2D �at pattern). e shears angles
between �bres are given in Figure 6. One can notice that,
in the considered cases, the surface of the piece is draped
globally. However, to drape completely the proposed surface
without excessive �bre distortion <50∘ , it is necessary to
make cuts chisel along the direction 45∘ for 0∘ /90∘ �bre
orientation (Figure 6(a)) and along the direction 0∘ ± 45∘
�bre orientation (Figure 6(b)). In case we can allow excessive
distortions of the �bers without cutting chisel, the results
given in Figure 7 show the distribution of �bers in both
directions 0∘ /90∘ (Figure 7(a)) and ±45∘ (Figure 7(a)). We can
see that the shear limit reached 52∘ in the case of 0∘ /90∘ �bre
orientation and 89∘ in the case of ±45∘ �bre orientation.
�o compare the experimentally obtained �bre angle result
[23] with the geometrical predicted ones, two cross sections
where most shearing occurs are examined. e amount of
shear along the edge of these cross sections is used to compare
with the draping approach. Figure 3 gives an overview of
the two cross sections along the symmetrical L1 and along
the median line L2 for diﬀerent ply orientations. e line
L2 corresponds with the examined cross section for a 0∘ /90∘
fabric draping orientation and the line L1 for a 45 ± 45∘
fabric draping orientation. From Figure 8(a), it can be concluded that for the 0∘ /90∘ orientation, the agreement between
the experimental shear angles and the geometrical draping
results is good. On the other side, the drape orientation
±45∘ , the results from the geometrical model do not agree
at all with the experimental results [23] (see Figure 8(b)).
e oversimpli�cation of the fabric deformation in this
geometrical model gives shear angles up to 89∘ in case of
the 45∘ fabric orientation, which is impossible for fabric
composite. e geometrical model is used with a cutoﬀ
shear angle based either on an experimentally determined
locking angle or the maximum orientation that the designer
is prepared to tolerate, when de�ning a cutoﬀ angle of 38∘ ,
which equals the experimentally determined locking angle.
From the above discussed results, it can be concluded that the
geometrical draping method is not appropriate for predicting
the �ber directions of a fabric sheet aer stamp forming.
e second example is the draping of a complex shape
(car hood). e centroid of the part is chosen as the starting
point from which the 0∘ /90∘ and ±45∘ �bre orientations are
speci�ed. Figure 9 shows the resulting 3D draping for the
two orientations (Figure 9(a) for 0∘ /90∘ fabric orientation
and Figure 9(b) for 45∘ /45∘ fabric orientation). We can note
that all the part surface is completely draped. Figure 10
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F 3: CAD of complex part.

presents shaded contours interpolated from the map of the
�ber distortions of 0∘ /90∘ (Figure 10(a)) and ±45∘ �ber
orientations (Figure 10(b)). e �ber distortions for both
0∘ /90∘ and ±45∘ draping are very small but the maximum
shear angle localization is diﬀerent.

3. Mechanical Finite Element Approach
e mechanical behaviour of composite fabric forming is
complex, and it is a multiscale problem due to the �bres
behavior and the interactions of the �bres or yarns [37–
41]. e macroscopic behaviour is very much dependent
on the interactions of �bres at the mesoscale (scale of the
woven unit cell) and at the microscale (level of the �bres
constituting yarns). Despite of the great amount of work in
the �eld, there is no widely accepted model that accurately
describes all the main aspects of fabric mechanical behaviour.
e main model families come from the multiscale nature
of the textile. During the forming process of woven fabric,
the two main modes of deformation at the mesoscopic scale
are the stretching of the �bres due �bres undulation and
the in-plane shearing of the fabric resulting in a change of
the angle between the warp and the le yarns. In the deep
drawing or the draping of woven fabrics, the in-plane shear
of �bres is the principal mode of deformation and is very
diﬀerent than the sheet metal [37, 40]. Figure 11 shows the
evolution of two straight lines draw alternatively on warp and
we �bre directions during the forming deformation. ese
lines become curved but remain continuous. e absence of
interyarn sliding ensured by the fabric weaving, viscoelastic
behavior of resin, and friction �ber/�ber and �ber/resin
can be observed over the main areas of the fabric (i.e., far
enough from the free edges of the fabric). Also, for the
composite fabrics based on high modulus, the compressive
as well as bending stiﬀness is negligible compared to the inplane membrane stiﬀness. e assumption is that each cross
connection of straight warp and we �bres before deformation remains cross connected during the deformation. e
basic assumptions for the mechanical forming are that the
woven fabric is considered as a continuous 3D material.
e warp and we �bres are represented by a truss to
which connecting points are hinged, and the membrane resin
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F 6: Shear angles: (a) 0∘ /90∘ fabric orientation and (b) −45∘ /+45∘ fabric orientation.
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F 7: Optimal 3D surface layup: (a) 0∘ /90∘ fabric orientation and (b) −45∘ /+45∘ fabric orientation.
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preimpregnated woven fabric 𝐅𝐅 and the pseudo gradient of
transformation of the �bre 𝐅𝐅𝐟𝐟 are de�ned by the function
𝑓𝑓

𝐹𝐹𝑖𝑖𝑖𝑖 = 𝜆𝜆𝐿𝐿 𝑔𝑔𝑖𝑖 ⊗ 𝑔𝑔0𝑗𝑗 �bres,

𝐹𝐹𝑚𝑚
𝑖𝑖𝑖𝑖 =

𝑓𝑓

F 11: Fibres deformation during the forming process.

is coupled kinematically to the fabric at these connecting
points.
3.1. Model Description. In the unit cell of the mesoscopic
model used here for a plain weave fabric, each �bre and resin
is modelled and is assumed to be a straight or a curved beam
or truss. e tensile load is carried by the 3D truss or beam
elements that will capture the changes in the orthotropic
directions during the shearing. e 3D membrane or shell
element accounts only for the shearing resistance of the fabric
and hence has no tensile stiﬀness. e interaction warpwe yarn and resin �bres is negligible. In this approach,
the stress and strain of a continuous material are related
to �brous reinforcement using the constitutive relation in a
nonorthogonal frame directed by the �bre directions. In this
study, we consider two yarn directions, and we use them
to de�ne the nonorthogonal frame. is approach uses the
Green-Naghdi frame. It is an orthonormal frame which is
rotated by 𝐑𝐑, the rotation of the polar decomposition in
which the local stress increment computations at �nite strain
are made [42–44].
Two reference frames have to be considered. e 𝐞𝐞𝐢𝐢
unit vectors de�ne the local orthogonal reference frame that
rotates with the continuum material, and the 𝐠𝐠𝐢𝐢 basis vectors
form a nonorthogonal frame that follows the �bre direction.
Here, 𝐠𝐠1 , 𝐠𝐠2 correspond to warp and we directions, respec 𝐟𝐟 of warp and
tively. In this case, for each connecting point 𝐗𝐗
we yarns is associated a material position space of a resin
 𝐦𝐦 . At the connecting points, we have 𝐗𝐗
 𝐟𝐟 = 𝐗𝐗
 𝐦𝐦 = 𝐗𝐗
 before
𝐗𝐗
deformation. e current position of these points is obtained
by
 𝐗𝐗 𝐝𝐝𝐗𝐗
 𝐟𝐟 �bres,
𝐝𝐝𝐱𝐱𝐟𝐟 = 𝐅𝐅𝐟𝐟 𝐗𝐗𝐗

 𝐗𝐗 𝐝𝐝𝐗𝐗
 𝐦𝐦 resin,
𝐝𝐝𝐱𝐱𝐦𝐦 = 𝐅𝐅𝐦𝐦 𝐗𝐗𝐗

(1)

where 𝐅𝐅𝐟𝐟 and 𝐅𝐅𝐦𝐦 are the deformation gradient tensor of �bre
and resin, respectively. e relationship of the no sliding
inter�bre can be written at each connecting point as 𝐱𝐱 𝐱
 𝐗𝐗𝐗𝐗𝐱𝐱𝐟𝐟 = 𝐱𝐱𝐦𝐦 = 𝐱𝐱.
 𝐗𝐗𝐗
 e gradient of transformation of the
𝐱𝐱𝐱

𝜕𝜕𝜕𝜕𝐦𝐦
𝑒𝑒 ⊗ 𝑒𝑒 resin,
𝜕𝜕𝜕𝜕𝐦𝐦 0𝑖𝑖 0𝑗𝑗

(2)

where 𝜆𝜆𝐿𝐿 is the longitudinal elongation of each �bre and 𝑔𝑔0𝑖𝑖 ,
and 𝑔𝑔𝑖𝑖 are, respectively, the �bre orientations in the initial
𝐶𝐶0 and the current 𝐶𝐶𝑡𝑡 con�gurations and are the resin. e
relative rotation of �bre can be associated to the rotation of
the rigid body of the median line of the �bre 𝐑𝐑. We can note
this assumption by the following kinematic relation:
𝐑𝐑 𝐑𝐑𝐑𝑖𝑖 ⊗ 𝑔𝑔0𝑖𝑖 .

(3)

Using the previous assumptions, the mechanical deformation
of composite fabric depends on the relative movement of
�bres and the deformation of unpolymeri�ed resin. �onsider
𝑓𝑓

𝑓𝑓

𝜆𝜆𝑖𝑖 = 𝑔𝑔0𝑖𝑖 𝐹𝐹𝑓𝑓𝑓𝑓 𝐹𝐹𝑓𝑓 𝑔𝑔0𝑖𝑖 �bres,
𝑈𝑈 = 𝐹𝐹𝑚𝑚𝑚𝑚 𝐹𝐹𝑚𝑚 resin.
𝑚𝑚

(4)

e shaping problem imposes the use of incremental formulation in �nite deformations. In �nite deformation analysis,
a careful distinction has to be made between the coordinate
systems that can be chosen to describe the behaviour of the
body. e rate constitutive e�uations for �nite strain use
objective derivatives [43]. e problem of the integration of
strain rate tensors is a central one in large deformations. e
rate of deformation tensor of woven fabric is obtained by
𝐷𝐷𝑓𝑓 = 

𝑓𝑓
𝜆𝜆̇ 𝑖𝑖
𝑓𝑓

𝜆𝜆𝑖𝑖

 𝑔𝑔𝑖𝑖 ⊗ 𝑔𝑔𝑖𝑖  �bres,

1 ̇ −1
+ 𝐹𝐹−𝑇𝑇 𝐹𝐹̇ 𝑇𝑇  𝑒𝑒0𝑖𝑖 ⊗ 𝑒𝑒0𝑖𝑖  resin.
𝐷𝐷 = 𝐹𝐹𝐹𝐹
2
𝑚𝑚

(5)

e rate e�uations for �nite strains use objective derivatives
[44]. e approaches traditionally developed in �nite element codes for anisotropic metal at large strains are based
on Jaumann corotational formulation or the Green-Naghdi
approach. In these models, a rotation is used both to de�ne
an objective derivative for the hypoelastic model law and to
update the orthotropic frame. e rotations used in GreenNaghdi and Jaumann derivatives are average rotations of the
material (polar rotation and corotational rotations, respectively). e frame associated with Green-Naghdi’s derivative
is de�ned, at the material point considered. e rotation 𝐑𝐑𝑓𝑓
is used to update the initial constitutive axes of warps or
we �bres 𝑔𝑔0𝑖𝑖 ⊗ 𝑔𝑔0𝑖𝑖 to the current constitutive axes, and the
rotation 𝐑𝐑 is used to update the initial constitutive axes of
resin 𝑒𝑒0𝑖𝑖 ⊗ 𝑒𝑒0𝑖𝑖 . e stretching tensors in (5) are written in
the rigid body rotation frames. e longitudinal component
𝑓𝑓
𝑓𝑓
𝑓𝑓
𝑓𝑓 𝑓𝑓
is 𝐷𝐷𝐿𝐿 = 𝜆𝜆̇ 𝐿𝐿 /𝜆𝜆𝐿𝐿 , and the transversal components (𝐷𝐷𝑇𝑇 , 𝐷𝐷3 )
are obtained by the unidirectional behaviour of �bre as

10
𝑓𝑓𝑓𝑓
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𝑓𝑓𝑓𝑓

𝑓𝑓𝑓𝑓

𝑓𝑓

𝑓𝑓

𝑓𝑓

𝐷𝐷𝑇𝑇 = 𝐷𝐷3 = −𝜈𝜈𝐿𝐿𝐿𝐿 𝐷𝐷𝐿𝐿 ⇒ 𝜆𝜆𝑇𝑇 = 𝜆𝜆3 = (𝜆𝜆𝐿𝐿 )−𝜈𝜈𝐿𝐿𝐿𝐿 , and 𝜈𝜈𝐿𝐿𝐿𝐿
is the Poison�s ratio of �bre. �sing �reen-Naghdi�s ob�ective
𝑓𝑓
tensor stress, the stress rate 𝜎𝜎𝐿𝐿 , depending on the stretching

follows. e stress and strain relationship of the woven fabric
composites are de�ned in the nonorthogonal material coordinate frame. erefore, coordinate transformations of stress
and strain into the orthogonal coordinate system should be
considered in the nonorthogonal constitutive model as 𝜎𝜎 𝜎
𝜎𝜎𝑓𝑓 + 𝜎𝜎𝑚𝑚 as follows:

𝑓𝑓

deformation 𝐷𝐷𝐿𝐿 , and the stress rate tensor of the membrane
resin 𝜎𝜎𝑚𝑚 , depending on the tensor deformation rate 𝐷𝐷𝑚𝑚 and
the elastic properties 𝐶𝐶𝑚𝑚 , can be written at each time as
𝑓𝑓

we


𝜎𝜎 𝜎 

𝑓𝑓

∑ 𝐸𝐸𝐿𝐿 𝜆𝜆1 



𝑓𝑓
𝜆𝜆̇ 1
𝑓𝑓

𝜆𝜆1

𝑓𝑓

𝑓𝑓

− 𝜈𝜈𝐿𝐿𝐿𝐿 𝐸𝐸𝐿𝐿 𝜆𝜆2  ∑
0

0

𝜈𝜈𝑚𝑚 𝐸𝐸𝑚𝑚 𝑚𝑚
𝐸𝐸𝑚𝑚
𝑚𝑚
𝐷𝐷
𝐷𝐷
11
1 − 𝜈𝜈𝑚𝑚 2
1 − 𝜈𝜈𝑚𝑚 2 22

 𝜈𝜈 𝐸𝐸𝑚𝑚 𝑚𝑚
𝐸𝐸𝑚𝑚
𝑚𝑚
𝑚𝑚
+ 

𝐷𝐷
 1 − 𝜈𝜈𝑚𝑚 2 11 1 − 𝜈𝜈𝑚𝑚 2 𝐷𝐷22
0



0

𝑓𝑓
𝜆𝜆̇ 2

we 𝜆𝜆

0
0

𝑘𝑘

relaxation, which are material parameters 𝐺𝐺𝑚𝑚 . Hereditary
integrals with Prony series kernels can be applied to model
the shear behavior of the unpolymerized resin. e behavior
of �bre and resin can be written as
𝑓𝑓

𝑓𝑓

𝑘𝑘

𝐺𝐺𝑚𝑚 (𝑡𝑡) = 𝐺𝐺𝑚𝑚 (∞) + 𝐺𝐺𝑚𝑚
1

𝑘𝑘

𝑓𝑓

−𝜆𝜆̇ 𝐿𝐿
𝑓𝑓

𝜆𝜆𝐿𝐿 𝜀𝜀sh

 �bres,

−𝑡𝑡
exp   resin.
𝜏𝜏𝑘𝑘

𝑚𝑚

𝐺𝐺𝑚𝑚 𝐷𝐷12

e constitutive law of �bres is nonlinear and is written
𝑓𝑓 𝑓𝑓
in terms of longitudinal modulus of stretching 𝐸𝐸𝐿𝐿 (𝜆𝜆𝐿𝐿 ), and
𝑓𝑓
the compressive stiﬀness (𝜆𝜆𝐿𝐿 ≤ 0) of �ber is supposed
𝑓𝑓
negligible 𝐸𝐸𝐿𝐿 = 0. Later is the function of elongation of warp
𝑓𝑓 𝑓𝑓
and we �bre (𝜆𝜆1 , 𝜆𝜆2 ), eﬀective elastic modulus of �bre 𝐸𝐸𝑓𝑓 ,
and undulation factor 𝜀𝜀sh ; 𝐸𝐸𝑚𝑚 , 𝜈𝜈𝑚𝑚 are the membrane elastic
properties. To determine the stress state in a membrane
material at a given time, the deformation history must be
considered. For linear viscoelastic materials, a superposition of hereditary integrals describes the time-dependent
response. Let 𝐺𝐺𝑚𝑚 (𝑡𝑡𝑡 be the shear stress relaxation modulus
∞
of the unpolymerized resin and 𝐺𝐺𝑚𝑚 = 𝐺𝐺𝑚𝑚 (𝑡𝑡 𝑡𝑡𝑡 the limit
value. e viscoelastic behaviour of unpolymerized resin is
formulated in the time domain by the hereditary integral
and using the relaxation time 𝜏𝜏𝑘𝑘 and the shear modulus

𝐸𝐸𝐿𝐿 𝜆𝜆𝐿𝐿  = 𝐸𝐸𝑓𝑓 1 − exp 

𝑓𝑓
2

𝑓𝑓

𝑓𝑓

∑ 𝐸𝐸𝐿𝐿 𝜆𝜆2 

warp

𝑓𝑓
𝜆𝜆̇ 2
𝑓𝑓

𝜆𝜆2

0

𝑓𝑓

𝑓𝑓

− 𝜈𝜈𝐿𝐿𝐿𝐿 ∑ 𝐸𝐸𝐿𝐿 𝜆𝜆1 
we

0

3.2. Finite Element Formulation. Each material point is
moving as in a continuum, ensured by the nonsliding of

𝑓𝑓

𝜆𝜆1

0




0

(6)



 .



�bers due to fabric weaving, and resin behavior. erefore,
a nodal approximation for the displacement can be used.
e deformation of composite fabric is described within the
frame of membrane assumptions. e energy of deformation
Π(𝐮𝐮𝐮̇ is obtained by a summation of membrane strain energy
of unpolymerized resin and elastic tensile strain energy of
�bers
𝑚𝑚

𝑓𝑓

𝑓𝑓

𝑓𝑓

𝛿𝛿𝛿 (𝐮𝐮)̇ = ℎ0  𝜎𝜎𝑚𝑚 ∶ 𝛿𝛿𝐷𝐷 d𝑠𝑠 𝑠𝑠𝑠 𝑆𝑆0  𝜎𝜎𝐿𝐿 ∶ 𝛿𝛿𝐷𝐷𝐿𝐿 d𝑙𝑙
𝑆𝑆𝑚𝑚
0

̇
−  𝑡𝑡 𝑡 𝑡𝑡𝐮𝐮dΓ,

�bres

𝐿𝐿

𝑓𝑓

(8)

Γ𝜎𝜎

where ℎ0 denote the initial thickness of fabric, 𝐿𝐿𝑓𝑓 the length
𝑓𝑓
of �ber, and 𝑆𝑆0 the initial eﬀective cross section of �bre,
and 𝑡𝑡 is the external surface load applied along Γ𝜎𝜎 of woven
𝑓𝑓
fabric. e eﬀective cross section of the �bre 𝑆𝑆0 and the
𝑚𝑚
eﬀective surface 𝑆𝑆0 of the membrane resin, that assumed
no void between the �bre and the resin, were used and
are calculated by using the �bre volume fraction 𝑉𝑉𝑓𝑓 of the
𝑓𝑓

(7)

𝑓𝑓
𝜆𝜆̇ 1

0

woven fabric (𝑉𝑉fabric = 𝑉𝑉𝑓𝑓 𝑆𝑆0 𝐿𝐿𝑓𝑓 + (1 − 𝑉𝑉𝑓𝑓 )ℎ0 𝑆𝑆𝑚𝑚
0 ). e global
equilibrium of the fabric is obtained by minimizing the total
̇ e eﬀect of spatial equilibrium of
potential energy Π(𝐮𝐮𝐮.
composite material on the actual con�guration is established
in terms of nonlinear equations: kinematic nonlinearity,
material nonlinearity, and contact with friction nonlinearity.
It is linearized for each load increment by an iterative
Newton method. It should be emphasized that during the
motion, nodes and elements are permanently attached to
the material points with which they were initially associated.
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Consequently, the subsequent motion is fully described in
terms of the current nodal positions as
𝑚𝑚

𝑚𝑚

𝐱𝐱 𝐱  𝑁𝑁𝑘𝑘 𝜉𝜉𝜉 𝜉𝜉 𝐗𝐗𝑘𝑘 +  𝑁𝑁𝑘𝑘 𝜉𝜉𝜉 𝜉𝜉 𝑢𝑢𝑘𝑘 ,
𝑘𝑘𝑘𝑘

(9)

𝑘𝑘𝑘𝑘

where 𝑢𝑢𝑘𝑘 are the nodal displacements of each connecting
point, 𝑁𝑁𝑘𝑘 (𝜉𝜉𝜉 𝜉𝜉𝜉 are the standard shape functions (of membrane of truss element), and (𝑚𝑚𝑚 denotes the number of
nodes.
e discretization of rate deformation tensor can be
𝑓𝑓
𝑚𝑚
obtained by introducing (5) into the de�nition of 𝐷𝐷𝐿𝐿 and 𝐷𝐷
and given in (8) to give
𝑓𝑓

𝐷𝐷𝐿𝐿 =

𝑓𝑓
𝜆𝜆̇ 𝐿𝐿
𝑓𝑓
𝜆𝜆𝐿𝐿

=

1 d𝑥𝑥𝑇𝑇 d𝐮𝐮̇
 = 𝐵𝐵�bres  𝐮𝐮̇ 𝑛𝑛 �bres,

𝛼𝛼2𝑛𝑛 d𝜉𝜉 d𝜉𝜉

1
d𝐮𝐮̇ d𝜉𝜉 𝜕𝜕𝐮𝐮̇ 𝑇𝑇 d𝜉𝜉
+
𝐷𝐷 = 𝑅𝑅𝑇𝑇 
 𝑅𝑅 𝑅 𝐵𝐵resin  𝐮𝐮̇ 𝑛𝑛 resin,
2
d𝜉𝜉 d𝑥𝑥
d𝜉𝜉 d𝑥𝑥
𝑚𝑚

(10)

where

𝛼𝛼𝑛𝑛 = 

d𝐗𝐗𝑓𝑓𝑓𝑓 d𝐗𝐗𝑓𝑓
d𝐗𝐗𝑓𝑓𝑓𝑓 d𝐮𝐮 d𝐮𝐮𝑇𝑇 d𝐮𝐮
+2
+
,
d𝜉𝜉 d𝜉𝜉
d𝜉𝜉 d𝜉𝜉
d𝜉𝜉 d𝜉𝜉

(11)

and [𝐵𝐵𝑒𝑒resin ] and [𝐵𝐵𝑒𝑒�bres ] are the geometric or strain-displacement matrix of membrane resin and truss �bres.
In a �nite element approximation, the only independent
variables in the equations of linearized virtual work are
the displacements of the material points. Substituting the
element coordinate and displacement interpolations into the
equilibrium equations, for a given set of elements, we obtain
that the state that forces acting on a fabric equals the mass
times the acceleration of the body
 𝑀𝑀𝑒𝑒  𝑢𝑢}̈ +  ℜ𝑒𝑒int  − ℜ𝑒𝑒ext  = {0} ,
𝑒𝑒

𝑒𝑒

(12)

where [𝑀𝑀𝑒𝑒 ] is the consistent composite mass matrix, and
({ℜ𝑒𝑒int } − {ℜ𝑒𝑒ext }) is the so-called quasistatic equilibrium
residual
𝑇𝑇
𝑓𝑓
𝑇𝑇
𝑁𝑁𝑒𝑒  
𝑁𝑁𝑒𝑒  d𝑙𝑙𝑙
𝑀𝑀𝑒𝑒  = 𝜌𝜌𝑟𝑟 ℎ0  𝑁𝑁𝑒𝑒  𝑁𝑁𝑒𝑒  d𝑠𝑠𝑠𝑠𝑠 𝜌𝜌𝑓𝑓 𝑆𝑆0  
𝑆𝑆𝑚𝑚

�bres

𝑇𝑇

𝐿𝐿

ℜ𝑒𝑒int  − ℜ𝑒𝑒ext  = ℎ0  𝐵𝐵𝑒𝑒resin  𝜎𝜎𝑚𝑚𝑚𝑚  d𝑠𝑠
𝑆𝑆𝑚𝑚

𝑓𝑓

𝑓𝑓

𝑇𝑇

−  𝑆𝑆0  𝐸𝐸𝐿𝐿 𝐵𝐵𝑒𝑒�bres  𝜎𝜎𝑓𝑓𝑓𝑓  d𝑙𝑙
�bres

𝑓𝑓

𝐿𝐿

𝑒𝑒 𝑇𝑇

−  𝑁𝑁  𝑡𝑡 d𝑠𝑠𝑠
Γ𝑓𝑓

(13)

𝑁𝑁𝑒𝑒 ] are the matrix of the nodal interpolation
[𝑁𝑁𝑒𝑒 ] and [
𝑓𝑓
functions of both associated elements, and ℎ0 , 𝑆𝑆0 are the
initial thickness and surface of resin and �bres, respectively.
e index 𝑒𝑒 refers to the 𝑒𝑒th element.

According to the diﬀerent modes of deformation occurring in the prepreg fabric during the shaping process,
bicomponent �nite elements are developed to characterize
the mechanical behavior of thin composite structures. e
bicomponent element is based on an association of 3D
linear membrane �nite elements (T3 and �4) combined with
a complementary truss linear �nite elements. e global
stiﬀness of composite fabric is obtained by the summation
of elementary stiﬀness matrix of warp �ber, elementary
stiﬀness matrix of we �ber, and elementary stiﬀness matrix
of resin. ese �nite elements are complementary in the
�nite element discretization, isoparametric and use three
dof per node, and use the same mechanical formulation in
�nite deformations (�reen-�aghdi’s approach). e nonlinear constitutive equation of �bre behavior is implemented
in the Abaqus/Explicit using VUMAT user’s subroutine [13–
15]. e governing equilibrium equation (12) is solved as a
dynamic problem using explicit integration. is is achieved
by using the central diﬀerence method to approximate the
velocity and the acceleration in the next time step, using only
information from the previous step, where all state variables
are known. is approach has proven to be, in particular,
suitable to highly nonlinear geometric and material problems, particularly where a large amount of contact between
diﬀerent structural parts occurs. In the present work, the
dynamic explicit (DE) resolution procedure is used within the
general purpose FE code Abaqus/Explicit. e DE algorithm
available in Abaqus/Explicit for solving the algebraic system
works by using the lumped form of the mass matrix [26].
e major disadvantage of the explicit scheme is that it is
only stable for time steps small enough. is can cause, for
instance, the energy balance to be changed. One simple and
conservative criterion for a stable time increment is
𝑡𝑡stable =

𝜌𝜌𝑟𝑟 𝐿𝐿𝑒𝑒
𝐸𝐸

𝑓𝑓

,

(14)

where 𝐿𝐿𝑒𝑒 is the minimal length of membrane element, 𝜌𝜌𝑟𝑟 is
𝑓𝑓

the resin density, and 𝐸𝐸 is �oung’s modulus of �bre. e
interpretation of this requirement is that the time increment
must be shorter than the time it takes for a propagating
wave in the material to cross the shortest side of an element.
us, the element size and the critical time increment are
connected. e smaller the elements are, the shorter the time
increment must be. Because of the diﬀerence in wave speed
for diﬀerent materials, the critical element size is larger for
a stiﬀ material (e.g., steel) than for a soer material (e.g.,
polymer).
3.3. Application of Mechanical Finite Element
3.3.1. Uniaxial Test. Due to the importance of the composite
fabric behaviour on material formability, tensile test of preimpregnated fabric is proposed in order to study the in�uence
of �bre orientation, �bre undulations due to fabric weaving
and resin behaviour. At processing, the impregnated fabric
is idealized as a viscous material subject to the kinematic
constraints of incompressibility and inextensibility in the
�bre direction. e preimpregnated fabric tested in this study
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(a)

(b)

F 12: Tensile test of preimpregnated woven fabric.

Simulation (15◦ )

100

T 1: Mechanical properties of the pre-impregnated composite
fabric.

80

(a)

Simulation ( 30◦ )
Simulation ( 45◦ )
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60
Experiment
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Displacement (mm)

F 13: �oad force versus displacement for diﬀerent �bre
orientations.

was a satin 5 with aramid woven fabric. e fabric was
impregnated with epoxy resin using a hot-melt prepregging
process (the mechanical properties are given in Table 1). A
lower loading velocity will generate lower viscous forces at the
intraply shearing of fabric. In this experiment, a displacement
in the vertical direction is imposed at the moving extremity
of the rectangular composite specimen with three layers of
�bres (length � 150 mm, width � 30 mm, and thickness �
2 mm). e uniaxial tensile test (see Figure 12) is carried out
for diﬀerent orientations of �bres with the loading direction
(0, 15, 30, and 45∘ ). e experimental eﬀort imposed by
the tensile machine is compared to the numerical values for
diﬀerent �bre orientations in Figure 13. In this �gure, we
can show the good correlation between the model and the
experimental results. e agreement between predicted and

𝐸𝐸𝑓𝑓 (MPa)
130000
Time (s)
0.01
0.1
1
10
100
1000

𝜀𝜀sh
0.005
(b)

𝜌𝜌 (g/cm3 )
1,45
Shear modulus of resin 𝐺𝐺𝑚𝑚
0.02332
0.023332
0.083509
0.11723
0.14423
0.178

𝑘𝑘

experimental values is good and proves the validity of the
proposed model of preimpregnated woven fabric behaviour.
e numerical model described previously clearly shows the
strong nonlinearity of this behaviour law. It takes into account
the mechanical characteristics of a viscoelastic resin, the
anisotropic behaviour of fabric, and the geometrical nonlinearities due to the high deformability of �bres (straightening
and relative rotation).
3.3.2. Deep Drawing of Dry Woven Fabric. e second
example is the 3D deep drawing of dry glass woven fabric
by hemispherical punch by experimental and mechanical
approaches. e initial shape of the glass �bre fabric is a
square (360 × 360 mm). Its edges are free, but a pressure equal
to 2 MPa is applied on the binder and the friction coeﬃcient
between the glass fabric and the steel tools is 0.27. e
forming simulation has been performed in Abaqus/Explicit
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(a)

(b)

F 14: Experimental shape: (a) 0∘ /90∘ �bre orientations and (b) ±45∘ �bre orientations.
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F 15: Predicted shape and shear angles: (a) 0 /90 and (b) ±45∘ �bre orientations.
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(a) (0∘ /90∘ )

(b) (−45∘ /+45∘ )

F 17: Experimental results: (a) 0∘ /90∘ �bre orientation and (b) −45∘ /45∘ �bre orientation�
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using rigid tools. As mentioned before, the shear resistance
model is assigned to reduced membrane elements, and truss
elements parallel to the membrane edges represent the high
tensile stiﬀness in the yarn direction. Figures 14 and 15
report, respectively, the experimental obtained shapes with
respect to 0∘ /90∘ (Figure 14(a)) and ±45∘ �bre orientations
(Figure 14(a)) and the corresponding �nal shape using the
numerical approach (Figure 15(a) for 0∘ /90∘ and Figure 15(b)
for ±45∘ �bre orientations). �ikewise, the numerical simula�
tion agrees with the experimental results. e angular �bre
distortion exceeds 38∘ along the diagonal axis for 0∘ /90∘ �bre
orientations and 50∘ along the diagonal axis for ±45∘ �bre
orientations. Furthermore, we can notice that the �nal shape
obtained with 0∘ /90∘ �bre direction is very diﬀerent from
the −45∘ /+45∘ . Another interesting result of the numerical
calculation is the angular distortion variations between warp
and we� �bres.
3.3.3. Deep Drawing of Prepreg Woven Fabric. e numerical
analysis of prepreg composite fabric deformation by the deep
drawing process is performed by utilizing the commercial
FEM package Abaqus/Explicit. e resin is modeled by using
1600 membrane �nite elements (linear triangular element

M3D3), and warp and we� �bres are modeled by 3200 truss
�nite elements (linear element T3D2). e rigid surface is
modeled by 1600 Bezier patches (three nodes R3D3 and
four nodes R3D4). e behavior of the resin is assumed to
be isotropic viscoelastic, and the behaviour of the �bre is
supposed to be elastic.
e �rst forming example concerns the 3D deep drawing
of aramid preimpregnated fabric with conical tools (see
Figure 16). e mechanical properties of the used material
are given in Table 1. Figure 17 reports the experimentally
obtained shapes with respect to 0∘ /90∘ (Figure 17(a)) and
±45∘ �bre orientation (Figure 17(b)) for diﬀerent punch
displacements (initial, and �nal for 100 mm of punch dis�
placement). e corresponding �nal computed shapes are
shown in Figure 18(a) for 0∘ /90∘ and in Figure 18(b) for
±45∘ �bre orientations. e corresponding �nal geometrical
shapes are shown in Figure 18(c) for 0∘ /90∘ and in Figure
18(d) for ±45∘ �bre orientations. ere is good agreement
between the experimental and the predicted (mechanical and
geometrical) results.
We notice that these shear angle values are very large >38∘
for mechanical approach along the median line for ±45∘ fabric
(Figure 19(b)) and along the diagonal line for 0∘ /90∘ fabric
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(a)

(b)

F 21: (a) Deformed mesh of the complex part and (b) experimental result.
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(Figure 19(a)). But along the median lines of 0∘ /90∘ and along
the diagonal lines of ±45∘ , the angular distortions are very
small <6∘ . ere is good agreement between the geometrical
and the mechanical modeling.

3.3.4. Deep Drawing of Composite with Complex Punch. e
third forming concerns the simulation of composite glass
fabric stamping with complex tools using the mechanical
approach and the computational remeshing procedure. e
initial shape of the taﬀetas woven fabric is 700 × 350 mm.
e high tensile stiﬀness along the warp and we yarn
direction, respectively, is introduced via truss elements that
connect the nodes of the membrane element. e Young’s
modulus in warp and we directions is 70 GPa. e local
�bre directions are tracked on the part via a 3D-digital

image correlation technique that assesses the intersections of
a raster pattern that is painted on the preconsolidated part
along the �bres directions. e geometry of the stamping
simulation is shown in Figure 20. e �rst order triangular
T3 and quadrilateral Q4 membrane element types were used
for the stamping. e binding force was 30 N, and the punch
stroke was 47 mm. e friction coeﬃcient between the glass
fabric and the tools is 0.3. e amounts of draw-in and �ber
orientation were measured. e �bre direction is assumed
to be 0∘ /90∘ . e �nal deformed shape of 0∘ /90∘ fabric for a
47 mm displacement of the punch is shown in Figure 21(a)
and is compared to the experimental one (Figure 21(b)).
e shear angle distribution was plotted in Figure 22. We
can note the adapting meshes of the warp and the we to
the curved shape of the punch. As shown in the Figure 23,
maximum shear angle was observed at the highly curved area,
and such positions were almost the same for all simulation
cases. From the numerical simulation, maximum shear angle
was 35∘ .

4. Conclusion
is paper has investigated the development of an eﬃcient
�nite element and geometrical models for simulating the
deformation of woven fabric preform materials under the
in�uence of stitching patterns. e ob�ective of this work is
to show the in�uence of the woven fabric orientation on the
prediction of the �nal shape of the woven reinforcement aer
forming using mechanical and geometrical approaches. e
mechanical approach is based on a mesostructural model.
It allows us to take into account the mechanical properties
of �bres and resin and the various dominating modes of
deformation of woven fabrics during the forming process.
e geometrical approach is based on a modi�ed Mosaic
algorithm, which is suitable to generate a regular quad mesh
representing the layup of the curved surfaces. Numerical
examples concerning the deep drawing or draping of woven
reinforcement demonstrated the eﬃciency of the proposed
models.
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This paper presents a phenomenological thermal-mechanical viscoelastic constitutive modeling for polypropylene wood
composites. Polypropylene (PP) wood composite specimens are compressed at strain rates from 10−4 to 10−2 s−1 and at
temperature of 90◦ C, 130◦ C, and 170◦ C, respectively. The mechanical responses are shown to be sensitive both to strain rate
and to temperature. Based on the Maxwell viscoelastic model, a nonlinear thermal-mechanical viscoelastic constitutive model
is developed for the PP wood composite by decoupling the eﬀect of temperature with that of the strain rate. Corresponding
viscoelastic parameters are obtained through curve fitting with experimental data. Then the model is used to simulate thermal
compression of the PP wood composite. The predicted theoretical results coincide quite well with experimental data. The proposed
constitutive model is then applied to the thermoforming simulation of an automobile interior part with the PP wood composites.

1. Introduction
Wood plastic composites (WPCs) are a new class of composite materials which combine the characteristics of plastic and
wood fibers. In appearance, WPC sheets are similar to wood
sheets, but the low stiﬀness of plastics makes the modulus of
composites significantly lower than that of solid woods, and
thus brings in a greatly improved formability. This makes
it feasible to form WPC sheets into products with complex
curvatures. WPCs have many additional advantages such
as low cost, lightweight, and renewability. The increasing
environmental concern has created enormous opportunities
for introducing this kind of nature fiber plastic composites
into high-volume consumer products such as automobiles,
especially for car interior parts [1–4].
Nowadays, automobile interior parts made from WPCs
are primarily manufactured by the process of thermoforming
which is well suited for mass production with a cost-eﬀective
way. In thermoforming processes, stress relaxation and
viscoelastic properties [5–8] of WPCs are very important.
Temperature and pressure conditions in the forming process
should be determined carefully taking into account the
thermoviscoelastic property of WPCs. High temperature
(about 170◦ C) makes wood plastic composites show a strong

nonlinear viscoelastic material behavior during forming.
Under an inadequate forming condition, WPC specimen
may be damaged or a high residual stress may present in the
final formed parts. Besides, inappropriate processing parameters may incur quality problems such as serious thinning
and insuﬃcient filling defects. Many research eﬀorts have
been devoted to understanding the WPC thermoforming
mechanism for solving process problems and optimum
forming process design, either by experiment approaches
[9, 10] or with numerical simulation techniques [11–16].
Thermoforming of WPCs is a thermal-mechanical coupled process which involves complex phenomenon such as
nonlinear material behavior with large deformation, heat
transfer, viscosity, and flow. Numerical simulations of WPC
thermoforming process could provide a powerful tool for
materials selection, tool design, and process optimization.
Material models for WPCs constitute the cornerstone for
numerical simulation of WPC thermoforming process. To
obtain an accurate and meaningful simulation result, it is
crucial to have an appropriate material model for WPCs,
which is capable of reflecting the material behavior of WPCs
rendering in thermoforming. By using cellular solid theories,
Wolcott et al. [17] characterized the nonlinear compression
behavior of wood composites under various temperature
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2. Thermocompression Test and Results
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Figure 1: Thermo-compression test for PP wood composites.

and moisture contents. Oudjehane et al. [18] developed an
analytical nonlinear continuum mechanics based model for
predicting the consolidation of wood flake mats taking into
account the eﬀect of sheet thickness and press closing rate.
By combining the homogenization method and a network
mechanics model, Stålne and Gustafsson [19] proposed a
three-dimensional model for characterizing the stiﬀness and
hygroexpansion of fiber composite materials. Pooler and
Smith [20] carried out a series of creep and recovery tests
on High Density Polyethylene (HDPE) wood composites
and then used a Prony series to describe the nonlinear
viscoelastic of the wood-plastic composites. Damage eﬀects
were taken into account by using an eﬀective stress. Bogren
et al. [21] measured the dynamic stress transfer between fiber
reinforcement and matrix ground materials to investigate
the influence of fiber-matrix interface properties on the
macroscopic mechanical properties of wood-fiber reinforced
polylactide. A viscoelastic micromechanical model based on
perfect interfacial stress transfer was taken for a comparison. Pramanick and Sain [22] developed a generic creep
prediction model to describe the nonlinear viscoelastic
behavior of HDPE wood composites. Erchiqui et al. [23]
used a thermodynamical approach to express external work
in terms of enclosed gas volume to investigate the eﬀect
of latter on the mechanical properties on wood-plastic
composites. The Lodge model was selected for characterizing
the viscoelastic behavior.
In this study, the thermoviscoelasticity of PP wood composites is characterized by unidirectional thermocompression tests with various strain rates from 10−4 to 10−2 s−1 and
under temperature 90◦ C, 130◦ C, and 170◦ C, respectively. A
nonlinear thermomechanical viscoelastic constitutive model
for PP wood fiber composite is developed with a phenomenological approach by using the Maxwell model. The
eﬀect of temperature is decoupled with that of the strain
rate to greatly facilitate the material characterization process
for the PP wood composite. Corresponding viscoelastic
parameters of the PP wood composite are obtained through
curve fitting with experimental results. Model validation is
implemented by comparing numerical stresses with experimental data. The developed thermomechanical viscoelastic
constitutive model is then applied to the thermoforming
simulation of an automobile interior part with the PP wood
fiber composite.

The compression test is set up according to the ASTM
D6641(M) standard. A PP wood fiber composite sheet with
thickness of 2.57 mm is cut into 10 mm × 10 mm specimens.
A CMT4000 series electronic universal testing machine with
an oven and a digital temperature controller is used to carry
out the unidirectional thermocompression tests for the PP
wood fiber composite. Figure 1 shows the experimental setup along with some test samples. Since the thermoforming
of the PP wood composites is performed above the glass
transition temperature (Tg ) of PP which is about 80◦ C, the
compression tests are accordingly performed under diﬀerent
temperature (90◦ C, 130◦ C, and 170◦ C), which are all above
the Tg of PP, for the purpose of characterizing the mechanical
behavior of the WPC during forming. Three diﬀerent
loading rates (0.1 mm/min, 0.5 mm/min, and 5 mm/min) are
chosen according to two reasons. First, a very small rate
(0.1 mm/min) is chosen for a quasistatic test. The other two
loading rates are set to reflect the eﬀect of strain rates on
the material response as well as to cover the forming speed
range of the wood composite. The tests are approximated as
constant strain rate. Four specimens are prepared for each
temperature and loading rate combination case.
The load-displacement curves for each thermocompression test are recorded and then averaged and converted to
true stress-strain curves. Figure 2 shows the true stressstrain curves under diﬀerent temperature and diﬀerent strain
rate. The trends of the true stress-strain curves are similar.
Initially, it exhibits linear elastic deformation in a small strain
range. When the strain increases to some value, it exhibits
nonlinear behavior. There is no apparent yield point in the
whole thermocompression stress-strain curves.
The stress-strain curves in Figure 2 indicated that the
mechanical responses of PP wood fiber composites are
sensitive to strain rate and temperature as well. With the
temperature increasing, the maximum stress decreases. In
addition, increasing strain rate has an equivalent eﬀect on
the stress as reducing the temperature. Figure 2 also shows
that the eﬀect of temperature on the stress is more prominent
than the strain rate.

3. Viscoelastic Constitutive Model for
PP Wood Composite
In PP wood fiber composites, the PP resin matrix shows
viscoelastic characteristics. Viscoelastic behavior in wood is
not as prominent as it is in polymer. Hence, for simplification
of determining model constants, it is assumed that wood
fiber renders elastic properties. The Maxwell viscoelastic
model is selected to characterize the comprehensive mechanical properties of the PP wood fiber composites. Figure 3
shows the schematic of the Maxwell viscoelastic model. In
Figure 3, E0 , E1 , and η are the to-be-determined viscoelastic
parameters.
In Figure 3, the stress of the spring is equal to that of the
damper in the serial connection part. The total strain ε in
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Figure 2: True stress-strain curves under compression with diﬀerent strain rate (s−1 ).
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Figure 3: The generalized Maxwell viscoelastic model for PP wood
composites.

the serial connection part is the summation of the spring
strain ε1 and the damper strain ε2 , that is,
ε = ε1 + ε2 ,
ε̇ =

σ̇1 σ1
+ ,
E1 η

(1)

where E1 is the equivalent Young’s modulus of PP with a unit
of Pa, η is a viscosity with a unit of N-s/m2 . Combining (1)
leads to
σ
σ̇1 + 1 = E1 ε̇,
(2)
θ
where θ = η/E1 is the relaxation time of the PP wood
composite. The stress σ1 can be obtained by convolution
integral as
σ1 =

t
−∞



E1 exp −



t−τ
ε̇(τ)dτ.
θ

(3)

In large deformation, the stress σ2 of the spring in the parallel
part is usually nonlinear. Based on the pattern of the stressstrain curves shown in Figure 2, σ2 can be expressed in an
exponential format as
σ2 = E 0 ε n ,

(4)
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Figure 4: Relations between viscoelastic modulus E1 and temperature.
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Figure 6: Comparison of numerical stress of thermocompression
tests with experimental data.
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Figure 5: Relations between relaxation time θ and strain rate.

where E0 is the Young’s modulus of the wood fiber with a unit
of Pa, n is a material constant. The total stress of the model is
then the summation of σ1 and σ2
σ = E0 ε n +

20

t
−∞



t−τ
E1 exp −
ε̇(τ)dτ,

θ

(5)

where ε̇ stands for strain rate. Experimental studies [24,
25] on wood fiber behavior indicated that the mechanical
properties of wood fiber have insignificant variation under
diﬀerent temperature and testing rate. Hence, it is assumed
that the elastic response of the wood fiber (σ2 ) is independent
of temperature and strain rate, and the elastic behavior of the
PP resin (the spring in the serial connection part) is aﬀected
by temperature only. As a result, the elastic parameters E0
and n are constants independent of temperature and strain
rate, and the parameter E1 is a function of temperature only.

0

0.2

0.4
Strain

0.6

0.8

T = 90, ε̇ = 0.0121
T = 130, ε̇ = 0.0121
T = 170, ε̇ = 0.0121

Figure 7: Comparison of simulation results with experimental data
at strain rate 0.0121.

Taking advantage of these assumptions and simplifications
and implementing least square fitting on each individual
experimental stress-strain curve, the material parameters
in the proposed nonlinear thermal-mechanical viscoelastic
constitutive model for the PP wood composite can be
obtained. The elastic material constants E0 and n are
E0 = 3.37 MPa,

n = 1.73.

Other material parameters are listed in Table 1.

(6)
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Table 1: Viscoelastic parameters of PP wood composites under diﬀerent temperature.
ε̇ (s−1 )
0.0006
0.0030
0.0303

90◦ C

130◦ C
θ/s
92.42
21.63
2.66

E1 /MPa
320.1

E1 /MPa
183.1

170◦ C
θ/s
94.66
21.67
2.63

E1 /MPa
58.5

θ/s
91.5
22.56
3

Figure 8: Thermal forming setup.

As shown in Figure 4, the viscoelastic modulus E1 linearly
changes with temperature for the testing temperature levels,
which cover the forming temperature. Hence, E1 (MPa) can
be obtained by curve fitting as
E1 = −3.27T + 612.3,

(7)

where T denotes temperature with a unit of degrees of
Celsius. The relaxation time θ under various strain rate and
temperature is shown in Figure 5. As indicated by Table 1 and
Figure 5, the relaxation time θ is insensitive to temperature
and can be assumed as a function of strain rate only. By
curving fitting in Figure 5, the relaxation time θ can be
expressed as
θ=

0.1138
.
(ε̇)0.9044

(8)

In summary, the nonlinear thermal-mechanical viscoelastic
constitutive model for the PP wood composite can be
expressed as
σ = 3.37ε1.73 +

t
−∞

(−3.27T + 612.3)



(t − τ) 0.9044
× exp −
ε̇
ε̇(τ)dτ.

(9)

0.1138

4. Model Validation and
Thermoforming Simulation
The developed nonlinear thermoviscoelastic constitutive
model for the PP wood composite is implemented as
a UMAT in LS-Dyna. The previous thermocompression
tests are simulated with the developed viscoelastic model.
Figure 6 shows the comparison of the numerical stresses

predicted from the viscoelastic model with corresponding
experimental data for each test. In Figure 6, the solid
lines denote numerical stresses and the discrete data points
represent experimental stresses. As can be seen from Figure 6,
in general, the numerical stresses are in a good agreement
with experimental data, with an error less than 10%.
To further validate the developed nonlinear thermoviscoelastic constitutive model, thermocompression tests are
carried out under strain rate 0.012 s−1 with temperature
90◦ C, 130◦ C, and 170◦ C, respectively. Simulation results
based on the developed constitutive model are compared
with corresponding experimental data in Figure 7. The
solid lines in Figure 7 represent numerical stresses and the
discrete data points are experimental stresses under strain
rate 0.012 s−1 with various temperature. As presented in
Figure 7, reasonable agreement is obtained in a sense of
overall. It demonstrates that the proposed constitutive model
can accurately and eﬀectively characterize the nonlinear
thermal-mechanical viscoelastic material behavior of the PP
wood composite.
Finally, the thermoforming simulation of a car interior
part of the PP WPC is implemented with the viscoelastic
material model. The forming system and its FEM model are
shown in Figure 8. Experimental study on thermoforming
of the car interior part will be carried out in future work.
The WPC composite sheet size is 1750 mm × 810 mm with a
thickness of 2.75 mm. The sheet is heated up to a temperature
above the glass transition temperature of PP, then pressed
and cooled to room temperature to form the final part.
Figure 9 presents the thickness distribution contour of
the formed part under an initial temperature of 130◦ C.
As shown in Figure 9, there is a significant thickness
reduction at some locations with small features. The maximum thickness-reducing ratio reaches to about 70%, which
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Figure 9: Thickness distribution with forming temperate of 130◦ C.
Fringe levels
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1.953e+00
1.889e+00
1.824e+00
1.76e+00
1.695e+00

Figure 10: Thickness distribution with forming temperate of 170◦ C.

will result in serious defects for the formed part. The
thickness distribution contour of the formed part under an
initial temperature of 170◦ C is shown in Figure 10. The
maximum thickness-reducing ratio improves to about 38%.
This demonstrates that the heating temperature is a critical
processing parameter for the thermoforming of the PP wood
composite sheet.

5. Conclusions
Based on thermocompression test results of PP wood fiber
composites under diﬀerent temperature and strain rate, a
thermal-mechanical viscoelastic model is developed for the
PP wood composite with a phenomenological approach by
using the Maxwell model. The material parameters in the
model are either simplified as constants or assumed to be
temperature-related or strain-rate-related only. With those
reasonable simplifications and assumptions, the eﬀect of
temperature is decoupled with that of the strain rate in
the material modelling. This greatly facilitates the material
characterizing process. The developed viscoelastic model is
validated by comparing numerical results with experimental
data under a strain rate diﬀering from those used in the
material characterizing process. This study provides a basis
for the thermoforming simulation and processing design for
the PP wood fiber composite.
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Previous studies have shown that composite fibre orientations can be optimised for specific load cases such as longitudinal or inplane loading. However, the methodologies utilised in these studies cannot be used for general analysis of such problems. In this
research, an extra term is added to the optimisation penalty function in order to consider the transverse shear eﬀect. This modified
penalty function leads to a new methodology whereby the thickness of laminated composite plate is minimized by optimising
the fibre orientations for diﬀerent load cases. Therefore, the eﬀect of transverse shear forces is considered in this study. Simulated
annealing (SA) is used to search for the optimal design. This optimisation algorithm has been shown to be reliable as it is not
based on the starting point, and it can escape from the local optimum points. In this research, the Tsai-Wu failure and maximum
stress criteria for composite laminate are chosen. By applying two failure criteria at the same time the results are more reliable.
Experimentally generated results show a very good agreement with the numerical results, validating the simulated model used.
Finally, to validate the methodology the numerical results are compared to the results of previous research with specific loading.

1. Introduction
The demand for high strength, high modulus and low density
industrial materials has generated an increased number of
applications for fibre laminated composite structures in
many diﬀerent fields such as in submarines, sport equipment, medical instruments, civil engineering, enabling technologies, primary and secondary marine and aerospace
structures, astronavigation and many more industries [1].
Composite constructions are usually multilayer produced
structures, mostly made of flat and curved panels, built up
from several layers or laminae, which are bonded together
[2].
In the last half century, the use of composite materials
has grown rapidly. These materials are ideal for structural
applications that require high strength and low weight.
They have good fatigue characteristics and are resistant to
corrosion. They provide some flexibility in design through
the variation of the fibre orientation or stacking sequence of
fibre and matrix materials [3, 4]. Another advantage of fibre
laminate composites is the capability to design the physical

structure and mechanical properties prior to manufacture.
The mechanical behaviour of laminates strongly depends
on the orientation of fibres and thickness of lamina.
Accordingly, the lamina should be designed to satisfy the
specific requirements of each particular application in order
to obtain the maximum advantages from the directional
properties of materials. Accurate and eﬃcient structural
analysis, design sensitivity analysis, and optimisation procedures for size and shape and the orientation of fibres
within the material are also required. This provides a good
opportunity to tailor the material properties to the specific
application [5, 6]. However, it increases the complexity of
the design problem. This complexity exists, not only because
of numerous design variables, but also because of having a
multimodal and variable-dimensional optimisation problem
with unattainable or costly derivatives [7].
Optimum strength designs of continuous fibre-reinforced composite laminates have been used since the early
days of these materials. The first research to investigate
the fibre orientation of a unidirectional lamina yielding
maximum strength under in-plane stress conditions has
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that sought the optimum strength design of multidirectional
laminates using a search technique [11]. Latterly, many
studies have been devoted to the optimum strength design
of multidirectional laminate. Among these are the works
by Park [12], Fukunaga and Chou [13], Miravete [14],
Fukunaga and Vanderplaats [15], Gurdal et al. [16, 17],
Spallino et al. [18], Weaver [19], Chattopadhyay et al. [20],
Luersen and Riche. [21], and Ghiasi et al. [22].
Previous studies have shown that composite fibre orientation angles can be optimised by diﬀerent optmisation
methods for specific load cases such as longitudinal or inplane loading [23–35].
In this paper, the thickness of laminated composite plates
is minimised by optimising the fibre orientation angles for
diﬀerent load cases. The novelty of the research presented
in this paper is that the eﬀect of transverse shear forces, and
therefore, the induced twist angle are considered.

σ33
σ32

σ31

σ23
σ13
σ12
3

σ11

σ21

σ22

2
1

Figure 1: State of stress at a point of a continuum [36].

been carried out by Sandhu [8]. Brandmaier found that
the strength of a unidirectional lamina under in-plane
stresses could be maximised analytically with respect to
the fibre orientation [9]. The results based upon Tsai-Hill
failure criterion indicated that the optimum fibre orientation
depended upon the stress state and the relative value of the
transverse and in-plane shear strengths of the lamina. When
the strength of a multidirectional composite laminate is to
be maximised, more complicated and explicit optimisation
techniques are needed [10]. Chao et al. were the pioneers
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C3223
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(2)

where Ci jkl is the stiﬀness components [30].
By considering the symmetry of the stress and strain
tensors and the energy relations, it is proven that the stiﬀness
matrices are symmetric. Thus, the state of stress (strain) at a
point can be described by six components of stress (strain),
and the stress-strain equations are expressed in terms of 21
independent stiﬀness constants [36].
2.2. In-Plane Stress. The simplest equivalent single-layer
(ESL) laminated plate theory, based on the displacement
field, is the classical laminated plate theory (CLPT) [37–43].
The two-dimensional classical theory of plates was initiated
by Kirchhoﬀ [44] in the 19th century, and then was
continued by Love [45] and Timoshenko [46] during the

2. Governing Equation
2.1. Analysis of a Laminate Composite Plate. The state of
stress at a point in a general continuum can be represented
by nine stress components σi j (i, j = 1, 2, 3) acting on the
sides of an elemental cube with sides parallel to the axes of a
reference coordinate system (Figure 1).
In the most general case the stress and strain components
are related by the generalised Hook’s law as follows:
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(1)

early 20th century. The principal assumption in CLPT is
that normal lines to the midplane before deformation remain
straight and normal to the plane after deformation. Although
this assumption leads to simple constitutive equations, it
is the main deficiency of the theory. The eﬀect of the
transverse shear strains on the deformation of the elastic
two-dimensional structure are ignored and some of the
deformation mode constraints by reducing the model to a
single degree of freedom (DoF) results are neglected. This is
a consequence of the basic assumptions made. It is also worth
mentioning that neglecting shear stresses leads to a reduction
or removal of the three natural boundary conditions that
should be satisfied along the free edges. These boundary
conditions being the normal force, bending moment, and
twisting couple [47].
For solving in-plane stress normally the classical laminate
theory is used. It is assumed that plane stress components are
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resultants, or forces per unit length of the cross section, are
obtained as
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Figure 2: A scheme of composite plate under in-plane stress [35].

taken as zero. With respect to the coordinate system shown in
(Figure 2) the in-plane stress components are related to the
strain components as
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where Ai j , components of extensional stiﬀness matrix, are
given by
m

Ai j = 2

nk t 0 Q i j k .

(7)

Principal stress components can be obtained using the
following transformation [35]:
⎡
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Q11 = Q11 cos4 θ + 2(Q12 + 2Q66 )

m

Here, m is the number of distinct laminae, nk is the number
of plies in the kth lamina. Here, lamina is meant to be a
group of plies with the same orientation angle. Substituting
the stress-strain relation given by (3) into (5) we have

γxy

where k is the lamina number, Qi j are the oﬀ-axis stiﬀness
components, which can be explained in terms of principal
stiﬀness components, Qi j , using the tensor transformation
rules [48] as
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(8)

Q12 = (Q11 + Q22 − 4Q66 )sin2 θcos2 θ
+ Q12 sin4 θ+ cos4 θ ,
Q16 = (Q11 − Q12 − 2Q66 ) sin θcos3 θ
+ (Q12 − Q22 + 2Q66 )sin3 θ cos θ,
Q26 = (Q11 − Q12 − 2Q66 )sin3 θ cos θ
+ (Q12 − Q22 + 2Q66 ) sin θcos3 θ,
Q66 = (Q11 + Q22 − 2Q12 − 2Q66 )
× sin2 θcos2 θ + Q66 sin4 θ+ cos4 θ .

(4)
The principal stiﬀness terms, Qi j , are related to elastic
properties of the material along the principal directions, E1 ,
E2 , G12 , ϑ12 , and ϑ21 [48]. The eﬀect of transverse shear stress
is not considered by previous work [35] because in their work
the laminate is only subject to in-plane loads. Therefore,
strain components defined with respect to x-y-z coordinate
system are the same for each ply regardless of the fibre
orientation. For the same reason, the mechanical response of
the laminate is independent of the stacking sequence. Stress

Despite its limitations, CLPT is still a common approach
utilised to determine quick and simple predictions especially
for the behaviour of thinplated structures. The main simplification is that three-dimensional thick structural plates
or shells are treated as two-dimensional plates or shells
located through midthickness, which results in a significant
reduction in the total number of variables and equations,
consequently saving a lot of computational time and eﬀort.
The governing equations are easier to solve and present
in closed-form solutions, which normally provides more
physical or practical interpretation. This approach remains
popular as it is well-known and has become the foundation
for further composite plate analysis methods.
This method works relatively well for structures that
are made out of a symmetric and balanced laminate,
experiencing pure bending or pure tension. The error
induced/introduced by neglecting the eﬀect of transverse
shear stresses becomes trivial on or close to the edges and
corners of thick-sectioned configurations. The induced error
increases for thick plates made of composite layers, for which
the ratio of longitudinal to transverse shear elastic modulii
is relatively large compared to isotropic materials [49]. It
neglects transverse shear strains, underpredicts deflections
and overestimates natural frequencies and buckling loads.
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Q22 = Q11 sin4 θ + 2(Q12 + 2Q66 )

2.3. Out-Plane Stress. As discussed in Section 2.2, in the classical lamination theory, it was assumed that the laminate is
thin compared to its lateral dimensions and that straight lines
normal to the middle surface remain straight and normal
to that surface after deformation. Therefore, the transverse
shear stress and strain are neglected. These assumptions
are not valid in the case of thicker laminates and laminates with low stiﬀness central plies undergoing significant
transverse shear deformations. In order to overcome these
limitations several theories have been proposed to analyse
thicker laminated composite plates in order to consider the
transfer shear eﬀect. Most of these theories are extensions
of the conventional theories developed by Reissner [47] and
Mindlin [50], which are known as the shear deformation
plate theories. These theories are based on the assumption
that the displacement w is constant through the thickness
while the displacements u and v vary linearly through the
thickness of each layer (constant cross-sectional rotations wx
and w y ). Generally these theories are known as first-order
shear deformation theories (FSDT) [3]. According to this
theory, transverse straight lines before deformation will still
be straight after deformation but they are not normal to the
midplane after deformation. This theory assumes constant
transverse shear stress.
In the following, referred to as first-order shear deformation laminate plate theory, the assumption of normality of
straight lines is removed compared to CLPT. On the other
hand straight lines normal to the middle surface remain
straight but not normal to that surface after deformation
[43].
For out-plane stress, (4), (5), and (6) are described as (9),
(10), and (11) respectively.

× sin2 θcos2 θ + Q22 cos4 θ,

Q12 = (Q11 + Q22 − 4Q66 )sin2 θcos2 θ
+ Q12 sin4 θ+ cos4 θ ,
Q13 = (Q11 − Q12 − 2Q33 ) sin θcos3 θ
+ (Q12 − Q22 + 2Q33 )sin3 θ cos θ,
Q23 = (Q11 − Q12 − 2Q33 )sin3 θ cos θ
+ (Q12 − Q22 + 2Q33 ) sin θcos3 θ,
Q33 = (Q11 + Q22 − 2Q12 − 2Q33 )
× sin2 θcos2 θ + Q33 sin4 θ+ cos4 θ ,

Q55 = Q55 cos2 θ − Q66 sin2 θ,
Q56 = Q55 sin θ cos θ − Q66 sin θ cos θ,
Q66 = Q55 sin2 θ − Q66 cos2 θ.
⎡

Nxx

⎤

⎢
⎥
⎣N y y ⎦ =

Nxy
⎡

⎤

Mxx
⎢
⎥
⎣M y y ⎦ =
Mxy


Q11 = Q11 cos4 θ + 2(Q12 + 2Q66 )



Vq
=
Vr

⎡
h/2
−h/2

σxx

(9)

⎤

⎢ ⎥
⎣σ y y ⎦dz

τxy
⎡

⎤

σxx
⎢ ⎥
⎣σ y y ⎦zdz,
−h/2
τxy
h/2

h/2
−h/2



(10)



τxz
dz,
τ yz

× sin2 θcos2 θ + Q22 sin4 θ,
⎡

Nxx

⎤

⎡

⎤

N1

⎡

A11 A12
A22
A23
B12
B22
B23
0
0
0

⎢ N ⎥ ⎢ N ⎥ ⎢A
⎢ y y ⎥ ⎢ 2 ⎥ ⎢ 12
⎢
⎥ ⎢
⎥ ⎢
⎢ Nxy ⎥ ⎢ N12 ⎥ ⎢A13
⎢
⎥ ⎢
⎥ ⎢
⎢ Mxx ⎥ ⎢ M1 ⎥ ⎢ B11
⎢
⎥ ⎢
⎥ ⎢
⎢M y y ⎥ = ⎢ M2 ⎥ = ⎢ B12
⎢
⎥ ⎢
⎥ ⎢
⎢ M ⎥ ⎢M ⎥ ⎢ B
⎢ xy ⎥ ⎢ 12 ⎥ ⎢ 13
⎢
⎥ ⎢
⎥ ⎢
⎣ Vq ⎦ ⎣ V1 ⎦ ⎣ 0

Vr

V2

where the components of this section stiﬀness matrix are
given by
Ai j , Bi j , Di j =
Ei j =

h/2
−h/2

h/2
−h/2

m

Qi j 1, z, z2 dz



i, j = 1, 2, 3

m

Qαβ ki k j dz


× i, j = 1, 2, α, β = i + 4, j + 4 .

(12)

A13
A23
A33
B13
B23
B33
0
0

B11
B12
B13
D11
D12
D13
0
0

B12
B22
B23
D12
D22
D23
0
0

⎤⎡

⎤

B13 0 0
1
⎢ ⎥
B23 0 0 ⎥
⎥⎢ 2 ⎥
⎥⎢ ⎥
⎢γ ⎥
B33 0 0 ⎥
⎥⎢ 12 ⎥
⎢ ⎥
D13 0 0 ⎥
⎥⎢ k1 ⎥,
⎢ ⎥
D23 0 0 ⎥
⎥⎢ k2 ⎥
⎥
⎥
D33 0 0 ⎥⎢
⎢k12 ⎥
⎥⎢ ⎥
0 E11 E12 ⎦⎣γ13 ⎦
0 E12 E22 γ23

(11)

2.4. Failure Criteria. As it is shown in previous research
[35] using one failure method is not reliable enough for
evaluating the results. Also in each fibre orientation the type
of the failure is switched between fibre, shear, and transverse
shear failure [43]. Therefore, it is logical that the results
would be checked by at least two failure criteria. In this
research maximum stress and Tsai-Wu criteria are chosen.
2.4.1. Maximum Stress Criterion. Maximum stress criterion
is one of the simplest failure methods to apply. According
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to this criterion, failure is predicted whenever one of
the principal stress components exceeds its corresponding
strength. It is expressed in the form of the following
subcriteria:


F1t
−F 1c

when σ1 > 0,
when σ1 < 0,

(13a)

F2t
−F 2c

when σ2 > 0,
when σ2 < 0,

(13b)

when σ3 > 0,
when σ3 < 0,

(13c)

σ1 =


σ2 =



σ3 =

F3t
−F 3c

 
 
τ4  = F4 ,

(13d)

 
 
τ5  = F5 ,

(13e)

 
 
τ6  = F6 .

(13f)

F1t and F1c are the longitudinal tensile and compressive
strengths, F2t and F2c are the transverse longitudinal tensile
and compressive strengths, and F6 is the in-plane shear
strength. Four additional lamina strength parameters, which
are relevant in three-dimensional analysis, are the out-plane
or interlaminar tensile, compressive, and shear strengths, F3t ,
F3c , F4 , and F5 .
2.4.2. Tsai-Wu Criterion. The Tsai-Wu failure criterion is one
of the most reliable static failure criteria as it provides a
simple analytical expression taking components. Reddy [43]
proposed a modified tensor polynomial theory by assuming
the existence of a failure in the stress space. In contracted
notation it takes the form:
fi σi + fi j σi σ j = 1,

(14)

where fi and fi j are second- and fourth-order strength
tensors, and i, j = 1, 2, . . . , 6 [36].
By applying assumptions, some of fi and fi j are identified. Finally it is reduced to a failure envelope for constant
values of shear stress τ6 = kF6
f1 σ1 + f2 σ2 + f11 σ12 + f22 σ22 + 2 f12 σ1 σ2 = 1 − k2

(15)

or equivalently
2
2
σ σ
σ11
σ22
τ2
+
+ 12 −  11 22
F1t |F1c | F2t |F2c | F6
F1t F1c F2t F2c



+







1
1
1
1
−
σ11 +
−
σ22 < 1.
F1t |F1c |
F2t |F2c |

and thickness for each layer. Several optimisation methods
have been introduced to solve this challenging problem,
which is often nonlinear, nonconvex, multimodal, and multidimensional. Nowadays usually stochastic non-linear optmisation methods are utilised for this problem as they can
avoid the local minimums. One of the best algorithms in this
category is simulated annealing (SA) method which is used
in similar problems [7].
3.1. Simulated Annealing Algorithm. Kirkpatrick et al. [51]
proposed simulated annealing as a powerful stochastic search
technique in 1983. The method gets its name from the
physical process whereby the temperature of a solid is raised
to a melting point, where the atoms can move freely, and then
slowly cooled. The method attempts to model the behaviour
of the atoms in forming arrangements in solid material
during annealing. Although the atoms move randomly, as
their natural behaviour they tend to form lower-energy
configurations [52]. However, this is a time-driven process.
When a material is crystallised from its liquid phase, it must
be cooled slowly if it is to assume its highly ordered, lowestenergy, perfect crystalline state. At each temperature level
during this annealing process, the material should reach
equilibrium. As the temperature decreases, the arrangement
of the atoms gets closer and closer to the lower energy state.
This process continues until the temperature finally reaches
freezing point [52]. The temperature is initially assigned
a higher value, which corresponds to more probability
of accepting a bad move and is gradually reduced by a
user-defined cooling schedule. Retaining the best solution
is recommended in order to preserve the good solution
[52].
At each iteration of the simulated annealing algorithm,
a new point is randomly generated. The distance of the new
point from the current point, or the extent of the search, is
based on a probability distribution with a scale proportional
to the temperature. The algorithm accepts all new points that
lower the objective, but also, with a certain probability, points
that raise the objective. The algorithm avoids being trapped
in local minima, by accepting points that raise the objective,
and is able to explore globally for more possible solutions. An
annealing schedule is selected to systematically decrease the
temperature as the algorithm proceeds. As the temperature
decreases, the algorithm reduces the extent of its search to
converge to a minimum.
If a set of configurations is considered, in each iteration
the speed convergency would be increased. In this paper
the SA proposed by Erdal and Sonmez [52] is applied. The
number of these configurations depends on the dimension
of the problem:

(16)
N = 7(n + 1),

(17)

3. Optimisation
An optimised composite laminate requires finding the
minimum number of layers, and the best fibre orientation

where n is the dimension of the problem, that is, the number
of design variables [52].
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3.2. Penalty Function and Optimisation Procedure. In this
step a penalty function is expressed, and then this function
has to be optimized:
m

F=

nk + w1 PMS + w2 PTW − w1 SF MS
k=1

(18)

− w2 SF TW

w
+ 3i cos(Δθ).
k

nk is the number of plies in the kth lamina, in which the
orientation angle is θk ; m is the total number of distinct
lamina; the second and third terms represent the penalty
values introduced to increase the value of the objective
function for designs for which failure is predicted, and thus
to restrict the search to the feasible design space; PMS and
PTW are penalty values calculated based on the maximum
stress criterion and the Tsai-Wu criterion, respectively. SFMS
and SF TW are equal to the safety factors according to the
maximum stress, and Tsai-Wu criteria, respectively, if they
are greater than 1.0, otherwise these terms are equal to zero;
wi are suitable coeﬃcients [35].
This penalty function is the same as the one defined
by Akbulut and Sonmez [35] in 2008 except the last term
of (18). In their work, the ply angles are optimised for inplane plate and the eﬀect of shear stress and as a result
induced twist angle of the plate was neglected. However,
in this research the induced twist angles are considered.
Therefore the maximum acceptable twist angle is defined,
and by assuming this maximum twist angle, the appropriate
coeﬃcient for w3i is obtained.
Implying several tests by finite element method (FEM)
software shows that maximum twist for each material
happens at the specific angles (θ max )i i = 1, 2, 3, . . .,i is the
number of possible θmax . The range of fibre orientations
[−90, 90] is divided into several areas, each θmax is the centre
of the area and in each iteration the program find the θk to
the range that it belongs to and then the program works with
the appropriate θmax and corresponding w3i . Except for the
related w3i , the other w3i are equal to zero. Δθ is defined as
Δθ = θmax − θk .

(19)

So, when the ply angle in each layer (θk ) would be close to
θmax , the amount of cos(Δθ) is bigger, and thus the last term
of penalty function and as a result penalty function would be
larger.
For a proper w3 , the amount of induced twist (α) always
will be less than maximum acceptable twist (αmax ). For
example, in a composite product, the final induced twist is
desired to be less than a certain amount of twist (which
here it is called αmax ). When fibre orientation for layers
approach the θmax (where maximum twist happening), the
term Δθ or (θmax − θk ) in (18) tends to zero. Then the
term cos(Δθ) and as a result penalty function in (18) are
increased. Increasing penalty function means that this fibre
orientation is not going to be selected in optimisation process
and therefore the induced twist in final product stays less
than αmax . This technique is what distinguished this model
from others as the induced twist is ignored in them.

The reason that the objective is reduced for safe designs
is that there may be many feasible designs with the same
minimum thickness. Of these designs, the optimum is
defined as the one with the largest failure load. Accordingly,
the objective function is linearly reduced in proportion to
the failure margin [53]. Similarly in another study [54],
the margins to initial failure were maximized with the
minimum feasible number of laminae. The safety factor of
the laminate according to the maximum stress criterion,
SF MS , is calculated as follows [35]:
⎧
⎧
F1t
⎪
⎪
⎪
⎪
⎪
if σ11 > 0
⎪
⎪
⎪
⎪
⎪
σ
⎨
⎪
11
⎪
⎪
⎪
⎪
SF kX = ⎪
⎪
⎪
⎪
⎪
⎪
⎪
F1c
⎪
⎪
⎪
⎪
if σ11 < 0
⎩
⎪
⎪
⎪
σ
⎪
11
⎪
⎪
⎪
⎨
⎧
= min of
F2t
⎪
⎪
⎪
⎪
if σ22 > 0
⎪
⎪
⎪
⎪
⎪
σ
⎨
22
⎪
⎪
⎪
⎪
SF kY = ⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪ F2c
⎪
⎪
⎪
if σ22 < 0
⎩
⎪
⎪
⎪
σ22
⎪
⎪
⎪
S
⎪
⎪
⎩
SF kS = τ
| 12 |

(20)

SF MS = min of SF kMS for k = 1, 2, . . . , m − 1, m.

(21)

SF kMS

The safety factor for the kth lamina, SF kTW , according to the
Tsai-Wu criterion is defined as the multiplier of the stress
components at lamina k, σikj , that makes the right hand side
of (16) equal to 1 then it turns into [35]
2

a SF kTW

+ b SF kTW = 1,

(22)

where
a=

k
σ11

2

F1t |F1c |


b=

+

k
σ22

2

F2t |F2c |



+

k
τ12

F62


2

−

k
σ11

k
σ22

(F1t F1c F2t F2c )


1
1
1
1
−
σk +
−
σk .
F1t |F1c | 11
F2t |F2c | 22

(23)

The root of the above equation gives the safety factor.
Because a negative safety factor is not physically meaningful,
the absolute value of the first root is considered as the actual
safety factor


√



 −b ± b2 + 4a 
.
SF kTW = 


2a

(24)

Then, the minimum of SF kTW is chosen as the safety factor of
the laminate:
SF TW = min ofSF kTW for k = 1, 2, . . . , m − 1, m
√

(25)

In (24), the |(−b + b2 + 4a)/2a| can be considered, as b is
always positive, and the aim is to find the minimum of SF kTW .
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Figure 4: Boundary condition and loading (the plate is clamped on
side a. Displacements are measured on side b).
Figure 3: Process of making laminated plate.
36.5

The penalty value due to the violation of the maximum
stress and Tsai-Wu criteria are calculated in (26) and (27),
respectively:
=

⎪
⎩

if SF kx ≥ 1,

1
− 1 if SF kx < 1,
SF kx

⎧
⎪
⎨0

⎧
⎪
⎨0

(26)

Psk = ⎪ 1
k
⎩ k − 1 if SF s < 1,
SF s
k
PTW

=

⎪
⎩

if SF kTW ≥ 1,

1
− 1 if SF kTW < 1.
SF kTW

(27)

The total penalty value for the laminate due to the violation
of the maximum stress and Tsai-Wu criteria are then
calculated by summing up the penalty values calculated for
each lamina
m

PMS =
k=1

Pxk + P ky + Psk ,
(28)

m

PTW =
k=1

34.5

33.5
33

if SF ks ≥ 1,

⎧
⎪
⎨0

35

34

if SF ky ≥ 1,

P ky = ⎪ 1 − 1 if SF k < 1,
y
⎩ k
SF y

35.5
Deformation

Pxk

⎧
⎪
⎨0

36

k
PTW
.

4. Results
4.1. Experimental Results. In order to validate the FEM
model some experimental tests have been performed. For
each case six similar laminated plates are manufactured. One
of the samples is shown in Figure 3. Carbon fibre is used
for all laminated experimental tests, and the size of plate is
500∗ 500 (mm).
Square laminated composite panels (500 × 500 mm) were
produced by vacuum bagging. In order to minimise the error,
the average results of these six plates were calculated to be
compared with FEM results obtained from the design tool.

0

100

tF
t2
t3
t4

200

300
Plate width

400

500

600

t5
t6
ta
Poly. (t a )

Figure 5: An example for one case; t1 to t6 are the experimental test
results for six similar plates under constant load. ta is the average of
t1 to t6 and tF is the FEM outputs.

As it is shown in Figure 4, the plates are fixed on one side (a)
and displacement in z direction is measured on the opposite
free side of the plate (b) due to the eﬀect of gravity only.
In Figure 5, t1 to t6 are the experimental test results for
six similar plates under the constant load. Six plates in each
case have the same layup and geometry; ta is the average of t1
to t6 and tF is the FEM results.
The experimental tests have been carried out for 15
diﬀerent cases with diﬀerent loads and layups. In Figure 6
the percentage diﬀerence of deformation between tests and
FEM results and in Figure 7 the percentage diﬀerence of α
are shown. As is shown in Figures 6 and 7 there is a very
good agreement between FEM and experimental results. In
Figures 6 and 7 the axis which shows error is zoomed in to
10% to distinguish the diﬀerences between each case. These
Experimental tests have been done to validate the FE model
which is used in this work. The good agreement, as it is
shown in Figures 6 and 7, indicates the validity of this FEM.
In the following case studies, FE results are compared with
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Table 1: Optimum lamina orientations for material T300/5308 under diﬀerent loads.

Loading:
Nxx , N y y , Nxy (MPa m)
(Figure 2)
10/5/0

Optimum lamina orientations
Akbulut and Sonmez [35]
Present work






































3727 / −3727
3123 / −3123

20/5/0

2620 / −2620

40/5/0

2125 / −1928

80/5/0

1735 / −1735

120/5/0

3929 / −3929
3627 / −3627
2622 / −2622
2125 / −2125
1735 / −1735

10

10

9

9

8

8

7

7

6

6

Error (%)

Error (%)



Safety factor
Akbulut and Sonmez [35]
Present work
Max. stress
Tsai-Wu
Max. stress
Tsai-Wu
1.0277
1.0068
1.1309
1.1001

5
4

1.1985

1.0208

1.3305

1.1560

1.5381

1.0190

1.6504

1.1903

1.2213

1.0113

1.2302

1.0120

1.0950

1.0030

1.0951

1.0030

5
4
3

3

2

2

1

1

0

0
0

100

200

300

400

500

0

100

600

200

300

500

400

600

Plate width

Plate width
t1
t2
t3
t4
t5

t6
t7
t8
t9
t10

t11
t12
t13
t14
t15

Figure 6: Percentage diﬀerence of deformation between tests and
FEM results.

similar works with the same boundary condition as shown
in Figure 4 with diﬀerent loadings.
4.2. Case Study Results. In this Section, two case studies
are considered. The first case study compares the obtained
results with those which were found by Akbulut and Sonmez
[35] to validate the proposed optimisation method. The
graphite/epoxy materials T300/5308 with the properties of
E11 = 40.91 GPa, E22 = 9.88 GPa, G 12 = 2.84 GPa, ϑ12 =
0.292, F1t = 779 MPa, F1c = −1134 MPa, F2t = 19 MPa,
F2c = −131 MPa, and S = 75 MPa is considered for the first
case study.
In this case the maximum acceptable twist angle is αmax =
.01. In Tables 1 and 2 the results are compared with previous
work [35]. As it is shown in Table 1, the number of layup increase for some loads and it shows that in these cases
the amount of twist angle is more than αmax . Clearly by
increasing the lay-ups, safety factor for both Tsai-Wu and

t1
t2
t3
t4
t5

t6
t7
t8
t9
t10

t11
t12
t13
t14
t15

Figure 7: Percentage diﬀerence of (α) between tests and FEM
results.

Maximum stress will be increased. In Table 2, the number
of lay-ups and thickness is constant but in some cases the
optimum orientation angles is diﬀerent from the previous
work. Although the safety factor is reduced, it avoids passing
the acceptable twist angle and the safety factor is still more
than 1, therefore, it is still acceptable. When the maximum
twist angle is less than the αmax , the results are comparable
with the work has been done by Akbulut and Sonmez [35].
In the second case study a highly anisotropic material is
considered (material II). The elements of stiﬀness matrix are
D1111 = 138000, D1122 = 44000, D2222 = 138000, D1133 =
5000, D2233 = 6000, D3333 = 47000, D1112 = 2000, D2212 =
8000, D3312 = 3000, D1212 = 10000, D1113 = 0, D2213 = 3500,
D3313 = 0, D1213 = 21000, D1313 = 58000, D1123 = 0, D2223 =
1000, D3323 = 2500, D1223 = 2000, D1323 = 4500, and D2323 =
23000.
In Figure 8 the amount of twist angle under a constant
load for diﬀerent ply angles is shown. So the amount of
(θmax )i in (20) are (±30, ±60) which are the local maximums.

Advances in Materials Science and Engineering

9

Table 2: Optimum lamina orientations for material T300/5308 under diﬀerent loads for constant thickness.
Loading: Nxx , N y y , Nxy
(KPa m) (Figure 2)

Optimum lamina orientations


Akbulut and Sonmez [35]

50.804 / −49.804 /26.594 / −49.734

200/200/0



200/0/200

30.984 / −36.574 /37.674 / −37.204

400/200/0



200/200/200





31.7216





50.804 / −49.804 /26.594 / −49.734








Safety factor

Present work

32.404 / −56.614 / −7.814 /33.874



−20.124 /58.014 / −49.904 /20.114



4516

4516





Akbulut and Sonmez [35] Present work
2.14

2.14

4.84

4.59

1.64

1.42

1.11 × 10

16

1.11 × 1016

Table 3: Optimum lamina orientations for second case study material under diﬀerent loads for constant thickness.
Loading: Nxx , N y y , Nxy , Nzz (KPa m)

Optimum lamina orientations


−77.684 /23.544 / −22.784 /49.794


53.458 / −78.238


−22.234 /49.264 / −65.334 /11.234


44.88 / −33.218

100/100/0/20
100/0/100/20
200/100/0/20
100/100/100/20

20

Twist angle

15
10
5

−90 −75 −60 −45 −30 −15

0
0

15

30

45

60

75

90

Fibre orientations

Figure 8: Twist angle for a first layer of material (II).

This test is for the first layer in order to find the (θmax )i
and the areas which were explained in Section 3.2. FEM tests
show that these (θmax )i are the same by adding the next
layers. If the stiﬀness matrix is symmetric the curves will
be symmetric about y axis. A general stiﬀness matrix for
material II is considered, so there is no mirror about y axis.
Optimum lamina orientations under diﬀerent loads in this
case are shown in the Table 3. In this case the pure bending
load Nzz is also applied to the plate.

5. Conclusion
In this study, an optimisation methodology of composite
plates was presented. A method was proposed in order to
overcome the diﬃculties and shortcomings faced by the
previous research. In previous work the eﬀect of transverse
shear was neglected, and therefore the induced twist angle is
ignored. In some applications the twist angle, which is the

Safety factor
Max. stress

Present work

1.2720

1.0931

1.5402

1.2112

1.3200

1.111

1.3401

1.0376

direct eﬀect of transverse shear, is undesirable. Therefore,
in this research, after optimising the fibre orientations, by
considering the induced twist angle as well as safety factor,
the induced twist angle always stays less than the acceptable
twist angle. One of the other weakness in previous work was
that the plate was optimised under specific loads, such as
longitudinal or in-plane loading. By the proposed method
in this research the out-plane stress optimisation can be
solved as well as the in-plane stresses. In order to have
a reliable optimisation, simulated annealing, which is one
of the stochastic optimisation methods and can escape the
local minima is applied and the penalty function for this
optimisation method is modified. This modified penalty
function forces the induced twist to stay under a predefined
induced twist. In addition, two Tsai-Wu and maximum stress
failure criteria are used in the algorithm individually to avoid
false optimal design.
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