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Over the last decade, significant advances have been made
in the design and analysis of marine propulsors and current
turbines. This special issue compiles 14 original researches
and review articles that describe the state-of-the-art and cur-
rent challenges on the design, numerical, and experimental
modeling of marine propulsors and turbines.

One of the primary challenges with the analysis and
design of marine propulsors and turbines is accurate pre-
diction of hydrodynamic cavitation, which can occur in
different forms and can lead to noise, vibration, erosion,
and thrust/torque breakdown. The predictive capability of
different cavitation models is compared in A. Ducoin et
al. for simulation of unsteady sheet/cloud cavitation on a
hydrofoil, and in M. Morgut and E. Nobile for quasi-steady
cavitation on two model-scale propellers. In J. W. Lindau
et al., a CFD approach is presented for the performance
prediction of an axial flow waterjet over a wide range of
flow coefficients and operating inlet total pressure, and they
explained the mechanisms that lead to cavity-induced thrust
breakdown.

In addition to cavitation, another challenge with marine
propulsors and turbines is the need to properly align the
trailing wake for general 3D geometry, and consider the
influence of spatially varying inflow, gap flow dynamics in
application with ducts, and rigid body motion in waves.
In Y. Tian and S. A. Kinnas, an improved wake alignment
model is presented for the performance prediction of marine

propellers at low-advance ratios using a 3D panel method.
In J. Baltazar et al., a 3D panel method is presented for
the performance prediction of ducted propellers, and they
also focused on the importance of proper trailing wake
alignment, particularly near the blade tip region. In M.
Greve et al., a viscous-inviscid coupling method is presented
to efficiently capture the viscous flow response of marine
propellers in spatially varying wake. Finally, in S. A. Kinnas
et al., efficient numerical models are presented for the
analysis of the hydrodynamic response of marine propellers
undergoing surge and heave motions.

In addition to normal operations, we have also invited
papers to discuss the performance of marine propulsors in
off-design and extreme operating conditions. In H. Jang et
al., the influence of the upstream hull body and duct on
the unsteady loads of marine propellers in crashback was
simulated using Large Eddy Simulation (LES). In L. Savio
and S. Steen, full-scale data collected over one and a half year
and a fuzzy logic analysis method are presented for the iden-
tification of ventilation events on an offshore supply ship.

Finally, in addition to conventional marine propellers,
we have also invited special papers to address the design,
analysis, and testing of advanced concept propulsors and
turbines. In S. Brizzolara et al., a modified Lerbs theory
is presented for the design of Counter Rotating Propellers
(CRT) for high-speed crafts. In M. Altosole et al., a simple
and effective approach is introduced for the design of marine
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water jet propulsion systems. In D. Bertetta et al., experimen-
tal and numerical analysis of unconventional Contracted and
Loaded Tip (CLT) propellers are presented. In M. R. Motley
et al., the dynamic scaling of the transient hydroelastic
response and failure mechanisms of self-adaptive composite
marine propellers are discussed. Finally, in M. Takao and T.
Setoguchi, the status of the art and current challenges of air
turbines for wave energy conversion is summarized.

We hope that these papers will enrich our readers about
the state-of-the art and current challenges related to the
design and analysis of marine propulsors and turbines, and
inspire new methodologies and design concepts.

Yin Lu Young
Moustafa Abdel-Maksoud

Jules W. Lindau
Francesco Salvatore

Moon Chan Kim
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The main theoretical and numerical aspects of a design method for optimum contrar-rotating (CR) propellers for fast marine
crafts are presented. We propose a reformulated version of a well-known design theory for contra-rotating propellers, by taking
advantage of a new fully numerical algorithm for the calculation of the mutually induced velocities and introducing new features
such as numerical lifting surface corrections, use of an integrated modern cavitation/strength criteria, a modified method to
consider different numbers of blades among the two propellers, and to allow for an unloading function in the search for the
optimal circulation distribution. The paper first introduces the main theoretical principles of the new methods and then discusses
the influence of the main design parameters on an emblematic example of application in the case of counter rotating propellers
for a pod propulsor designed for fast planing crafts (35 knots and above).

1. Introduction

In this last decade, the general interest in counterrotating
propellers (CRPs) has increased and different manufacturers
are developing new propulsion systems based on double
propellers, especially for their use in fast planing crafts and
pleasure yachts (0.5–2 MW), but also in larger vessels, in
the high-power range (2–4 MW). Of course, there are other
fields of applications where a CRP propulsion arrangement
might be beneficial: for instance, electrical podded drives for
large high-speed displacement navy ships or ro-ro ships for
high-speed transportation.

Despite this broad range of application, only a limited
number of theoretical design methods have appeared in
literature about contrarotating propellers; in fact, apart
from different practical semiempirical approaches, the early
method proposed by Morgan in 1960 remains still a valid
option to design their optimum wake-adapted geometries.

In this paper, we present the main theoretical elements
of a modified CRP design method based on the general
framework of Morgan but reformulated its most simplified
passages, taking advantage of modern computational tech-
niques, with the final intent to produce valid CRP designs
for pod propulsors of high-speed planing crafts, as the one
presented in Figure 1, designed to drive planing crafts at top
speed of 35/45 knots with maximum input powers in excess
of 1 MW.

The original design method initially developed by the
authors [1] has been further developed and improved, over
the years, in its theoretical aspects, resulting in the following
main features.

(i) Morgan’s theory combines the analytical computa-
tion of self-induced velocities at propeller disk given
by Lerbs [2], with a numerical treatment of axial
interference factors (which states the relationship



2 International Journal of Rotating Machinery

between disk and wake axial velocity components)
given by Tachmindji [3] for an infinitely bladed pro-
peller. The present method adopts a full numerical
lifting line model (with slipstream contraction effect)
for exact representation of wake velocities.

(ii) Cavitation and strength constraints are imposed by
means of an iterative and automatic blade geometry
optimization method, which verifies the margin on
the maximum admissible local stress and cavitation
inception. The adopted method was inspired by
the lifting line/lifting surface propeller programs
developed in the 80s by various propeller designers
and researchers in Italy [4–6].

(iii) In Morgan’s original method, lifting surface correc-
tions are addressed following the well-known Lud-
wieg and Ginzel et al. [7] parametric formulations
that permit to calculate the value of the camber
just at mid chord, for a given standard chordwise
circulation distribution. The present theory applies
the numerical lifting surface corrections for camber
and pitch based on a 3D vortex/source lattice model
[8] that leaves great freedom in terms of assumed
chordwise load distribution and treats the problem
of the vortex wake alignment and contraction with
consistent numerical schemes, validated in the case
of a single propeller in [9].

(iv) Morgan’s original theory can only consider optimum
spanwise circulation distributions, while present the-
ory offers the possibility to apply a nonoptimum
circulation curve [10] in order to unload blade
sections especially at tip and root where their working
condition is often very close to cavitation limits,
in particular for fast planing boats. Such kind of
cavitation can lead to blade erosion and unpleasant
phenomena like radiated noise and induced vibra-
tions of stern structures. The function that describes
the unloading factor at each blade radial position
is applied to the optimum circulation distribution
of the equivalent propeller; hence it cannot be
customized for each of the two CR propellers, but
equally applied to the equivalent one.

Having synthetized the main technical features of the
present design method, we go on, in the following sections,
discussing the key aspects of its theoretical formulation.
Finally some examples of practical applications of the design
method on two different cases involving fast-planing boats
with pod propulsors are presented and the results obtained
are analysed in order to discuss the effect of a systematic
perturbation of the main input design parameters upon the
resulting blade geometry.

2. Theory of the Design Method

2.1. Fundamental Assumptions and “Equivalent Propeller”
Concept. As already mentioned before, the present design
procedure is a revisitation of the method developed by
Morgan [11], which makes use of the analytical lifting line

theory of Lerbs for a single propeller [2]. The design theory
of two contrarotating propellers is more complicated than
that of a single one, due to the mutual hydrodynamic
interference between the two propellers; for this reason some
engineering simplifying assumptions were introduced by
Morgan in order to reduce the problem to that of a single
propeller and conveniently exploit the analytical solution of
Lerbs.

This section gives a brief description of the Morgan’s
theoretical framework whose fundamental hypotheses can be
summarized as follows.

(i) Both the propellers are to rotate at the same rpm.

(ii) Each propeller delivers 50% of the total thrust and
absorbs 50% of the total torque.

(iii) Both propellers are moderately loaded, and the wake
does not change appreciably. Along the axis.

(iv) The self and mutual interference of the vortex sheets
shed by each propeller blade is negligible.

(v) Blades are represented by lifting lines, and lifting
surface corrections are introduced as a correction a
posteriori.

(vi) Any unsteady effect is neglected; for example, mutu-
ally induced velocities (fore and aft blades) are
supposed to be time averaged.

(vii) The bound circulation on the blade can be repre-
sented by a sine Fourier series.

The key point of this idealized approach lies in the
definition of the so-called equivalent propeller, that is, an
optimum “virtual” propeller which produces 50% of the
total required thrust and absorbs 50% of the total torque,
having the hydrodynamic pitch angle equal to the average of
the hydrodynamic pitch angles of the two actual propellers.
In this way, to find the optimum circulation, Morgan initially
reduces the problem of the two CR propellers to a single
equivalent one, by ideally bringing the longitudinal distance
between the two propellers to zero (the two propeller discs
are located at the same longitudinal coordinate), so that the
mutually induced velocities become independent from the
longitudinal distance of the propellers and their value can be
found as function of the bound circulation by the induction
factors given by the classical Lerbs theory for single wake
adapted propellers.

The velocity components diagram, considered for the
fore and aft propellers, is reported in Figure 1.

Using momentum theory, considering symmetry condi-
tions and averaging the value of the induced velocities over a
complete blade turn, the following relationships are found
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Figure 1: ZF 4000 Large Pod, using contrarotating propellers
designed with the presented method.

between self-induced and mutually induced (interference)
velocities:
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where the subscripts have the following meanings: 1 = at
forward propeller, 2 = at rear propeller, a = axial component,
t = tangential component, s = self-induced velocity, i =
interference induced velocity.

Moreover, since unsteady effects are not taken into
account, the factors fa and ft for obtaining the circumferen-
tially velocity components averages are needed, while factors
ga and gt explicitly express the influence of the actual axial
distance between the two propellers and of the slipstream
contraction, respectively, in a global sense.

Using Stokes’ law, Lerbs derived the following expression
for factor f :

ft = G∗

2x(ut/Vs)
∼= fa, (2)

where G∗ is the total nondimensional circulation, Vs is
the ship speed, and x represents the nondimensional radial
position of the considered blade section. As mentioned in the
introduction, the factors, ga and gt, are calculated by Morgan
through the simplified model of Tachmindji, which considers
an infinitely bladed propeller without hub (zero hub radius).
Moreover, Morgan’s theory simply considers (ga)1 = (ga)2.

As described later in this section, the present work
makes use of a fully numerical method for calculating the
induction factors which overcome the limitations deriving
from the crude assumptions made by Tachmindji to derive
an analytical expression for them.

In principle, the different velocity components acting on
the forward propeller are

Axial = Va1 + (uas)1 + (uai)1

Tangential = ωr1 − (uts)1,
(3)

And similarly for the rear one,

Axial = Va2 + (uas)2 + (uai)2

Tangential = ωr2 − (uts)2 + (uti)2,
(4)

where Va stands for the (averaged) speed of advance.

Under the leading assumption of the equivalent pro-
peller, that is, longitudinal distance between propellers zero
(ga = 0, gt = 0, and Va1 = Va2 = Va), equal torque of both
propellers (us1 = us2), (3) and (4) can be rewritten as follows,
to find the axial and tangential velocity components and the
hydrodynamic pitch angle on the fore propeller:

Axial = Va + ua
(
1 + fa

)

Tangential = ωr − ut
(
tanβi

)
1 =

Va + ua
(
1 + fa

)

ωr − ut ,

(5)

and on the aft one,

Axial = Va + ua
(
1 + fa

)

Tangential = ωr − ut
(
1− 2 ft

)

(
tanβi

)
2 =

Va + ua
(
1 + fa

)

ωr − ut
(
1− 2 ft

) .

(6)

Hence, the hydrodynamic pitch for the equivalent propeller,
calculated as the averaged value on the front/rear ones, can
be derived by neglecting second-order terms as follows:

tan
(
βi
)

eq =
Va + ua

(
1 + fa

)− (Va/ωr)ut
(
1− ft

)

ωr − 2ut
(
1− 2 ft

) . (7)

Following Lerbs’ [2] work, it is possible to approximate the
integral equation for induced velocities by means of the
following expression:

ua
Vs

∼= 1
Z(1− xh)

n∑

m=1

mG∗mh
a
m,

ut
Vs

∼= 1
Z(1− xh)

n∑

m=1

mG∗mh
t
m,

(8)

where Z = propeller number of blades, xh = nondimensional
hub radius, ham, htm = Lerbs’ improper integrals function of
(βi)eq and radial position.

In order to reduce the analytical problem to the numer-
ical solution for a discrete number of unknowns, that is,
the circulation amplitude coefficients appearing in (8), the
nondimensional (continuous) circulation over the lifting line
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of the equivalent propeller has been approximated through a
sum of n odd sinusoidal functions:

G∗ =
n∑

m=1

G∗m sinmϕ, (9)

where ϕ is related to the nondimensional radial coordinate x
through the following equation:

x = 1
2

(1 + xh)− 1
2

(1− xh) cosϕ. (10)

When (2) for circumferential factor f is used into (7)
for tan (βi)eq (kinematics condition), in combination with
(8), and (9) for explicating induced velocities and total
circulation, an integral-differential equation is obtained,
whose unknowns are the Fourier coefficient G∗m:
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⎡
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(11)

By writing the previous equation in n radial points, it is
possible to solve an n-sized system in the n unknowns G∗m.

Since the term ua/ut is a function of the total circulation
G∗ which, in turn, depends on the hydrodynamic pitch angle
βeq, (11) represents a nonlinear system of equations and must
be solved by an iterative process. As a first guess for the value
of ua/ut, one can use the following simplified relation:

ua
ut
= 1

tanβi
∼= 1
(
tanβi

)
eq

, (12)

where (tanβi)eq can be calculated as

tan
(
βi
)

eq
∼=

tan
(
β
)

eq

ηi

[
(1−w0)
(1−wx)

]1/2

, (13)

in which tan (βi)eq = Va/ωr, w0 = effective wake fraction,
wx = local wake fraction, ηI = ideal efficiency of a single
propeller.

This ideal efficiency ηI can be found solving Kramer’s
equations when the following design parameters are known:
T = propeller thrust, Z = number of propeller blades, D =
maximum propeller diameter, n = propeller revolutions
(equal on both props), AE/AO = expanded area ratio (initial
estimation).

With this initial value for ua/ut, system (11) is solved
(after having numerically approximated Lerbs’ improper
integrals ham, htm) and the total circulation G∗ is determined.
Then a new value for induced velocities ratio ua/ut is derived
through (8) and compared with the original one; if the

absolute difference between the value obtained in the current
iteration and that of the previous iteration is outside a certain
tolerance, system (11) is solved again with the updated value.
This iterative scheme goes on until convergence is achieved.

Once the system (11) is solved and total circulation
G∗ for the equivalent propeller is found, the ideal inviscid
thrust coefficient C∗Tsi is calculated from the following
equation, which is derived integrating along the radius the
contribution to thrust of the lift force produced by each
blade section expressed by direct application of the Jukoski
theorem:

C∗Tsi = 8
∫ 1

xh
G∗
⎡

⎣ 1
(
tanβ

)
eq

− ut
Vs

(
1− ft

)
⎤

⎦dx. (14)

The ideal thrust calculated in this manner is then com-
pared to the requested value given as input T opportunely
corrected to compensate viscous losses. If those values do
not agree conveniently, a new value for (tanβi)eq is used
for the solution of (11) at each radial position. The new
tentative value of this parameter is estimated by multiplying
the old value by a scalar factor directly proportional to
the difference between the requested and the calculated
thrust. Again this higher-level iterative procedure is repeated
until the convergence is found on the given thrust. Usually
three/four iterations are sufficient to achieve a satisfactory
convergence limit.

If fore and aft propellers have a different number of
blades, the aforementioned procedure is computed twice
since two equivalent propellers with two different blade
numbers need to be calculated.

2.2. Nonoptimum Load Circulations. As already mentioned,
through the limit concept of EqP, it is possible to reduce
the problem of the simultaneous design of two coupled CR
propellers into a more conventional problem of design of a
single optimum propeller. The well-known Lerbs [2] lifting
line design method for single propeller, valid also in the case
of nonoptimum circulation distribution, has been adapted in
this work also to the equivalent propeller. The application is
not straightforward and requires some modifications, in
relation to the peculiar hydrodynamic operation of a CR
propellers set.

The optimum circulation distribution calculated with the
method outlined in the previous paragraph is modified by
an unloading function λG, variable across the radius. Special
care must be taken to ensure a very smooth behavior of this
unloading curve that is reflected on a regular distribution
of a modified final circulation, and so to avoid unrealistic
peaks predicted by the induction factor theory. Applying the
variable unloading factor λG to the optimum circulation G∗,
the modified circulation distribution F∗ is found. Also this
new curve, similarly to its parent function, can be expressed
in terms of a sine series, in which the n terms F∗m are to be
found by the numerical procedure. In formulae,

F∗ = λGG
∗ =

n∑

m=1

F∗m sinmϕ. (15)
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As for the optimum propeller, the value of the design ideal
thrust should be met by scaling this new generated load
distribution through a constant factor k. The final unloaded
circulation distribution so obtained will be referred to as L∗

and defined as

L∗ = kF∗

ut
Vs
= k

(1− xh)Z

∑
mF∗mh

t
m,

(16)

through (15)-(16), it is possible to express the formula
for the final ideal thrust coefficient from (14), valid for
the unloaded counterrotating propellers, keeping the usual
Morgan assumption of the equivalence between the two
induction factors fa e ft:

C∗Tsi = 8
∫ 1

xh
L∗
[
x

λ
− ut
Vs

+
L∗

2x

]
dx, (17)

introducing the k scale factor and differentiating the thrust
coefficient with respect to radial coordinate, the following
expression is obtained:

dC∗Tsi = 8kF∗
[
x

λ
− k

(1− xh)Z

∑
mF∗mh

t
m +

kF∗

2x

]
, (18)

which, as before, integrated along the radius becomes

C∗Tsi =
8k
λ

∫ 1

xh
F∗xdx − 8k2

(1− xh)Z

∫ 1

xh
F∗

∑
mF∗mh

t
mdx

+ 8k2
∫ 1

xh

F∗2

2x
dx.

(19)

This (19) must be solved with respect to the unknown scale
factor k and hence can be rearranged as

k2

⎡

⎢
⎣

8
(1− xh)Z

∫ 1

xh
F∗

∑
mF∗mh

t
mdx − 8

1∫

xh

F∗2

2x
dx

⎤

⎥
⎦

− k 8
λ

∫ 1

xh
F∗xdx + C∗Tsi = 0.

(20)

While the circulation F∗ (and its sinusoidal component
amplitudes F∗m) is known and kept constant during the
searching of the solution, the unknowns to be found by
an iterative converging algorithm are the scale factor k
and the functions htm, ham, which in turn depend on the
hydrodynamic pitch angle of the trailed vortical wake βi, at
each radial position x considered in the calculation.

With reference to the velocity diagrams of Figure 1, yet
following the Morgan EqP model, the relations between the
self- and mutually induced velocities of (7) can be rewritten
as a function of L∗, as follows:

tgβi =
(

sinβi
cosβi

)

, (21)

in which

sinβi = VA + ua mod

(
1 +

kF∗

2x(ut/Vs)

)

− VA

2πnr
ut mod

(
1− kF∗

2x(ut/Vs)

)
,

cosβi = 2πnr − 2ut mod

(
1− kF∗

2x(ut/Vs)

)
.

(22)

The solution method developed by the authors and imple-
mented in the relative design code is detailed in the following.

The value of k factor is calculated using an iterative
procedure in which at the first step the system (20) is
solved assuming the induction factors ha, ht, ia it, the axial
and tangential velocity components Va, Vt , and the pitch
distribution βi, previously found in Block A and valid for
the optimum propeller. Contemporary, as proposed by Lerbs
[2], the induced velocities are neglected.

Once (20) is solved for the scaling factor k, the corre-
sponding hydrodynamic characteristics and the velocity field
generated by the unloaded circulation L∗ (16) can be found
through the following expressions:

ua mod = Vsk
(1− xh)Z

n∑

m=1

mF∗mh
a
m,

ut mod = Vsk
(1− xh)Z

n∑

m=1

mF∗mh
t
m.

(23)

The knowledge of the new induced velocities (23) will
permit the calculation of the hydrodynamic angle βi and
hence the new induction functions as defined by Lerbs [2].
This procedure is repeated until the current value of the ideal
thrust coefficient C∗Tsi (19) meets the design value given as
input. Usually three or four iterations are needed to converge
within a sufficient tolerance.

2.3. Load Distribution for Actual Propellers. The next phase
of the design process deals with the calculation of the actual
propellers, starting from the equivalent propeller just solved.

Lerbs derived the following relationship between the self-
induced velocities:

(uas)1 = (ua)1

(uts)1 = (ut)1

(uas)2 =
(

1 + δ
)(

1 + ξ
)

(ua)2

(uts)2 =
(

1 + δ
)(

1 + ξ
)

(ut)2,

(24)



6 International Journal of Rotating Machinery

where δ and ξ are the average contraction ratio of slipstream
δ at the aft propeller and the average circulation factor, used
to ensure equal torque on each propeller, respectively.

Substituting these values into (1) for the axial and
tangential relative velocities, it is possible to derive the
following expressions for the hydrodynamic pitch angles
tan (βi)1 and tan (βi)2:

tan
(
βi
)

1

=
A1 + B1 +

(
1 + δ

)(
1 + ξ

)
B2
(
fa
)

2

(
1− ga

)

(x1/λS)− C1
,

(25)

tan
(
βi
)

2

=
A2 +

(
1 + δ

)(
1 + ξ

)
B2B1

(
fa
)

1

(
1 + ga

)

x2(1− δ)x=1/λS −
(

1 + δ
)(

1 + ξ
)
C2 + 2C1

(
fa
)

1

(
1 + gt

) ,

(26)

where A denotes (1 − wx), B denotes (ua/VS), gt ∼= δ, and
x2 = x1(1− δ)/(1− δ)x=1.

The aforementioned values δ and ξ are obtained from the
following formulae:

δ = 1
x2

1

∫ x1

(xh)1

x1Fdx1,

F = 1−
A1 + B1

(
fa
)

1 +
(

1 + δ
)(

1 + ξ
)
B2
(
fa
)

2

(
1− ga

)

A2 +
(

1 + δ
)(

1 + ξ
)
B2 +

(
fa
)

2 + B1
(
fa
)

1

(
1 + ga

) ,

ξ =
A1 + B1 +

(
1 + δ

)(
1 + ξ

)
B2
(
fa
)

2

(
1− ga

)

A2 +
(

1 + δ
)(

1 + ξ
)
B2 + B1

(
fa
)

1

(
1 + ga

) .

(27)

An iterative approach is needed to solve the two equations
for δ and ξ, because of the coupling terms. The procedure,
then, starts by assigning zero to both of these parameters
(hence their averaged values δ and ξ are also zero); then it
calculates their actual values by (27) and computes the new
averaged value δ and ξ until convergence on such parameters
is achieved.

Factors δ and ξ are then applied to (25) and (26) to
calculate the hydrodynamic pitch angles tan (βi)1 and
tan (βi)2 for the Actual Propellers.

With these angles, the total circulation G∗ (or the
modified F∗), and the induced velocities ua1, ut1, ua2, ut2,

it is possible to derive the load distribution along the blade
with the following equations:

(
CLc

D

)

1

= 2π
Z
× G∗

A1 + B1 +
(

1 + δ
)(

1 + ξ
)
B2 fa2

(
1− ga

)

× sin
(
βi
)

1

(
CLc

D

)

2

= 2π
Z
× G∗

A2 +
(

1 + δ
)(

1 + ξ
)
B2 + B1 fa1

(
1 + gt

)

× (1 + ξ)× sin
(
βi
)

1 ×
1

(1− δ)x=1
,

(28)

in which CL = section lift coefficient; c = section chord.

2.4. Calculation of Blade Outline and Section Shape. The next
stage deals with the determination of the blade geometry in
terms of chord length, thicknesses, pitch, and camber which
ensure the requested section lift coefficient while ensuring
cavitation and strength constraints.

There are several approaches when solving the foregoing
problem, but the authors follow the works by Connolly [12]
for the calculation of blade stresses and the method proposed
by Grossi [6] for cavitation issues; the last procedure is based
upon an earlier work by Castagneto and Maioli [4] where
minimum pressure coefficients on a given standard blade
section are computed.

The semiempirical simplified blade model proposed by
Connolly considers radial stresses σr due to bending moment
and radial stresses σc due to centrifugal forces: the former are
determined by developed thrust and absorbed torque, while
the latter are determined by propeller revolutions. These
quantities are related to propeller geometry and dynamic
parameters by means of the following equations:

σrct
2 =

[
RK

Z

(
A1

2πR
P

T + A2
Q

R

)]
, (29)

σc = n2R2

1010

(
C1 +

iRC2

t
cosφ

) [
Tons
in2

]
, (30)

where ct2 represent thickness ratio product (equal to blade
sectional modulus), T and Q are thrust and torque, respec-
tively, tabulated coefficients A1, A2 are function of nondi-
mensional radial position, P is section blade pitch (φ is pitch
angle), and i stands for tangent of the rake angle (positive if
aft rake).

Total radial stress is given by the sum of σr and σc, and
its value must be lower than the maximum admissible stress
value σadm, that is:

σTOT
r = σc + σr ≤ σadm = σY

KS × Krob
, (31)
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where σY = yield stress (for nickel aluminium bronze alloy
equal to 550 MPa); KS = safety factor to take into account
uncertainties of an unsteady load on the propeller and to
allow for fatigue effects; Krob = tuning factor to calibrate the
relative weight of the strength criteria over cavitation criteria.

Substituting (31) into (29) leads to the following strength
criteria equation:

ct2 =
[
RK

Z

(
A1

2πR
P

T + A2
Q

R

)]
× 1

(σadm − σc) . (32)

Having regard to cavitation criteria, the present theory makes
use of a simplified cavitation inception rule, where minimum
pressure coefficient Cmin

P on each blade section has to be
higher than the cavitation number σI0 times a safety factor
KP used to ensure a certain design margin (usually KP <1):

KPσ
I
0 = Cmin

P . (33)

For minimum pressure coefficient estimation, the authors
follow Castagneto and Maioli’s work where thin profile the-
ory for standard propeller foils and mean lines is corrected
by the results of experimental tests done by them at the
cavitation tunnel:

Cmin
P =

(
1 + h1CL f + h2

t

c
+ h3CLα

)2

− 1, (34)

where h1, h2, h3 are given by Castagneto and Maioli in a
tabular form being only function of thickness and camber
distribution, and CL f , CLα are lift coefficient developed by
blade section by camber and angle of attack, respectively.

The foregoing equation can be rewritten in order to
make use of known quantities as CLc (given by (28)) and to
consider for (33):

x3
(
h2

√
ct2
)

+ x2((h1p + h3
(
1− p

))
CLc

)
+
(

1−
√

1 + KPσ
I
0

)

= 0,
(35)

where
x = 1√

c
(36)

and p = CL f /(CL f /CLα) express the proportion of lift
coefficient developed by camber on the total lift and are
selected by the propeller designer.

Since the cavitation-strength problem (illustrated with
the foregoing equations ((29)–(35)) depends on interrelated
unknowns, this is solved by making use of an integrated
approach described in the following.

At a first step, centrifugal radial stress σc (which depends
on the unknown blade thickness) is set to zero and equation
(32) is solved for the blade section modulus ct2; then
the third-order (35) is solved to determine the unknown
quantity xso obtaining chord length cand, in turn, blade
thickness t.

Once this first guess for thickness distribution is derived,
it possible to evaluate the actual value for σc (30) and the
foregoing procedure is repeated until satisfactory conver-
gence is achieved on the parameters involved.

(uas)2
(uas)2

(uts)1

(uti)2

(uai)1

(uts)2

(uai)2

β2β1

ωr1 = πn(xD)1 ωr2 = πn(xD)2

Forward propeller Aft propeller

Va1 = Vs(1−wx1)

Va2 = Vs(1−wx2)

Vr2
Vr1

βi2
βi1

Figure 2: Velocity diagram of inviscid velocities at each blade
section.

Some additional constraints are needed to ensure a
minimum blade thickness at tip sections (usually 3% of
propeller radius) and a maximum thickness over chord ratio
at blade root (normally 15% or less).

The designer is allowed to define different cavitation
and strength margins for fore and aft propellers by setting
different values for KP and Krob.

2.5. Lifting Surface Corrections. A numerical procedure for
determining the lifting surface corrections is presented
following the work by Greeley and Kerwin [13]. The aim is
to find the correction to a first guess camber and pitch of the
blade sections calculated after the lifting line design program,
ensuring a given load distribution over the chords and the
same total design thrust.

A Cartesian coordinate system is fixed on the propeller;
the x axis is the axis of the propeller shaft with its positive
pointing upstream, the y axis is an axis on the first blade
arbitrarily selected so as to pass through the mid chord at
r = 0.7R with its positive outward, and the z axis is the
third axis and has its positive in accordance with the right-
hand rule. It is also possible to define a cylindrical coordinate
system (shown in Figure 2) in which a point in space can be
defined by (r, θ, x) where r is the radial coordinate, θ is the
angular coordinate, and x is the same as defined above.

Fundamental assumption for the development of the
theory can be summarized as follows.

(i) Propeller blades are modelled by a lattice of concen-
trated straight-line/constant strength bound vortices
for describing the chordwise and spanwise loading
distribution.

(ii) Sources/sinks are sued to allow for thickness effects.

(iii) The lattice is located on the mean surface of the
propeller.

(iv) The effect of slipstream contraction and wake align-
ment in terms of pitch and radial distribution of the
free vortices is considered following Greeley-Kerwin
[13] in the more generalized version of Grassi and
Brizzolara [9].

(v) The fluid is inviscid and incompressible.

(vi) The flow is steady and axisymmetric.
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Figure 3: Reference system for bound and free circulation.

The strength of the bound circulation (found with the
lifting line model) is given by

G(r) =
∫ ϑl(r)

θt(r)
Gr(r, ϑ)dϑ. (37)

θr(r) and θl(r) express the angular position of the blade
section leading edge and trailing edge in a cylindrical
reference system of Figure 3; Gr is the nondimensional
circulation distributed on the blade mean surface, on a
structured mesh of discrete (concentrated) vortex segments
and G is the total nondimensional spanwise circulation
defined as

G = Γ

πDv
. (38)

The strength of the helical free vortices can be easily
calculated as stated in the following:

Gf = −dG(r)
dr

dr. (39)

By combining (37) and (39), one obtains the relation
between the strength of the free vortices and the strength of
the spanwise vortices:

Gf (r) = − d

dr

∫ ϑl(r)

ϑt(r)
Gr(r, ϑ)dϑdr = −

∫ ϑl(r)

ϑt(r)

∂Gr(r, ϑ)
∂r

dϑdr

−Gr(r, ϑl)× dϑl
dr

dr +Gr(r, ϑt)
dϑt
dr

dr.

(40)

It is now possible to calculate the strength of the chordwise
vortices on the blade surface:

Gf (r, ϑ) = −Gr(r, ϑl)
dϑl
dr

dr

−
∫ ϑl(r)

ϑ

∂Gr

∂r
(r, ϑ0)dϑ0dr, ϑl ≥ ϑ ≥ ϑt.

(41)

As previously stated, the continuous distribution of circu-
lation and sources described above is replaced by a discrete
lattice of vortex/sources elements through a sub-division in
the radial and chordwise direction.

In order to align the mean surface of the blade with the
local flow velocity, the calculation of the velocity Vi induced
by this vortex/sources mesh is needed: by the application of
Biot-Savart, law one obtains

Vi(P)
V

= − 1
2

∫∫

A1

Gr(r, ϑ)
(

S× dr
S3

)
dϑ

− 1
2

∫∫

A1+A2

Gf (r, ϑ)
(

S× dl
S3

)
,

(42)

where S and dl are, respectively, a vector from the vortex
segment to the point P and the elementary vector tangent
to the vortex line. A1 and A2 are the area of the lifting surface
and the area of the helical surface behind the trailing edge of
the blade.
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Figure 4: Chordwise coordinate transformation Ψ (as from [13]).

By further defining A3 as the area between the trailing
edge and a generating line along which a lifting line would be
placed, it is possible to rewrite (42) as follows:

Vi(P)
V

= − 1
2

∫∫

A1

Gr(r, ϑ)
(

S× dr
S3

)
dϑ +

Vi

Vliftingline

+
1
2

∫∫

A1

[

Gr(r, ϑl)
dϑl
dr

+
∫ ϑl(r)

ϑ

∂Gr

∂r
(r, ϑ0)dϑ0

]

×
(

S× dl
S3

)
dr+

− 1
2

∫∫

A3

dG

dr
(r)
(

S× dl
S3

)
dr.

(43)

Since this gives the induced velocity by a single blade, it is
necessary to sum all the contributions due to the Z propeller
blades.

The bound circulation distribution Γr in the previous
equations can be expressed by the following equation:

Γr(r, ϑ) = γ(r)

⎡

⎣C0(r) + A0(r)cot
ψ

2
+

m∑

n=1

An(r) sin
(
nψ
)
⎤

⎦,

(44)

where γ(r) = Γ(r)/(θτ − θλ); C0, A0, and An are constant
coefficients and, in general, are functions of r; Ψ is the new
chordwise coordinate and is defined as per Figure 4:

ψ = cos−1
[

1− 2
ϑt(r)

(ϑl(r)− ϑ)
]
. (45)

The first term of (44) represents a constant load distribution
due to angle of attack; the third, some arbitrary distribution
in the form of a sine series with amplitude functions An. The
first three coefficients are coupled by the following relation:

C0(r) +
π

2

[
A0(r) +

1
2
A1(r)

]
= 1, (46)

so that (37) is satisfied.
The effect of thickness is then addressed by introducing

a source-sink system distributed over the blade as a lattice
whose strength σ(r, θ) is calculated by means of the classical
linear approximations from airfoil theory:

(
Vi(P)
V

)

thickness

=
∫ 1

rh

∫ ϑt(r)

ϑl(r)
σ(r0, ϑ0)×Hs(P, r0, ϑ0)

∣
∣∣
∣
∂xc
∂ϑ0

∣
∣∣
∣dϑ0dr0,

(47)

where Hs is the velocity induced at the point P by a unit
source located at point r, θ.

Once the total-induced velocity Vi tot = Vi + Vi thickness is
computed, it is possible to prescribe the boundary condition
to be satisfied on the blade surface:

α(r) +
∂ fp(r, xc)

∂xc
= (Vi tot)n

Vr
(r, xc)− U

Vr
(r), (48)

where α(r) is the angle of attack, fp is the camber along
the chord xc, Vr is the resultant inflow velocity to the blade
section, U is the resultant-induced velocity from lifting line
theory, and (Vi tot)n is the induced velocity normal to blade
chord. To determine α, the following integral is computed
starting from the leading edge to the trailing edge, being fp
equal to zero:

fp(r, xc) + xcα(r) =
∫ xc

0

[
Un(r, ϑ)
Vr

− U(r)
Vr

]
dϑ. (49)

Then a new nose-tail line can be drawn based on the new
pitch and a new camber distribution along the chord can be
computed.

From the numerical point of view, the foregoing bound-
ary condition is implemented through the computation of
the total-induced velocity at a defined number of control
points; the actual lattice geometry is then displaced accord-
ingly along cylindrical sections. The vortex/source lattice
is then recomputed and induced velocities updated until a
satisfactory convergence is achieved on the geometry itself.

An iterative approach is needed performing two comput-
ing loops: an inner loop to align the singularities located on
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the blade and wake with the resulting flow and an outer loop
which takes care of adjusting the circulation distribution in
order to deliver the prescribed thrust.

2.6. Calculation of Induced Velocities with a Fully Numerical
Lifting-Line Method. In order to calculate the entire velocity
field in the wake of the first propeller, a fully numerical
lifting line model with slipstream contraction effect has been
included in the design methodology. The expression for
induced velocities obtained by Lerbs, in fact, holds only at
the propeller disk and makes it impossible to calculate exactly
the induced velocities in the wake of the forward propeller.
Morgan made use of the Tachmindji infinitely bladed
propeller model to calculate the axial velocity component
induced by each propeller on the other. In the present
work, a more accurate model has been introduced, consistent
with the lifting line method used to design wake-adapted
propellers, where induced velocities are computed by making
use of the Biot-Savart law to the discrete bound vortex
elements and to the free trailing vortices. The velocity field
induced on a point P (defined by vector �r = P − P0) by a

three-dimensional vortex d�l = (P − P0) of strength Γ can be
derived through a modified version [14] of the well-known
Biot-Savart law:

d�V = Γ

4π
�r1 ×�r2

∣
∣�r1 ×�r2

∣
∣2

[

d�l ·
(
�r1∣
∣�r1

∣
∣ −

�r2∣
∣�r2

∣
∣

)]

, (50)

where

�r1 =
(−−−−→
P − P0

)
,

�r2 =
(−−−−→
P − P1

)
.

(51)

According to the foregoing expression, it is possible to derive
the velocity vector induced at a point P by a lifting line
(discretized by N parts of length Δ = R/N) and by a trailing
helical vortex line shed in the wake by the lifting line, once
defined a cylindrical coordinate system (r,Ψ, z) fixed on the
propeller, as represented in Figure 5.

This vortex line has the following geometrical parame-
ters: r0 = radius, βi0 = pitch angle, r0 M = longitudinal exten-
sion.

Which are related through the following equation:

z = r0 tan
(
βi0
)
Ψ. (52)

This helical vortex line can be divided into N regular
intervals, so obtaining N + 1 singularity elements located at
points:

zn = Mr0

N
(n− 1),

rn = r0,

ψn = zn
r0 tanβi0

= M

N tanβi0
(n− 1) n = 1, 2, . . . ,N + 1.

(53)

In order to achieve a good numerical convergence on the
computed velocities, the parameters M and N have to be
related to the pitch angle of the trailed vortex line βi0,
the number of blades g, and the ratio r/r0, which defines
the relative position between the trailing vortex line and the
radial position of the point where the velocities are evaluated.

Once defined the basic vortical elements, it is possible
to model the velocity field induced by a propeller by
superimposing several horseshoe lifting lines composed by
a bound vortex lying on the blade and two trailing vortices
directed downstream. Lifting line circulation is related to the
free vortex circulation by dividing the lifting line itself into
S equal intervals (so obtaining S + 1 trailing vortex) whose
intensity can be written as follows:

Γ
f
i = Γsi−1 − Γsi+1, (54)

(i) where Γ f > 0 counterclockwise when viewed in the
direction of positive z,

(ii) Γs > 0 counterclockwise when viewed in the direction
of positive r.

Given the bound circulation distribution Γs(r), the
hydrodynamic pitch angle distribution βi0(r) (both com-
puted for the actual propeller as described in Chapter 2.3),
the number of blades g, the propeller, and hub radius R and
rh, the numerical procedure calculates the velocity induced
on the point P through the described pure numerical model.

A comparison can be made between numerical calcu-
lations and analytical formulation (Lerbs’ theory) which is
valid rigorously only on lifting lines and on bisector lines
of the propeller disk between them. Figure 6 summarizes
this comparison in terms of tangential and axial induced
velocities (ut,ua) on the lifting line, showing a very good
agreement between analytical formulation and numerical
approach.

The same analysis can be applied to calculate the
average factors ( ft, fa) derived by Lerbs through (2) and the
interference factors (ga) computed following Tachmindji [3].
The average factors can be defined as follows:

fa = ua
ua

, ft = ut
ut

, (55)

where average velocity components (ua,ut) are defined as
follows:

ua(x, z) =
∫ 2π/g

0 ua
(
x, z,ψ

)
dψ

2π/Z
, (56)

ut(x, z) =
∫ 2π/g

0 ut
(
x, z,ψ

)
dψ

2π/Z
. (57)

Integrals in (56) can be computed numerically by evaluating
N + 1 velocity components at equally spaced angular
positions from Ψ = δ to Ψ = 2π/Z − δ: computation at
Ψ = 0 and Ψ = 2π/Z should be avoided in order to eliminate
the numerical instability near the lifting line (except for the
propeller disk).
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Figure 5: Reference systems used for the lifting line numerical model.
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Figure 6: Comparison between predictions of induced velocity
components using Lerbs [2] analytical formulation and developed
purely numerical lifting line model.

Comparison between numerical and analytical formu-
lation for ft and fa is shown in Figure 7 for one of the
application cases described in the following (see Section 4)
where a very good agreement between distributions confirms
the validity of the numerical model developed. Moreover the
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Figure 7: Comparison of the predicted average factor by the
numerical method against Lerbs [2] analytical formulation.

initial assumption about axial and tangential factors ( ft = fa)
is confirmed.

Interference factor ga (defined as the ratio between the
circumferential mean axial component induced by a given
propeller at a certain radial position on its disc and the
induced components at a different axial position z—see
(58) and (63)) can be computed only through a numerical
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approach; Lerbs analytical formulation, in fact, holds only at
propeller disk:

ga(x, z) = wa(x, z)
wa(x, z = 0)

− 1 For z > 0;

ga(x, z) = wa(x, z)
wa(x, z = 0)

+ 1 for z < 0.

(58)

As described in previous Section 2.1, Morgan follows a
simplified approach by Tachmindji which holds for optimum
infinitely bladed propeller model without any hub effect; in
this formulation interference, factors are related to x, z/R,
and λi, where

λi = λ

ηi
Hydrodynamic advance coefficient. (59)

It is interesting to compare interference factor computed
through numerical formulation with that calculated by
Tachmindji; results are shown in Figure 8.

The difference between the two formulations near the
hub can be easily explained considering that Tachmindji’s
infinite bladed propeller analytical approach distributes the
circulation on the whole propeller disk, so the circulation
distribution effectively goes to zero only at x = 0. The
difference above x = 0.6, instead, is to be attributed to
the infinite number of blades assumption inherent to the
analytical formulation used by Tachmindji.

The fully numerical approach followed by the authors for
evaluating interference factor allows a better estimation of
blade pitch especially in the outer radii blade region.

The specific effect of the hub on the circulation and local
blade geometry has been widely investigated and commented
in another work [15] in which a fully numerical lifting line
method with mirror images has been compared with the
present method for the design of contrarotating propellers.
As a global result, it was verified by a different method for the

Table 1: Characteristics of CR propellers experimentally tested.

Front propeller Rear propeller

Diameter (mm) 351 339

Blade area ratio 0.58 0.52

Pitch/diameter 0.7R 1.50 1.63

Chord/diameter 0.7R 0.39 0.48

Number of blades 4 3

analyses (vortex lattice, panel method, and RANSE) that the
hub effect is important for the pitch and camber distribution
at the blade root but does not particularly influence the
global hydrodynamic performance of the propeller.

2.7. Practical Importance of Lifting Surface Corrections. To
highlight the relative importance of the numerical or para-
metric lifting surface correction methods, the design code
has been run two times on the same design case with the
pitch and camber correction methods. The reference design
case corresponds to the propellers built and tested in the
cavitation tunnel described in the next section for validation
purposes.

Figures 9 and 10 present the pitch and camber distri-
butions, respectively, as obtained by using the uncorrected
present lifting line method; the approximated lifting surface
corrections of Morgan, Silovich, and Denny, as parametri-
cally defined by Oossanen Van [16]; finally by applying the
fully numerical lifting surface correction method described
in Section 2.5.

As evident from the Figures 9 and 10, large corrections
are applied to the pitch angles of the fore propeller sections
and to the camber of both propellers sections. The trend
of corrections calculation with the numerical lifting surface
method is in general to increase the pitch and camber at the
root of the blades for both propellers. The (unrealistically)
steep increase of pitch and camber of outer sections (x > 0.9)
closest to the tip is a known drawback of the lifting surface
method, caused by the rapid chord length reduction at this
location, and it is normally truncated on smaller values at
tip.

3. Experimental Validation

Two propellers designed with the proposed method have
been built and tested at the cavitation tunnel of the
University of Genoa with an arrangement, specially built for
the purpose by ZF Marine [17].

The main characteristics of the tested propellers,
designed with an early version of the present method, are
given in Table 1.

Results of the experimental measurements are synthe-
sized in Figures 11 and 12 that show the variation of the total
thrust and torque coefficients versus the advance coefficient
(calculated with the diameter of the fore propeller). All the
coefficients have been normalized, dividing the measured or
calculated thrust and torque by the given value used in the
design.
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Figure 11: Comparison between numerical and experimental total
thrust coefficients of a CRP set designed with the proposed method.

The reported numerical predictions were obtained using
a fully numerical lifting surface analyses method specifically
developed for CR propellers [18]. The predictions made with
the lifting surface method are very much consistent with the
values given as input to the design code, giving practically the
same values. The comparison with the measurements done
at design point (J/Jdes = 1) highlights an underprediction
of the total thrust by almost 10% with a better agreement
on the prediction of total torque, lower than about 5% of
the corresponding measured value. Higher thrust and torque
continue to be measured, with respect to the numerical
predictions, in general at advance ratio lower than the design
one. The accuracy level of the experiments, though, is not
easy to assess and some source of uncertainties remain in the
calculation of the effective advance and the speed with two
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Table 2: Design conditions for the propellers used in the parametric
investigation.

Design group A Design group B

Boat speed (kts) 40 30

Engine power (kW) 1070 1070

Propeller RPM 1200 1200

Fore diameter (mm) 750 750

CR propellers and a relatively large pod inside the cavitation
tunnel.

Recent feedback from full scale applications of propeller
sets designed with the present method on several high-speed
crafts has been very satisfactory, confirming the reliability
(within practical accuracy) of the developed numerical
methods.

4. Parametric Design Cases

The design tool described in the foregoing paragraphs has
been applied to six design cases in order to underline the
influence of the input parameters/settings on the resulting
propeller geometry. The target applications are two planing
crafts equipped with pod propulsion and running at different
top speeds: design cases are grouped into two classes (A and
B) depending on target speed. Design input data common to
each group are described in Table 2.

4.1. Design Group A. Design group A shows the effect of
strength Krob and cavitation KP margins, according to (31)
and (33), on blade chord length and thickness distributions.
The foregoing parameters have no major influence on pitch
and camber distributions; therefore, these curves are not
shown in the following graphs but they will be given in
Section 4.2 where the effect of design speed, number of
blades, and unloading factor on blade geometry will be
discussed.

Input data for propellers of design group A are listed in
Table 3.

Obtained blade geometry is shown in the graphs of
Figures 13, 14, 15, and 16.
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Table 3: Main characteristics of CR propellers used for the
parametric investigation.

Case A-l Case A-2 Case A-3

Front number of blades 4 4 4

Aft number of blades 4 4 4

Front EAR 0.82 0.87 0.79

Aft EAR 0.94 0.98 0.89

Strength margin 5 6 5

Cavitation margin fore 0.78 0.78 0.83

Cavitation margin Aft 0.7 0.7 0.75

Unloading curve Y Y Y

Propeller efficiency 0.704 0.699 0.71

Table 4

Case B-1 Case B-2 Case B-3

Front number of blades 4 5 4

Aft number of blades 4 5 4

Front EAR 0.84 0.93 0.84

Aft EAR 0.97 1.07 0.97

Strength margin 5 5 5

Cavitation margin fore 0.78 0.78 0.78

Cavitation margin Aft 0.7 0.7 0.7

Unloading curve Y Y N

Propeller efficiency 0.648 0.646 0.650

As already mentioned, a given maximum thickness over
chord ratio (common to all design cases) is imposed at blade
root in order to avoid the prescription of small chord lengths
by the design method, due to the zero-circulation value at
the hub: therefore, the computed thickness and chord-length
values at this radial position essentially depend only on the
prescribed t/c and resulting blade sectional modulus. This
last parameter is not influenced by the cavitation margin as
it is demonstrated in cases A-1 and A-3 that show the same
thickness and chord-length at the hub: at the outer radial
positions, case A1 (lowest cavitation margin) shows higher
chord length values and lower thicknesses when compared
with case A-3. On the other hand, case A-2 (higher strength
margin) presents the largest chord lengths and thicknesses
distributions at all radii.

Finally, the best efficiency, as expected, is achieved by case
A-3 which was obtained by imposing the minimum cavi-
tation and strength margins.

4.2. Design Group B. As described in the foregoing para-
graph, design group B has been generated with the aim of
discussing the influence of design speed, number of blades,
and the type of loading curve on resulting blade geometry
and propeller performance. Input data for propellers of
group B are listed in Table 4.

Resulting blade geometry in terms of blade outline and
thickness distribution is shown in Figures 17, 18, 19, and 20.

As expected, the five bladed set results in lower chord
length/thicknesses compared to the four bladed cases.
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Unloaded and optimum circulation cases (B-1 and B-3)
consistently show differences on designed camber and pitch
in the area where the optimum circulation is unloaded, that
is, at the tip and at the root, especially on pitch, as per
Figures 21 and 22.

The resulting blade geometry in terms of pitch/diameter
and maximum camber/chord ratio is shown in Figures 21,
22, 23 and 24: in order to discuss the effect of design speed
on the mentioned distributions, also values obtained for Case
A-1 (the 19 most representative of group A) are included.

The highest design speed (= minimum thrust) required
in group A results in lower camber/chord length distribution
and higher pitch/diameter when compared to group B.

Finally, the effect of a nonoptimum design circulation
obtained by unloading the curve at the root and tip regions
as shown in Figures 25 and 26 is to decrease pitch and camber
ratios at inner and outer radii and to increase it around mid-
span (B1 versus B3).

The loss of propeller efficiency due to the unloading
procedure is quite small compared to the original load
distribution, but the effective reduction on local cavitation
and strength of hub and tip vortexes is important.
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5. Conclusions

An integrated method based on lifting line/lifting surface
theory for the design of modern high-speed counterrotating
propeller has been presented in its principal theoretical
aspects. New theoretical elements have been introduced with
respect to the classical theory of Morgan/Lerbs, namely,
the exact lifting surface correction, the exact calculation
of mutual velocity induction coefficients, a new way of
imposing strength and cavitation criteria, a new method to
consider different blades number on the two propellers, and
an unloaded circulation distribution.

The method has proven to be very effective in the design
of cavitation-free counterrotating propeller optimized for
efficiency, as presented in the validation study by means of
model tests in Section 3.

The effect of main design parameters introduced in
the new design method has been discussed through appli-
cation examples, in particular the effect of the strength
and cavitation margins and the effect of an unloading
function applied to the optimum circulation distribution.
Additionally, the effect of the blade number and design speed
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Figure 26: Nondimensional circulation, aft propeller.

is also considered and analysed through dedicated design
cases.

In principle (according (32) to (35)), strength and
cavitation margins are both influencing blade sectional
modulus: however, from the numerical point of view, the
influence of the strength margin is much more significant as
demonstrated by design cases A1 and A3. Accordingly, once
the same strength margin level is set, the effect of a change
of the cavitation margin is to increase chord lengths and, at
the same time, to reduce thicknesses (since blade sectional
modulus has to maintain its value regulated by the strength
margin).

As expected (referring to Section 4.2), the effect of an
increased number of blades is to reduce blade chord/thick-
ness ratio and the pitch/diameter camber/chord ratios, due
to a requested lower load on each blade.

The introduction of an unloading curve (which results in
reduced pitch/diameter and camber/chord ratio at root and
tip radii) has proven to be effective to avoid cavitation at both
blade extremities, without significantly affecting open water
efficiency.

Experience achieved so far with the new design method
have been very satisfactory, and its use is encouraged by
the authors, as recently verified also at full scale in a recent
installation on a planing pleasure yachts with two pod
propulsors. This first application confirmed the predicted
performance of the propeller designed by the authors,
improving its top speed by nearly two knots with respect to
twin screw conventional shaft line arrangement; the increase
in top speed is expected to be even more significant (up
to 4 knots) if pod propulsors were fitted in the original V-
shape stern hull form, which was on the contrary modified
with semitunnels. The difference in bare hull resistance
between the two stern arrangements has been predicted by
viscous flow numerical solvers, with a model similar to those
validated by Brizzolara and Villa [19].

Future developments foresee the enhancement of the
method with new numerical procedure to determine the
optimum load distribution on the two propellers based on
a fully numerical lifting line method which might overcome
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the limitation given by the equivalent propeller theory used
here at the expense of a more complex procedure which is
currently under validation.
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The numerical predictions of the cavitating flow around two model scale propellers in uniform inflow are presented and discussed.
The simulations are carried out using a commercial CFD solver. The homogeneous model is used and the influence of three
widespread mass transfer models, on the accuracy of the numerical predictions, is evaluated. The mass transfer models in question
share the common feature of employing empirical coefficients to adjust mass transfer rate from water to vapour and back, which
can affect the stability and accuracy of the predictions. Thus, for a fair and congruent comparison, the empirical coefficients of the
different mass transfer models are first properly calibrated using an optimization strategy. The numerical results obtained, with the
three different calibrated mass transfer models, are very similar to each other for two selected model scale propellers. Nevertheless,
a tendency to overestimate the cavity extension is observed, and consequently the thrust, in the most severe operational conditions,
is not properly predicted.

1. Introduction

In the field of marine applications, and in the particular
case of marine propellers, the onset of cavitation is, in
general, associated with negative design implications such as
thrust reduction, noise, vibration, and erosion. In the last
decades, also owing to the steady increasing of the computer
performances, in order to improve the design process, several
CFD (Computational Fluid Dynamics) methods have been
developed for the prediction of the cavitation appearance
and the estimation of its effects.

In this study, we evaluated the capabilities of the homo-
geneous, that is, one-fluid model implemented in the ANSYS
CFX 12 (for brevity CFX hereafter) commercial CFD solver,
for the prediction of cavitating flow around model scale
propellers working in uniform inflow. This model treats the
cavitating flow as a mixture of two fluids behaving as a
single one. The set of the governing equations is composed
by the (volume) continuity and momentum equations
for the mixture, plus a transport equation for the water
volume fraction. The mass transfer rate due to cavitation is
regulated by the same source term appearing in the (volume)

continuity and volume fraction equations. This source term,
in CFX, using the default setting is modelled by employing
the mass transfer model originally proposed by Zwart et al.
[1] (Zwart for brevity). However, in literature several other
mass transfer models are available (see [2]). Thus, in order
to improve the reliability of the simulations besides the Zwart
model we employed also two other widespread mass transfer
models: the model originally proposed by Kunz et al. [3]
(for brevity Kunz) and the model originally proposed by
Singhal et al. [4] also known as Full Cavitation Model (FCM
hereafter). The Kunz and FCM models were added to the
CFX solver using CEL (CFX Expression Language).

It is fundamental to clarify that the considered mass
transfer models share the common feature of employing
empirical coefficients to adjust the mass transfer rate due
to condensation and evaporation processes, and their values
can significantly affect both the stability and accuracy of the
numerical predictions. Thus, in order to correctly evaluate
the influence of the three different mass transfer models on
the stability and accuracy of the numerical predictions, their
empirical coefficients were first properly and congruently
calibrated using an optimization strategy [5]. The models
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were calibrated considering the two-dimensional stable sheet
cavity flow around a NACA-66(MOD) hydrofoil. The cali-
brated mass transfer models were then used to investigate the
cavitating flow around two model scale propellers recognized
as international benchmarks, that is, E779A propeller and
PPTC propeller.

The numerical results were compared with the avail-
able experimental data. For both propellers, three selected
operational conditions, corresponding to the appearance of
partial and/or tip vortex cavitation, were considered [6, 7].
For such conditions, the numerical results obtained with the
different calibrated mass transfer models were very similar to
each other and compared well with the experimental data,
even though the numerical cavitation patterns were slightly
overestimated. However, in the case of E779A propeller
where also the more severe operational conditions were
simulated, the thrust breakdown was not properly predicted.

In the following, the homogeneous (one-fluid) model
used in this study is presented first, followed by the
description of the optimization strategy used to calibrate the
different mass transfer models. Then the results obtained
considering the cavitating flow around the two different
model scale propellers are provided. Eventually, some con-
cluding remarks are given.

2. Mathematical Model

Cavitating flows can be modelled using several methods.
An excellent review of different methods is provided for
instance by Koop [8]. In this work, we used the homogeneous
transport equation-based model [9, 10], described in the
following.

2.1. Governing Equations. As already indicated the cavitating
flow is modelled as a mixture of two species, that is, vapour
and liquid behaving as a single one, where both phases share
the same velocity as well as pressure fields.

In the case of the RANS (Reynolds-averaged Navier
Stokes) approach to turbulence, employing the eddy viscosity
models and assuming both liquid and vapour phases incom-
pressible, turbulent cavitating flows can be described by the
following set of governing equations:

∇ ·U = ṁ

(
1
ρL
− 1
ρV

)

,

∂
(
ρU
)

∂t
+∇ · (ρUU

) = −∇P +∇

·
[(
μ + μt

)(∇U + (∇U)T
)]

+ S,

∂γ

∂t
+∇ · (γU

) = ṁ

ρL
,

(1)

which are, in order, the volume continuity and the momen-
tum equation for the liquid-vapour mixture and the volume
fraction equation for the liquid phase. In the above equa-
tions, ρL (kg/m3) and ρV (kg/m3) are the liquid and vapour

densities, respectively. U (m/s) is the averaged velocity and
P (Pa) the averaged pressure. S represents the additional
momentum sources (e.g., the Coriolis and centrifugal forces
in the rotating frame of reference). γ is the water volume
fraction which is related to the vapour volume fraction α
through the volume fraction constraint:

γ + α = 1. (2)

The mixture density ρ (kg/m3) and laminar dynamic viscos-
ity μ (kg/ms) are evaluated according to

ρ = γρL +
(
1− γ)ρV ,

μ = γμL +
(
1− γ)μV ,

(3)

where μL (kg/ms) and μV (kg/ms) are the liquid and vapour
dynamic viscosities, respectively. ṁ (kg/m3s) represents the
interphase transfer rate due to cavitation. In this study, ṁwas
modelled using alternatively the three different mass transfer
models presented in the next section.

Finally, in order to close the system of the govern-
ing equations, the mixture turbulent viscosity μt (kg/ms)
was evaluated using the eddy viscosity turbulence models
developed for the single phase flow. In particular, the two-
equations standard k-ε and SST (shear stress transport)
turbulence models were employed. For the description of the
above turbulence models we refer to [10–12].

2.2. Mass Transfer Models. The mass transfer models
describe/regulate the interphase mass transfer rate due to
cavitation. In the last two decades, several authors proposed
different mass transfer models.

In the following, we provide a brief description of three
different mass transfer models employed in this study, where
the interphase mass transfer rate due to cavitation was
assumed positive if directed from vapour to water. These
models, except for the full cavitation model, are simplified
versions of the original formulations, where the contribution
of the dissolved gasses was omitted.

2.2.1. Zwart Model. The Zwart model is the native CFX mass
transfer model. It is based on the simplified Rayleigh-Plesset
equation for bubble dynamics [13]:

ṁ =

⎧
⎪⎪⎪⎪⎪⎪⎨

⎪⎪⎪⎪⎪⎪⎩

−Fe 3rnuc(1− α)ρV
RB

√
2
3
PV − P
ρL

if P < PV

Fc
3αρV
RB

√
2
3
P − PV
ρL

if P > PV .

(4)

In the above equations, PV is the vapour pressure, rnuc is
the nucleation site volume fraction, RB is the radius of a
nucleation site, and Fe and Fc are two empirical calibration
coefficients for the evaporation and condensation processes,
respectively. In CFX, the above mentioned coefficients, by
default, are set as follows: rnuc = 5.0 × 10−4, RB = 2.0 ×
10−6 m, Fe = 50, and Fc = 0.01.

Moreover, the above equations show that expressions
for condensation and evaporation are not symmetric.
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In particular, in the expression for evaporation, α is replaced
by rnuc(1−α) to take into account that, as the vapour volume
fraction increases, the nucleation site density must decrease
accordingly.

2.2.2. Full Cavitation Model. The mass transfer model
proposed by Singhal et al. [4], originally known as full
cavitation model, is currently employed in some commercial
CFD codes, that is, FLUENT [14] and PUMPLINX [15]. This
model is also based on the reduced form of the Rayleigh-
Plesset equation for bubble dynamics, and its formulation
states as follows:

ṁ =

⎧
⎪⎪⎪⎪⎪⎪⎨

⎪⎪⎪⎪⎪⎪⎩

−Ce
√
k

T
ρLρV

√
2
3
PV − P
ρL

(
1− fV

)
if P < PV

Cc

√
k

T
ρLρL

√
2
3
P − PV
ρL

fV if P > PV ,

(5)

where fV is the vapour mass fraction, k (m2/s2) is the
turbulent kinetic energy, T (N/m) is the surface tension, and
Ce = 0.02 and Cc = 0.01 are two empirical calibration
coefficients.

It is important to note that in this work, for convenience,
we did not use the original formulation of the model, but
the formulation derived by Huuva [16] in which the vapour
mass fraction, fV , is replaced by the vapour volume fraction
α.

2.2.3. Kunz Model. The Kunz mass transfer model is based
on the work of Merkle et al. [17] and currently is one of
the mass transfer models implemented in the OpenFOAM
library [18]. In this model, unlike the above mentioned
models, the mass transfer is based on two different strategies
for creation ṁ+ and destruction ṁ− of liquid. The transfor-
mation of liquid to vapour is calculated as being proportional
to the amount by which the pressure is below the vapour
pressure. The transformation of vapour to liquid, otherwise,
is based on a third-order polynomial function of volume
fraction, γ. The specific mass transfer rate is defined as ṁ =
ṁ+ + ṁ−:

ṁ+ = CprodρVγ2
(
1− γ)

t∞
,

ṁ− = CdestρVγ min[0,P − PV ]
(
1/2ρLU2∞

)
t∞

.

(6)

In the above equations, U∞ (m/s) is the free-stream velocity
and t∞ = L/U∞ is the mean flow time scale, where L is the
characteristic length scale. Cdest and Cprod are two empirical
coefficients. In the original formulation Cdest = 100, Cprod =
100.

3. Calibration of Mass Transfer Models

As described in the former section, in the homogeneous
transport equation-based model, a particular mass transfer

model which regulates the mass transfer rate from liquid to
vapour and back is needed in order to simulate cavitating
flow.

In this study, we employed the Zwart model, the FCM
model, and the Kunz model. As already indicated in the pre-
vious section, these models employ empirical coefficients to
tune the models of condensation and evaporation processes,
that in turn can influence the accuracy and stability of the
numerical predictions.

Thus, in order to ensure, for all three different mass
transfer models, the stability and a good level of accuracy
of the predictions, the empirical coefficients of the three
different mass transfer models were properly calibrated using
an optimization strategy. The entire calibration process was
driven by the modeFRONTIER 4.2 optimization system
and is described in the following. We remind that mode-
FRONTIER [19] is a general integration and multiobjective
optimization platform, which can drive a variety of CAE
packages and provide statistical and visualization tools. It
is commonly used for functional and shape optimization
of systems and devices, for example, see [20]. It is worth
to say that with the developed strategy, the empirical
coefficients were tuned considering the two-dimensional
sheet cavity flow around the NACA66(MOD) hydrofoil [21].
In this manner, due to the lower computational costs, we
could explore, in a reasonable computational time and with
limited computational resources, a significant number of
coefficients’ combinations. Consequently, we had also the
opportunity to verify if the coefficients calibrated for the
hydrofoil case, could have a general character, and could be
successfully applied to the propeller flow problem.

3.1. The Idea and Logic of the Optimization Strategy. In the
developed optimization strategy, the three different mass
transfer models were properly calibrated by searching the
values of the empirical coefficients which minimized the
objective function f . The objective function represented the
differences between the numerical and experimental pressure
distributions on the suction side of a NACA66(MOD)
hydrofoil evaluated at an angle of attack AoA = 4◦ and for
three different cavitating flow regimes. More precisely, the
objective function f was expressed as follows:

f =
∑

σ

N∑

i=1

∣∣
∣CPi − CPi,Exp

∣∣
∣; σ = 1.00, 0.91, 0.84, (7)

where CPi and CPi,Exp were the numerical and experimental
values of the pressure coefficient, taken at N = 12 locations
on the suction side of the hydrofoil, and σ was the cavitation
number defined as follows:

σ = PREF − PV
(1/2)ρLU2∞

, (8)

where PREF (Pa) was the reference pressure and U∞ (m/s) the
free-stream velocity.

In order to find the values which minimized f , two
different optimization algorithms were run in sequence.
The design space was firstly explored using the MOGA-
II, a multiobjective genetic optimization algorithm available
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in modeFRONTIER 4.2 [19]. The MOGA-II was run for
ten generations starting from an initial DOE (design of
experiments) of ten designs randomly generated. In order
to refine the solution, the Simplex [22], single objective
optimization algorithm was used, starting from the three
best solutions obtained using MOGA-II. No significant
improvements were observed using the Simplex algorithm.

Figure 1 shows the logic of the optimization strategy,
where the optimizer block stays for both the MOGA-II and
Simplex algorithms, and where (X1, X2) represent the couple
of empirical coefficients for all three different mass transfer
models.

The numerical setup adopted to run the simulations,
within the optimization process, is briefly described in the
following. Further details can be found in [5].

3.2. Simulation Setup. During the optimization process, the
simulations were carried out using the following strategy.

The cavitating flow around the hydrofoil was simu-
lated on the rectangular domain shown in Figure 2. The
simulations were carried out in 2D and assuming steady-
state conditions. For turbulence closure, the standard k-
ε turbulence model, in combination with scalable wall
functions [10], was employed. The following boundary
conditions were applied. On solid surfaces (top, bottom, and
NACA66(MOD)), the no-slip condition was set. On outlet
boundary, a fixed static pressure, PREF = 202,650 Pa was
imposed and on the side faces the symmetry condition was
enforced. On inlet boundary, the values of the free-stream
velocity components and turbulence quantities were fixed.
Water and vapour volume fractions were set equal to 1 and
0, respectively. In order to match the experimental setup,
during the numerical simulations the same Reynolds number
was used. Since the water kinematic viscosity was assumed
νL = 8.92 × 10−7 m2/s, the free-stream velocity was set to
U∞ = 12.2 (m/s). Assuming a turbulence intensity of 1%, the
turbulent kinetic energy k and the turbulent dissipation rate
ε were set equal to k = 0.0223 m2/s2, ε = 0.1837 m2/s3 on
the inlet boundary. The water density was set equal to ρL =
997 kg/m3 and the maximum water-vapour density ratio was
limited to ρL/ρV = 1000 in order to ensure solver stability. All
the simulations were performed on a hexahedral grid with
58700 nodes which proved to give mesh independent results
[5], for fully wetted flow. Figure 3 shows the computational
mesh around the hydrofoil generated with the ANSYS-ICEM
mesh generator (ICEM hereafter). The average value of y+

evaluated on the solid surfaces of the hydrofoil was equal to
28. y+ was defined as y+ = μτ y/ν, where μτ = (τw/ρ)1/2 is the
friction velocity, y is the normal distance from the wall, and
τw is the wall shear stress.

3.3. Calibration Results. In this study, the evaporation Fe and
condensation Fc coefficients of the Zwart model were tuned
within the following ranges: 30 ≤ Fe ≤ 500, 5.0 × 10−4 ≤
Fc ≤ 8.0× 10−2. The best result was found with Fe = 300 and
Fc = 0.03.

For FCM, the values of the evaporation coefficient Ce
and of the condensation coefficient Cc were tuned within

Generate initial set 
of designs by DOE

Solve cavitating flows

Compute objective, 

function f(X1, X2)

Stop
condition

Set current design,
 couple (X1, X2)

Postprocessing

True

False

modeFRONTIER

Optimizer

CFD solver

Figure 1: Logic of the optimization strategy.

−3.5c 0 5.5c
−2.5c

0

2.5c
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Top

Bottom

NACA66(MOD)Inlet

Figure 2: NACA66(MOD), shape of the computational domain.

Figure 3: Mesh around the NACA66(MOD) hydrofoil.
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Table 1: Default and calibrated coefficients for the different mass
transfer models.

Zwart FCM Kunz

Fe Fc Ce Cc Cdest Cprod

Default 50 0.01 0.02 0.01 100 100

Calibrated 300 0.03 0.40 2.3E − 04 4100 455

the following ranges: 0.01 ≤ Ce ≤ 1, 1.0 × 10−6 ≤ Cc ≤
1.0 × 10−2. The best solution was found with Ce = 0.40 and
Cc = 2.30× 10−4.

For Kunz, the designs space was defined as follows: 100 ≤
Cdest ≤ 5000, 10 ≤ Cprod ≤ 1000. The best solution was
achieved with Cprod = 455 and Cdest = 4100. In the Kunz
model, in order to set the mean flow time scale t∞ = L/U∞,
the chord of the hydrofoil was chosen as a length scale, L,
following [16].

For the sake of completeness, Table 1 highlights that the
empirical coefficients which resulted from the calibration
process were quite different compared to the default ones.
The differences between the calibrated and default values of
the coefficients were lower for the Zwart model, probably
because being this one the native mass transfer model of
CFX, the suggested empirical values have been already found
to work well for a wide range of applications.

Figure 4 shows, for instance for σ = 0.91, how the cavities
predicted with the noncalibrated mass transfer models had a
lower vapour content and were shorter than those obtained
with the calibrated models. These differences were more
pronounced for the FCM and Kunz mass transfer models.
As a matter of fact considering the suction side pressure
distributions depicted in Figure 5, it is possible to note that
with the noncalibrated mass transfer models, and especially
with the Kunz and FCM mass transfer models, the numerical
cavities were significantly underpredicted compared to the
experimental ones, for all the three different cavitating flow
regimes, that is, σ = 1.00, 0.91, and 0.84. On the other
hand, from the cavitation patterns presented in Figure 4, and
the suction side pressure distributions given in Figure 6, it is
possible to appreciate that the numerical results provided by
the three different calibrated mass transfer models were very
close to each other and in line with the experimental data.

Finally, let us clarify that before being applied to the
predictions of the three-dimensional cavitating flow around
model scale propellers, the three different calibrated mass
transfer models were first assessed considering further two-
dimensional sheet cavity flow regimes around a hydrofoil [5].

4. Model Scale Propellers

4.1. Test Cases. In this study, the model scale propellers
E779A and PPTC, depicted in Figure 7, were considered.

The E779A propeller is a four-bladed, fixed-pitch, and
low-skew propeller, designed in 1959 with a diameter D
= 0.2272 m. Since 1997, it has been used in experimental
activities performed by INSEAN (Istituto Nazionale di Studi
ed Esperienze di Architettura Navale) aimed at providing

Table 2: Distances of the boundaries/surfaces from the propeller
mid plane in axial direction for inlet, outlet, front, aft, and from the
propeller rotation axis centreline in radial direction for outer and
top.

Propeller Inlet Outlet Outer Front Aft Top

E779A 3.40D 5.35D 5.00D 0.40D 0.35D 0.70D

PPTC 2.30D 5.30D 5.00D 0.41D 0.31D 0.60D

a thorough characterization of marine propeller hydrody-
namics and hydroacoustics over a wide range of operational
conditions. It has been widely used for the validation of CFD
codes (e.g., see [23–25]).

The PPTC (Potsdam Propeller Test Case) is a five-bladed,
controllable pitch propeller having a diameter D = 0.250 m
which was used as a blind test case at the 2011 Workshop
on Cavitation and Propeller Performance, [26]. A significant
amount of the data covering propeller’s geometry, open
water tests, velocity field measurements, and cavitation tests
is currently available in [27]. The experimental data were
recorded in the towing tank and cavitation tunnel of the SVA
(Potsdam Model Basin) [7, 28, 29].

4.2. Solution Strategy. The propellers were assumed to work
in a uniform inflow and thus only one passage blade was
modelled for computational convenience. Figures 8 and 9
show the shapes of the computational domains used in the
case of the E779A propeller and PPTC propeller, respectively.
The domains’ dimensions are listed in Table 2.

Both domains were subdivided in two regions, that is,
Rotating and Fixed, and the following boundary conditions
were applied: on inlet boundary, the free-stream velocity
components and a turbulence level of 1% were set. On
outlet boundary, a fixed value of the static pressure was
imposed. On the periodic boundaries (sides of the domain),
the rotational periodicity was ensured. On solid surfaces
the no-slip boundary condition was applied, and on outer
boundary, the slip condition was set. Since the propeller
rotation was simulated using the MRF (Multiple Reference
Frame) approach in the stationary region called Fixed, the
governing equations were solved into a fixed frame of
reference, while into a rotating region called Rotating, the
governing equations were solved into a rotating frame of
reference. For the discretization of the advective terms, the
high resolution scheme was used [10].

For turbulence closure, the two-equation SST turbulence
model was used in combination with the automatic wall
treatment [10, 30].

For a given value of the advance coefficient J = U/nD,
a particular cavitating flow regime was set according to
the cavitation number σn defined, for the propeller case, as
follows:

σn = PREF − PV
0.5ρL(nD)2 , (9)

where n (rps) is the propeller rotational speed and PV (Pa) is
the vapour pressure. In this study, we assumed PREF = POutlet.
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Figure 4: Sheet cavities over the NACA66(MOD) hydrofoil at AoA = 4◦, Re = 2 × 106, σ = 0.91, computed using noncalibrated (a) and
calibrated (b) mass transfer models.
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Figure 5: NACA66(MOD) hydrofoil at AoA = 4o, Re = 2 × 106.
Suction side pressure distributions computed using noncalibrated
Zwart, FCM, and Kunz mass transfer models.

For all the different cavitating flow regimes, the numer-
ical predictions were carried out using alternatively all the
three different calibrated mass transfer models.

4.3. Meshing. For both propellers, the meshes of the two
different domain regions, that is, Fixed and Rotating, were
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Figure 6: NACA66(MOD) hydrofoil at AoA = 4o, Re = 2 ×
106. Suction side pressure distributions computed using calibrated
Zwart, FCM, and Kunz mass transfer models.

generated independently from each other. They were gener-
ated with ICEM without trying to ensure a 1 : 1 matching
of the nodes at the interfaces (the common surfaces of the
two different domain regions). The different domain regions
were subsequently joined in CFX using the GGI (Generalized
Grid Interfaces) capabilities of the solver. From Table 3, it
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(a) (b)

Figure 7: Propellers’ CAD models. View looking downstream. E779A propeller (a), PPTC propeller (b). The propellers’ models are not
shown using the same scale.
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Figure 8: E779A, computational domain.
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Figure 9: PPTC, computational domain.

is possible to note that for both propellers the Rotating
region was discretized by a hexa-structured mesh which was
generated, as suggested in [31, 32], by decomposing that
domain region in a large number of blocks. The resolution
and also the quality of the cells were set through a proper
node distribution on the blocks edges.

Table 3: Computational grids.

Propeller
Nodes at rotating Nodes at fixed

Total nodes
Hexa Hexa Hybrid

E779A 644655 163041 807696

PPTC 1838655 275680 2114335

As far as the discretization of the Fixed region is
concerned, in the case of the E779A propeller a hybrid-
unstructured mesh was used, while in the case of the PPTC
propeller a hexa-structured mesh was employed. In the
case of E779A propeller, we preferred to use a hybrid-
unstructured mesh for Fixed, because we observed that using
the hexastructured approach the block decomposition led to
highly distorted elements in the twisted region over Rotating.

It is important to clarify that both mesh arrangements
used here proved to guarantee mesh independent results in
former studies [33, 34], and the average value of y+ measured
on blade surfaces was approximatively equal to 38 for E779A
propeller and 32 for PPTC propeller. Figure 10 illustrates the
blade surface meshes of both propellers.

4.4. Results and Discussion. Before discussing the results, it
is important to point out that in all the simulations the
maximum density ratio was limited to ρL/ρV = 1000 in
order to guarantee solver stability. Moreover, in the case
of the Kunz model the value of t∞ was set according to

the operational conditions as t∞ = C0.7R/
√
U2 + (2πn0.7R)2,

whereC0.7R was the propeller blade chord at 70% of propeller
radius R (m) and U (m/s) the incoming free-stream velocity.

The numerical results were quantitatively compared
considering the global values of the problem represented by
the thrust KT and torque KQ coefficients defined as follows:

KT = T

ρLn2D4
,

KQ = Q

ρLn2D5
,

(10)

where T (N) and Q (Nm) were the propeller thrust and
torque, n (rps) was the propeller rotational speed and D (m)
the propeller diameter.



8 International Journal of Rotating Machinery

(a) (b)

Figure 10: Suction side surface meshes, E779A propeller (a), PPTC propeller (b).
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Figure 11: Comparison of the cavitation patterns for three different operational conditions for the E779A propeller. The numerical cavitation
patterns, obtained using the three different mass transfer models, are depicted as isosurfaces of vapour volume fraction α = 0.5.

The relative percentage errors of the computed KT , KQ
values were defined as follows:

ΔKT (%) = KT ,CFD − KT ,EXP

KT ,EXP
· 100,

ΔKQ (%) = KQ,CFD − KQ,EXP

KQ,EXP
· 100,

(11)

where KT ,CFD, KQ,CFD were the numerical values and KT ,EXP,
KQ,EXP, the experimental values.

For a qualitative comparison, also sketches of cavitation
patterns were considered.

Next, the results obtained for the E779A propeller are
presented first, followed by those obtained for the PPTC
propeller.

4.4.1. E779A Propeller. The cavitating flow predictions were
carried out following the experimental setup suggested by
INSEAN [35] and reported in [6, 23].

In Figure 11, the cavitation patterns, predicted for
three particular operational conditions and using the three
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Figure 12: Influence of the cavitation number on the thrust
coefficient for the E779A propeller.
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Figure 13: Influence of the cavitation number on the thrust
coefficient for the E779A propeller.

different mass transfer models, are qualitatively compared.
From Figure 11, it is possible to note that the cavitation
patterns predicted with the three different mass transfer
models were very similar to each other. Even though the
cavitation patterns were slightly overestimated, from Table 4
it is possible to appreciate that for these operational condi-
tions the predicted values of thrust and torque coefficients
compared very well with the experimental data.

Figures 12 and 13 show that also covering a wider range
of operational conditions, the results obtained using the
different mass transfer models were similar. However, the
effect of cavitation number on thrust and torque was not
properly reproduced leading to the premature prediction of
the thrust breakdown.

This discrepancy between the numerical results and
experimental measurements could be probably related to the
overestimation of the cavitation pattern (see Figure 11).

Table 4: Relative percentage errors for the E779A propeller.

J σn
ΔKT (%) ΔKQ (%)

Zwart FCM Kunz Zwart FCM Kunz

0.71 1.763 −1.01 −2.27 −0.61 −1.63 −3.07 −1.60

0.77 1.783 2.11 1.46 2.35 −2.59 −3.18 −2.52

0.83 2.063 2.77 2.51 2.85 −2.33 −2.52 −2.35

4.4.2. PPTC Propeller. The numerical predictions were car-
ried out following the instruction kindly provided by the
smp’11 workshop organizers and thus the cavitating flow
predictions were carried out according to the thrust identity
(KT noncavitating flow conditions) for J = 1.019, J =
1.269, and J = 1.408. In our case, in order to fulfil this
requisite within an error tolerance of 3% in the case of the
smaller J value, that is, J = 1.019, the inflow velocity had
to be slightly reduced leading to J = 1.016. Table 5 collects
the KT values predicted for the three different operational
conditions and those obtained experimentally. Figure 14
shows that the cavitation patterns obtained using the three
different calibrated mass transfer models were, in general,
very similar to each other and compared very well with the
experimental visualizations for the considered operational
conditions, that is, (J = 1.019, σn = 2.024), (J = 1.269,
σn = 1.424), and (J = 1.408, σn = 2.000). From Table 6,
it is possible to note that the values of the thrust and
torque coefficients predicted using alternatively the three
different calibrated mass transfer models were surprisingly
very close to each other and in excellent agreement with the
experimental data for J = 1.019, σn = 2.024, even though the
shape of the cavitation pattern was properly reproduced only
with the FCM. Regarding other operational conditions, the
differences between the predicted and experimental values
were slightly more pronounced for the Zwart model at (J =
1.269, σn = 1.424) and for the FCM model at (J = 1.408,
σn = 2.000).

5. Concluding Remarks

In this study, a well-known commercial CFD solver, that
is, ANSYS-CFX 12, was used to predict the cavitating flow
around model scale propellers working in uniform inflow.
The simulations were carried out using the homogeneous
model, and the influence of three widespread mass transfer
models, on the accuracy of the numerical predictions, was
evaluated. The considered mass transfer models share the
common feature of employing empirical coefficients to
adjust the mass transfer rate due to the evaporation and
condensation processes, which can affect both accuracy and
stability of the numerical predictions. Thus, for a fair and
congruent comparison the empirical coefficients of the three
mass transfer models were first properly calibrated using
an optimization strategy driven by the modeFRONTIER 4.2
optimization framework. The models were calibrated on the
basis of the two-dimensional stable sheet cavity flow around
a hydrofoil.
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Figure 14: Comparison of the cavitation patterns for three different operational conditions for the PPTC propeller. The numerical cavitation
patterns, obtained using the three different mass transfer models, are depicted as isosurfaces of vapour volume fraction α = 0.5.

Table 5: Fulfil of thrust identity (KT non-cavitating) for PPTC
propeller.

CFD Exp.

J KT J KT

1.016 0.382 1.019 0.387

1.269 0.240 1.269 0.245

1.408 0.166 1.408 0.167

Table 6: Relative percentage errors for the PPTC propeller.

J σn
ΔKT (%) ΔKQ (%)

Zwart FCM Kunz Zwart FCM Kunz

1.019 2.024 0.13 0.40 0.67 −1.63 −1.11 −1.22

1.269 1.424 −5.04 −1.65 1.74 −4.15 −0.82 3.45

1.408 2.000 −2.35 −4.55 −2.35 −1.84 −2.45 −2.45

The calibrated models were then used to predict the
cavitating flow around the model scale propellers E779A and
PPTC.

No significant differences were observed in the sim-
ulations performed using alternatively the three different
calibrated mass transfer models. For selected operational
conditions, corresponding to the appearance of partial and
tip-vortex cavitation, the numerical results compared well

with the experimental data, even though the tendency to
slightly overestimate the cavity extension was observed.
Unfortunately, considering other more severe operational
conditions, the numerical results showed significant discrep-
ancies with the experimental data. Further investigations on
this aspect are in progress.
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A boundary element method (BEM) and a vortex-lattice method (VLM) are extended in order to predict the unsteady performance
of propellers subject to rigid body motions. The methods are applied in the case of prescribed surge and heave motions, and the
results are compared with those from other methods.

1. Introduction

Due to the unsteady motions of a ship, the operating pro-
peller is usually subjected to a time-dependent rigid body
motion which can drastically change the hydrodynamic per-
formance of the propulsion system and reduce the maneu-
verability of the ship. Incident waves tend to move the hull
in 6 DOF over a range of frequencies which in turn oscillate
the propeller in all possible degrees of freedom. In general,
a propeller operates in time-varying wake field and thus
generates vibratory forces causing severe wear and tear of the
propeller system. For all such cases, it becomes important to
consider the effect of unsteady contributions to the wake field
caused by waves and wave-induced motions. The combined
effect of these two contributions was investigated in the past
by Sluijs [1] and by Jessup and Boswell [2]. Later, efforts
were made by Parsons and Vorus [3] to assess added mass
and damping coefficients for a vibrating propeller. Sasajima
[4] adapted a quasi-steady approach to estimate propeller
bearing forces while Breslin and Andersen [5] in favored fully
unsteady approach as opposed to quasisteady approach for
calculating time-varying forces on propellers.

In the recent past, Lee and Kinnas [6] developed unsteady
wake alignment model to simulate propeller in nonaxisym-
metric flows. Politis [7] had modeled the unsteady motion

of propeller using a free wake model. Very recently, He [8]
developed a full unsteady wake alignment model for hydro-
foils and marine propellers which was incorporated by
Sharma et al. [9, 10] in modeling the unsteady motion of
hydrofoils and marine propellers.

In this paper, a computational approach to analyze the
hydrodynamic performance of a marine propeller under-
going unsteady motion is presented. Firstly, an unsteady
boundary element method (BEM) model for a general rigid
body motion problem is proposed. The kinematic and dyn-
amic boundary conditions of the BEM model are also incor-
porated into a Vortex Lattice Method (VLM) code. The BEM
model is first applied to a pitching hydrofoil followed by
validation of numerical results of the current model against
those obtained from a commercial RANS solver. The prob-
lem of flow around a marine propeller performing surge and
heave motion in unbounded fluid is then solved using both
VLM and BEM. A fully unsteady wake alignment algorithm
is implemented into the VLM code in order to satisfy the
force-free condition on the propeller wake surface. Finally,
a comparative study of unsteady propeller forces obtained
from BEM/VLM, RANS, and other available numerical
results is carried out and results are presented. The ultimate
goal of the present research work is to develop an integrated
6 DOF propeller-hull motion model by including complete
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propeller-hull interaction in time. A comprehensive analysis
of the flow around such system under most severe motions
can be performed by the proposed model.

2. Unsteady BEM Model for an Obstacle with
Rigid Body Motion

As shown in Figure 1, an obstacle is subject to rigid body
motion under an inertial frame of reference. Consider a fluid
particle which is at location x1 when t = t1. After a small
interval, when t = t2 = t1 + Δt, the particle is moved to a
new location x2. At the same time, the point on the body
which was at x1, when t = t1 is moved to a new location
x
′
1, due to rigid body motion. Two velocities, Ub and q, are

associated with the movement of the point on the body and
the fluid particle, where Ub is the velocity due to the rigid
body motion, which translated the point on the body from
x1 to x

′
1, and q is the total velocity which moved the fluid

particle from x1 to x2.
The velocity flow field can be decomposed into two com-

ponents: inflow velocity and perturbation velocity, written as

q = U∞ + u, (1)

where q is the total velocity, U∞ is the inflow velocity, and u
is the perturbation velocity due to the presence of obstacles.

2.1. Governing Equations. The methodology applied in this
study is based on the inviscid potential flow theory:

u = ∇φ, (2)

where φ is the perturbation potential. The perturbation
velocity field, therefore, is governed by the Laplace Equation:

∇2φ = 0. (3)

If the inflow is also irrotational, we can also define the total
potential Φ as

q = ∇φ +U∞ = ∇Φ. (4)

Appling Green’s second identity, the Laplace equation (3) can
be written as following boundary integrated form:

2πφp =
∫∫

SH

[

φp
∂G
(
p, p′

)

∂np′
− ∂φp
∂np′

G
(
p, p′

)
]

dS

+
∫∫

SW
φw
(
yp′
)∂G

(
p, p′

)

∂np′
dS,

(5)

where SH represents the surface of hydrofoil or propeller
blades and SW represents the surface of trailing edge
wake. G(p, p′) is the Green’s function, which is defined as
1/R(p; p′) in 3D, and 2 lnR(p; p′) in 2D.

2.2. Boundary Conditions

2.2.1. Kinematic Boundary Condition. Without viscosity, the
solid surface has to be treated as slip wall, which implies that

t = t1

t = t2 = t1 + Δt
q

U∞

x1

x2

x1

Ub

Figure 1: Schematic plot of an obstacle with rigid body motion.

the fluid particles on the surface of the body can only be
sliding on the surface. From Figure 1, we can easily obtain
the expression of the kinematic boundary condition on the
solid surface:

n · (q−Ub
) = 0, (6)

which can be rewritten as

∂φ

∂n
= −(U∞ −Ub) · n. (7)

It is convenient to define

Uin = U∞ −Ub. (8)

Therefore, the kinematic boundary condition can be written
as

∂φ

∂n
= −Uin · n. (9)

2.2.2. Dynamic Boundary Condition. The momentum equa-
tion for potential flow can be integrated into the form of
unsteady Bernoulli’s Equation:

P∞
ρ

+
1
2

U∞ ·U∞ = P

ρ
+

q · q
2

+
∂φ

∂t
, (10)

where P∞ is the reference pressure infinitely far upstream,
and P is the pressure in the field. It is more convenient to
treat the unsteady term in (10) with the material derivative
by using following identity:

Dφ
Dt

= ∂φ

∂t
+ q · ∇φ. (11)

Equation (10) becomes

P∞ − P
ρ

+
1
2

U∞ ·U∞ = q · q
2

+
Dφ
Dt

− q · ∇φ. (12)
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Following the definition in Figure 1, as Δt → 0, we have

Dφ
Dt

= φ(x2, t2)− φ(x1, t1)
Δt

= φ(x2, t2)− φ(x′1, t2
)

Δt
+
φ
(

x′1, t2
)− φ(x1, t1)
Δt

= ∇φ · x2 − x′1
Δt

+
δφ

δt

= ∇φ · (q−Ub
)

+
δφ

δt
,

(13)

where δφ/δt denotes the rate of change of the perturbation
potential associated with a solid particle on the surface of the
body.

Substituting (13) into (12), we obtain the dynamic boun-
dary condition on the solid surface:

P∞ − P
ρ

+
1
2

U∞ ·U∞ = q · q
2

−∇φ ·Ub +
δφ

δt
. (14)

Adding 0.5Ub · Ub − U∞ · Ub to both side of the equation
above will lead to

P∞ − P
ρ

+
1
2

Uin ·Uin

= q · q
2

+
Ub ·Ub

2

− (U∞ +∇φ) ·Ub +
δφ

δt
,

(15)

which is

P∞ − P
ρ

= 1
2

(Uin + u)2 − 1
2

U2
in +

δφ

δt
. (16)

Equation (16) is a general expression of the unsteady
Bernoulli’s equation for an obstacle with any rigid body
motion. For a 2D hydrofoil with pitch motion, Ub is Ω × r,
where Ω angular velocity of pitching, and r is the vector from
the center of pitching to the points on the surface of the
hydrofoil, as shown in Figure 2.

As shown in Figure 3, in the case of a propeller under
surge and heave motion, Ub and Uin are defined as

Ub = ωprop × r + Ub,surge + Ub,heave,

Uin = U∞ − ωprop × r−Ub,surge −Ub,heave,
(17)

where ωprop is the angular velocity of the rotation of the
propeller; r is the radial vector from the axis of the propeller
to the points on the blade surface; Ub,surge and Ub,heave are the
surge and heave velocity of the propeller, respectively. The
surge and heave motion of a propeller are incorporated into
a BEM code, PROPCAV. It has to be pointed out that the
formulation presented above is based on the assumption of
inviscid and unseparated flow. If the amplitude of motion of
the moving hydrofoils or propellers becomes too large, the
boundary layer may separate even at the leading edge of the
hydrofoil or the blade of propeller and then form leading
edge vortex, which is beyond the scope of application of
current models.

U∞

Uin = U∞ −Ω×r
Ub = Ω× r

r

Ω(t)

Figure 2: A hydrofoil with pitch motion.

3. Unsteady VLM Model for Propeller with
Rigid Body Motion

The kinematic and dynamic boundary conditions described
for the BEM model can be easily applied to vortex lattice
method (VLM). In this study, a VLM code, MPUF3A, is
modified to incorporate the correct kinematic and dynamic
boundary conditions for a propeller with either surge or
heave motions. He [8] developed a fully unsteady wake align-
ment model based on MPUF3A. The effects of the unsteady
wake model on propellers undergoing heave motions are also
investigated. The details on VLM and the unsteady wake
alignment can be found in He [8].

4. Application to 2D Pitching Hydrofoils

The BEM model presented in this study is first applied to
a pitching hydrofoil, which has an NACA66 thickness form
with 5% thickness and 0% camber over chord length. The
angular frequency, k of the pitching motion is π, and the
rotation-axis origin is set as the leading edge of the hydrofoil.
The angle between the hydrofoil and the inflow, or, the
instantaneous angle of attack, α, is defined as follows:

α = α0 sin kt, (18)

where α0 denotes the amplitude of the angle between the
hydrofoil and the inflow. RANS and also inviscid finite vol-
ume method (FVM) simulations are performed with com-
mercial software FLUENT for the same configuration. The
inviscid FVM simulation is carried out in order to assess
viscous effects. The standard k-ε turbulence model with
standard wall function is used to solve RANS equations. Two-
dimensional unstructured grids were generated with struc-
tured prism boundary layer cells attached on the hydrofoil.
In total, 407K number of cells is distributed over the entire
domain for pitch motion while 390K cells are provided for
heave motion. Obtained range of y+ for both the motions
is between 40 and 120. Dynamic mesh is used to simulate
the pitch motion. Computational (CPU) time of 17 hours
is taken for the RANS simulation on 4 Intel Xeon 2.54 GHz
CPUs whereas 2D BEM model takes only 3 minutes on a
single CPU for simulating the complete flow.

Figures 4 and 5 compare the unsteady lift and drag coef-
ficients from 2D BEM model and inviscid FVM/RANS where
CD = D/(0.5ρU2c). Results from both of these methods
show close level of agreement. However, a slight shift between
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r

ωprop

U∞

Uin = U∞ − ωprop × r
−Ub,heave −Ub,surge

Ub,surge

Ub,heave

Ub = ωprop × r

+ Ub,heave + Ub,surge

Figure 3: A propeller with surge and heave motion.

inviscid and viscous drag coefficient can be noticed. This shift
is attributed to the viscous effects which are not included in
the inviscid FVM simulation and 2D BEM model. The shift
of the drag coefficient appears to be a constant value, which
indicates that it can be modeled with a time-independent
constant skin friction coefficient. In Figures 6 and 7, pressure
distribution on the foil surface is compared at different flow
time. The results suggest that except at the trailing edge of the
hydrofoil, both 2D BEM model and RANS agree well with
each other. In the unsteady BEM model, an iterative pressure
Kutta (IPK) condition, proposed by Kinnas and Hsin [11],
has been implemented to obtain zero loading at the trailing
edge of the hydrofoil.

Figure 8 shows the comparison between unsteady wake
profiles obtained from 2D BEM model and RANS. Both the
trajectories and rollups are predicted accurately by 2D BEM
model. As shown in Figure 9, range of y+ is between 40 and
100, which is acceptable for standard wall function.

5. Application to Propellers

Marine propellers are subjected to spatially nonuniform
unsteady inflow, which causes periodic loads on the propeller
blades and shaft system. The unsteadiness in the inflow is
primarily responsible for blade pressure fluctuations and
cavity inception whose effect on the propulsion system
could be significant. In addition to this, the transmission of
unsteady forces through shafting into the vehicle can cause
severe wear and tear of the system. Therefore, it becomes
important to analyze the effects of unsteadiness in the inflow
on the propulsive performance of a propeller for an efficient
design of the hull propeller system.

5.1. Propeller Undergoing Pure Surge Motion. A model pro-
peller DTNSRDC P4381 undergoing surge motion respec-
tively is simulated. The geometry of this propeller is available

Pitch case

BEM-2D
INVISCID FVM
RANS

10

8

6

4

2

0

−2

−4

0.5 2.51.51 2

t (s)

k = π

α0 = 0.1 rad

C
L

Figure 4: Lift coefficient versus time.

to the author through the technical report by Boswell [12].
Fully wetted unsteady runs are performed at design advance
coefficients (Js = 0.889).

In this study, the surge motion is defined as harmonic
oscillation:

Ub,surge = Usurge sin
(
ωsurget

)
, (19)

where Usurge denotes the amplitude of the surge velocity, and
ωsurge is the angular frequency of the surge motion. Table 1
shows the parameters of the surge motion in this case.
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Table 1: Surge motion parameters.

JS Usurge/U∞ ωsurge/ωprop Time step size (VLM and BEM) Time step size (RANS)

0.889 0.20 1.0 Fixed (Δt/Tsurge = 0.016) Adaptive (Δt/Tsurge = 5.62e − 04)

0.3

0.2

0.1

−0.1

−0.2

−0.3

−0.4

0.5 1.5 2.51

0

2

BEM-2D
INVISCID FVM
RANS

t (s)

C
D

Pitch case

Figure 5: Drag coefficient versus time.

In VLM, the propeller blade is discretized using 20
panels in chordwise and 18 panels in spanwise direction
while in BEM, discretization is done using 60 panels in
chordwise and 20 panels in spanwise direction. Grids are
distributed uniformly along the spanwise direction while in
the chordwise direction full cosine distribution is provided.
Thickness/loading coupling has been implemented in VLM
to incorporate the thickness.

RANS simulation for the same propeller undergoing
the same surge motion is also carried out. Modeling of
surge motion of propeller in RANS solver is performed by
leveraging moving mesh feature of FLUENT and using UDF
to give surge motion to the complete domain. Total numbers
of 1.75 million structured hexahedral cells are provided in a
periodic domain. 192 hours are taken by RANS to simulate
9 seconds of flow on 24 Intel Xeon 2.54 GHz CPUs, on the
other hand, VLM takes only 12 minutes and BEM takes 15
minutes of CPU time for the complete simulation.

A detailed convergence study of both the BEM and VLM
codes can be found in Sharma et al. [10].

Figures 10 and 11 show the comparison between time
variation of the thrust and torque coefficients among
different numerical methods. BEM and VLM compare well
with each other but show some differences with RANS. It is
also noticed that the time average KT over one cycle of surge
oscillation is growing for RANS, while it is constant for BEM
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Figure 6: Pressure distribution on the pitching hydrofoil at t/T =
0.3845.
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k = π

α0 = 0.1 rad

Pitch motion

Wake comparison at (t/T = 2.08)

Figure 8: Comparison of wake pattern for pitch motion where k =
π and pitch amplitude = 0.1 rad. BEM is shown by solid curve, and
RANS by colormap.
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Figure 9: y+ on the hydrofoil surface.

and VLM. Similarly, mean KQ for RANS is growing, but it
remains constant for BEM or VLM.

5.2. Propeller Undergoing Pure Heave Motion. A model pro-
peller DTMB P4718 undergoing heave motion is simulated.
The performance of this propeller underdoing heave motion
was investigated by Politis [7] independently. Fully wetted
unsteady runs by VLM are performed at design advance
coefficients (Js = 0.751). In this study, the heave motion is
in the form of harmonic oscillation:

Ub,heave = Uheave sin(ωheavet), (20)

where Uheave denotes the amplitude of the heave velocity, and
ωheave is the angular frequency of the heave motion. Table 2
shows the parameters of the heave motion in this case.

Table 2: Heave motion parameters.

JS Uheave/U∞ ωheave/ωprop Time step size (VLM/BEM)

0.751 1.045 0.5 Fixed (Δt/Theave = 0.013)
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Figure 10: Unsteady thrust coefficient.

In this case, the spatial discretization on the propeller
blade is the same as that in the case of surge motion. The
results from VLM are compared with those obtained from
Politis [7], as shown in Figure 12. The unsteady single-
blade thrust coefficients from the present methods appear
to be fairly close to each other and also close to the Politis’
results. In the case of heave motion, the VLM code with fully
unsteady wake alignment (FWA) is also tested. Although in
many situations, such as inclined shaft propeller and pro-
peller at low advance ratio, the fully aligned wake model
could significantly improve the results, in this case, it does
not make a big difference. The reason could be that the
propeller is still working near the design condition, in which
the pitch angle of the wake is relatively small.

6. Conclusions and Future Work

A time-dependent 2D BEM model has been developed and
validated against RANS solver to analyze the nature of
unsteady forces, pressure distributions, and wake profiles for
an oscillating hydrofoil. Simulations of heaving and pitching
motion are performed for a set of parameters to avoid
inception of leading edge vortex (LEV) which can drastically
change pressure distribution on the surface of hydrofoil. In
the future, the LEV model developed by Tian and Kinnas [13]
will be incorporated to analyze flapping hydrofoil for a wider
range of parameters.
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Figure 12: Comparison of KT from MPUF-3A and Politis [7].
Unlike other KT plots, direction of thrust is considered positive, that
is, along the direction of ship’s forward motion.

The unsteady hydrodynamic analysis of propeller under
surge and heave motion has been performed using vortex lat-
tice method (VLM) and boundary element method (BEM).
A fully unsteady wake alignment algorithm is implemented
in the VLM code. On comparing the results from the present
method to those from Politis [7], fair-to-moderate level of
agreement has been found between the two. Surge motion
of a propeller has successfully been simulated using RANS

solver; however, on comparing time-varying KT and KQ with
those obtained from BEM or VLM, differences were found
for some cases. Discrepancies observed while comparing the
results from the VLM and the BEM codes need to be inves-
tigated further.

The numerical methods proposed in this study are not
intended as a substitution of RANS simulations. The effects
of turbulence and vortical separated flows are difficult to be
handled by the methods presented in this paper. In these
cases, RANS or LES could give results with more physical
representations of the problem, at the same time, with sig-
nificantly increased computational cost. The uncertainties in
the numerical solutions have to be addressed as well. The
study by Sharma [9] showed that current methods converged
to the same results as refining the spatial and temporal reso-
lution. Direct correlation of the results from current methods
with any experimental data would be greatly helpful to vali-
date the current methods. In the current study, only two
simple harmonic motions are considered. In the future, it
is worthwhile to analyze the propeller undergoing surge
and heave motions with more harmonic components and
understand the corresponding propeller performance in the
frequency domain. The present method will also be extended
to analyze pitch, yaw, and sway motion of the propeller.

Having a strong background in simulating unsteady
motion of hydrofoils and marine propellers, a more com-
prehensive approach is required in dealing with the minute
details of flow around the oscillating hull propeller system.
The long-term objective of the current research work is to
integrate the present model with hull motion model followed
by coupling with Reynolds Averaged Navier Stokes (RANSs)
method to develop a complete 6 DOF hull-propeller system
motion model. Coupling with RANS by Kinnas et al. [14] can
be improved to provide accurate propeller-hull interaction in
time. In this approach, the propeller forces are represented
by spatially distributed and time-dependent body forces
in the RANS code to account for the effects of propeller-
induced flows. In the cases that wake alignment is important,
unsteady wake alignment could be implemented using the
velocity field from RANS. The treatment of the different
time step sizes of the hull motion and the propeller sub-
system has to be investigated further. Development of the
required model will analyze the complete flow around hull-
propeller system and predict forces, moments, and pressure
distribution with utmost accuracy.
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The objective of this paper is to evaluate the predictive capability of three popular transport equation-based cavitation models
for the simulations of partial sheet cavitation and unsteady sheet/cloud cavitating flows around a stationary NACA66 hydrofoil.
The 2D calculations are performed by solving the Reynolds-averaged Navier-Stokes equation using the CFD solver CFX with the
k-ω SST turbulence model. The local compressibility effect is considered using a local density correction for the turbulent eddy
viscosity. The calculations are validated with experiments conducted in a cavitation tunnel at the French Naval Academy. The
hydrofoil has a fixed angle of attack of α = 6◦ with a Reynolds number of Re = 750,000 at different cavitation numbers σ . Without
the density modification, over-prediction of the turbulent viscosity near the cavity closure reduces the cavity length and modifies
the cavity shedding characteristics. The results show that it is important to capture both the mean and fluctuating values of the
hydrodynamic coefficients because (1) the high amplitude of the fluctuations is critical to capturing the extremes of the loads to
ensure structural safety and (2) the need to capture the frequency of the fluctuations, to avoid unwanted noise, vibrations, and
accelerated fatigue issues.

1. Introduction

In liquid flows, cavitation occurs if the local pressure drops
below the saturated vapor pressure, which leads to the
formation of vaporous bubble(s) to relieve the negative
pressure [1]. Cavitation is commonly observed when a
hydraulic machine operates in high speeds or under off-
design conditions, and is still a limiting factor in its design
and operation. The occurrence of unsteady cavitation in
marine propulsion devices such as hydrofoils, propellers, and
waterjets can lead to problems such as pressure pulsations,
sudden changes in loads, vibrations, noise, and erosion.
Moreover, unsteady cavitation is usually the primary physical
phenomenon behind performance alterations in a hydraulic
machinery [2–4]. For this reason, it is crucial to be able
to accurately predict the development and evolution of
cavitation, and the resultant impact on the performance.

Phenomenologically, cavitation often involves complex
interactions between turbulent flow structures and phase-
change dynamics with large variations in fluid density and
pressure fluctuations [5]. These physical mechanisms are
still not well understood because of the complex, multiscale,
multiphase phenomenon. Moreover, there are significant
computational challenges associated with the accuracy, sta-
bility, efficiency, and robustness of numerical algorithms for
the simulation of unsteady, turbulent cavitating flows.

In the numerical modeling of cavitating flows, the selec-
tion of cavitation models plays a major role on the prediction
of the onset, growth, breakup, and collapse of cavitation
bubbles. In recent years, significant efforts have been made
in the development of cavitation models; examples of recent
review articles can be found in [6–8]. Most cavitation models
assume the flow to be homogenous and isothermal and
apply either a barotropic equation of state or a transport
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equation to solve for the variation of the mixture density in
the multiphase flow.

In barotropic cavitation models, the local mixture density
(ρm) is assumed to depend only on the local pressure: ρm =
f (p). Examples of barotropic cavitation models include
those proposed by [9, 10]. A recent experimental finding by
[11] has shown that vorticity production is an important
aspect of cavitating flows, especially in the cavity closure
region. Specifically, this vorticity production is a conse-
quence of the baroclinic torque:

∇ 1
ρm
×∇p. (1)

Clearly, if a barotropic equation of state, ρm = f (p), is
used, the gradients of density and pressure are always paral-
lel, which leads to zero baroclinic torque. Hence, barotropic
cavitation models will not be able to properly predict the
dynamics of cavitating flows [12], particularly for cases
with unsteady cavitation because of the importance of
cavitation in vorticity production.

The other popular approach to simulate cavitating flows
is transport equation models (TEMs), which solves an
additional transport equation for either the mass or volume
fraction of vapor, with appropriate source/sink term(s) to
regulate the mass transfer between the liquid and vapor
phases. Different source/sink terms have been proposed,
including the popular models presented in [6, 13–15].
Kubota et al. [13] coupled the Rayleigh-Plesset equation to
the URANS equations to solve for the local void fraction
based on an assumed bubble radius, and hence it is appro-
priate for modeling of unsteady cavitation. Merkle et al. [16]
and Kunz et al. [14] employed the artificial compressibility
method with a special preconditioning formulation to solve
the multiphase URANS equations, comprised of the mixture
volume, mixture momentum, and constituent volume frac-
tion equations. Singhal et al. [15] developed a “full-cavitation
model” based on the phase-change rate derived from a
reduced form of the Rayleigh-Plesset equation for bubble
dynamics and local flow conditions. The apparent advantage
of the Singhal model comes from the convective character
of the equation. Senocak and Shyy [17] compared different
TEM models to develop an interfacial dynamics-based
cavitation model (IDM), which allows direct interpretation
of the empirical parameters in existing transport equation-
based models. In the TEM approach, the mixture density is
a function of the transport process. Consequently, gradients
of the density and the pressure are not necessarily parallel,
suggesting that TEM can accommodate baroclinic vorticity
generation.

The objective of this study is to evaluate the predictive
capability of three popular transport-based cavitation mod-
els for the simulation of quasisteady and unsteady cavitating
flow around a stationary hydrofoil. The aim is to improve
the understanding of the influence of multiphase flow on
the turbulent closure model, and the interplay between
vorticity fields, cavity dynamics, and hydrodynamic perfor-
mance. The numerical models are first presented. Three
popular transport-based cavitation models (named herein
as the Kubota model, the Merkle model, and the Singhal

model for simplicity) and the k-ω SST turbulence model
are summarized, followed by presentation of the density
correction model for the turbulent viscosity modification.
The foil geometry, fluid mesh, and boundary conditions are
presented, followed by a brief summary of the experimental
setup of [18] used for validation of the computations. The
results are then analyzed for an NACA 66 hydrofoil at a fixed
angle of incidence (α = 6◦) and Reynolds number (Re =
750,000) for a case with quasisteady partial sheet cavitation
(σ = 1.49), and a case with unsteady sheet/cloud cavitation
(σ = 1.00). To study the influence of cavitation model and its
interaction with turbulence modeling, results are compared
for three different cavitation models and for different
turbulent viscosity modifications. Finally, the variation of the
predicted cavity length, lift and drag coefficients over a
range cavitation numbers are compared with experimental
measurements.

2. Transport-Based Cavitation Models

2.1. Conservation of Mass and Momentum. The URANS
equations, in their conservative form, for a Newtonian fluid
without body forces and heat transfers are presented below
along with the mass transport equation in the Cartesian
coordinates [19]:

∂ρm
∂t

+
∂
(
ρmuj

)

∂xj
= 0, (2)

∂
(
ρmui

)

∂t
+
∂
(
ρmuiuj

)

∂xj

= − ∂p
∂xi

+
∂

∂xj

[
(
μm + μT

)
(
∂ui
∂xj

+
∂uj
∂xi

− 2
3
∂uk
∂xk

δi j

)]

,

(3)

∂ρlαl
∂t

+
∂
(
ρlαluj

)

∂xj
= ṁ+ + ṁ−, (4)

ρm = ρlαl + ρvαv, (5)

μm = μlαl + μvαv, (6)

where ρm is the mixture density, ρl is the liquid density, ρv
is the vapor density, αv is the vapor fraction, αl is the liquid
fraction, u is the velocity, p is the pressure, μm is the mixture
laminar viscosity, μl and μv are, respectively, the liquid and
vapor dynamic viscosities, and μT is the turbulent viscosity.
The subscripts (i, j, and k) denote the directions of the
Cartesian coordinates. The source term ṁ+ and the sink term
ṁ− in (4) represent the condensation and evaporation rates,
respectively.

2.2. Kubota Model. The Kubota model [13] assumes a con-
stant nuclei density in the fluid domain. The growth and
collapse of the bubble clusters are governed by the simplified
Rayleigh-Plesset equation for single-bubble dynamics [20].
The cavitation process is governed by the mass transfer
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equation given in (4), and the source and sink terms are
defined as follows:

ṁ− = −Ckdest

3αnuc(1− αv)ρv
RB

(
2
3
pv − p

ρl

)1/2

, p < pv, (7)

ṁ+ = Ck prod
3αvρv
RB

(
2
3
p − pv
ρl

)1/2

, p > pv, (8)

where αnuc is the nucleation volume fraction, RB is the bubble
diameter, pv is the saturated liquid vapor pressure, and p is
the local fluid pressure. Ck dest is the rate constant for vapor
generated from the liquid in a region where the local pressure
is less than the vapor pressure. Conversely, Ck prod is the rate
constant for reconversion of vapor back into liquid in regions
where the local pressure exceeds the vapor pressure. As
shown in (7) and (8), both the evaporation and condensation
terms are assumed to be proportional to the square root of
the difference between the local pressure and vapor pressure
because the Kubota model was derived by assuming that the
bubble dynamics are governed by the simplified Rayleigh-
Plesset equation [20]. In this work, assumed values for the
model constants are αnuc = 5 × 10−4, RB = 1 × 10−6 m,
Ck dest = 50, and Ck prod = 0.01, which are the default values
in CFX [5] and are used because of their supposed general
applicability.

It should be noted that (7) and (8) are different from
the original model proposed by [13], and instead follow the
form presented in [21]. Since the evaporation rate is much
higher than the condensation rate, different coefficients are
needed for condensation and evaporation terms, as shown
in (7) and (8). In addition, αv is replaced by αnuc (1 − αv)
in the vaporization term to account for the decrease of the
nucleation site density with the increase of the vapor volume
fraction.

2.3. Merkle Model. Several researchers have adopted the
Merkle model proposed by [16] (e.g., see [12]), which
has been presented in both the volume fraction form and
the mass fraction form. It was derived primarily based on
dimensional arguments for large-bubble clusters instead of
individual bubbles. Consequently, the source and sink terms
for the Merkle model shown in (9) are directly related to the
pressure difference, p − pv, instead of the square root of the
pressure difference as in the Kubota model:

ṁ− = Cm destρlρlMIN
(
p − pv, 0

)
(1− αv)(

0.50ρlU2∞
)
ρv t∞

, p < pv,

ṁ+ = Cm prodρlMAX
(
p − pv, 0

)
αv(

0.50ρlU2∞
)
t∞

, p > pv.

(9)

In this work, the empirical factors are set to be Cm dest = 1
and Cm prod = 80, which follows the constants used

by Senocak and Shyy [17] for simulation of quasisteady
cavitation around a NACA 66(MOD) hydrofoil. The mean
flow time scale is defined as t∞ = c/U∞ [12, 17].

2.4. Singhal Model. The Singhal mass transfer model pro-
posed by [15] is originally known as the full-cavitation
model. This model is also based on the reduced form
of the Rayleigh-Plesset equation for bubble dynamics, but
empirical constants have been added to take into account the
interaction between water and vapor phases. In the deriva-
tion of the Singhal model, the bubble size is determined
by the surface tension force, and the characteristic velocity,
which reflects the effect of the local relative velocity between
the liquid and vapor phases. Similar to the Kubota model,
both evaporation and condensation terms are assumed to
be proportional to the square root of the difference between
the local pressure and vapor pressure. The Singhal model
assumes that the mass transfer rate is related to the local
turbulence kinetic energy, k. Following [8], the equations
below represent a modified form of the original Singhal
model, which consider the effects of noncondensable gas.
The evaporation and condensation terms are defined as
follows:

ṁ− = Cs dest

√
k

γ
ρlρv

[
2
3
pv − p

ρl

]1/2(

1− αvρv
ρm

)

, p < pv,

ṁ+ = Cs prod

√
k

γ
ρlρl

[
2
3
p − pv
ρl

]1/2
αvρv
ρm

, p > pv.

(10)

In this work, the empirical factors, Cs dest and Cs prod

(resp., the destruction and the production coefficients for the
Singhal model), have the following values: Cs dest = 0.02 m/s
and Cs prod = 0.01 m/s, and the surface tension coefficient is
assumed to be γ = 0.0717 N/m. fv is the vapor mass fraction,
defined as fv = αv/ρm. It should be noted that in the present
form of the mass transfer equations, the empirical factors
Cs dest and Cs prod have to be expressed with m/s units to be
consistent with the dimensions of ṁ+and ṁ− in (4), which is
in units of kg/(m3s1).

2.5. Turbulence Model and Local Compressibility Correction.
The numerical results shown in this paper are performed
using the commercial CFD code, CFX, to solve the URANS
equations. The k-ω SST (shear stress transport) turbulence
model is used, which combines the advantages of the original
k-ε and k-ω models by using the k-ω model near the wall,
and the k-ε model away from the wall [6]. The k-ω SST
has been found to give good predictions of boundary layer
detachment characteristics, and it has been validated for
the prediction of subcavitating flow around the NACA66
hydrofoil shown in this paper [22].

It should be noted that the original URANS models were
developed for fully incompressible single-phase flows and
were not intended for flow problems involving compressible
multiphase mixtures. As shown in [23], standard two-
equation models (such as k-ε and k-ω models) overpredict
the turbulent eddy viscosity in the rear part of the cavity,
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Figure 1: Local compressibility modification of the mixture density
with different n values according to (11).

which results in overprediction of turbulent stresses, causing
the reentrant jet in cavitating flows to lose momentum. Thus,
the reentrant jet is not able to cut across the cavity sheet,
which significantly modifies the cavity shedding behavior.
For partial sheet cavitation in steady flow conditions,
inability of the reentrant jet to reach the leading edge will
lead to stabilization of the sheet cavity, which prevents the
breaking and shedding of the sheet cavity. For unsteady flow
conditions, inability of the reentrant jet to fully reach the
leading edge will lead to frequent partial shedding of the
cavity near the trailing edge, which tends to increase the
cavity shedding frequency.

To improve numerical simulations by taking into account
the influence of the local compressibility effect of two-phase
mixtures on turbulent closure models, Coutier-Delgosha
[23] proposed to reduce the mixture turbulent viscosity
based on the local liquid volume fraction αl by substituting
μT in (3) with μT mod:

f (n) = ρv + (1− αv)n
(
ρl − ρv

)

ρv + (1− αv)
(
ρl − ρv

) , μT mod = μt f (n).

(11)

The variation of the modified effective density, ρm f (n),
with the vapor volume fraction, αv, for different n values is
shown in Figure 1.

In [23], they recommended n = 10 to better simulate
the reentrant jet behavior and vapor shedding process.
In [24], the same model was applied for the simulation
of supercavitating flow around a hydrofoil, and obtained
favorable agreement between numerical and experimental
results for n = 2. The same modification has also been
applied by [25] for the NACA 66 hydrofoil considered in this
paper; they used n = 3 and obtained good agreements with
experimental measurements.

3. Experimental Setup and Description

To evaluate the predictive capabilities of the three differ-
ent cavitation models with different local compressibility
corrections, numerical computations are compared with
experimental measurements of the NACA 66 hydrofoil
conducted at the cavitation tunnel at the Research Institute
of the French Naval Academy. The test section has a cross-
sectional area of 0.192 m2 and length of 1 m. The inflow
velocity ranges between 3 m/s and 15 m/s, and the pressure in
the test section ranges between 30 m bar to 3 bars. The tunnel
inflow turbulence intensity, defined as V∝rms/V∝ at the inlet
of the test section, is about 2%. The foil has a uniform
cross-section with an NACA 66 thickness distribution with
a maximum thickness-to-chord ratio of 12%, and an NACA
a = 0.8 camber distribution with a maximum camber-to-
chord ratio of 2%. The chord length is c = 0.15 m and the
span length is s = 0.191 m. The hydrofoil is made of stainless
steel, and behaved like a 2D rigid hydrofoil even though it was
mounted using a cantilevered setup with a small gap (1 mm)
between the free end of the hydrofoil and the test section wall.
Pressure measurements were carried out using seventeen
flush-mounted piezo-resistive transducers (Keller AG 2 MI
PAA100-075-010) with a maximum pressure of 10 bars. The
transducers locations were aligned along the chord on the
suction side of the hydrofoil at mid-span, starting from the
foil leading edge at a reduced coordinate of x/c = 0.1 to the
trailing edge at x/c = 0.9, with increments of 0.1 c. Lift and
drag were measured using a resistive gauge hydrodynamic
balance with a range up to 150 daN in lift and 15 daN in
drag. Readers should refer to [18, 26] for additional details
about the rigid hydrofoil experimental setup and results. The
experimental results presented in this paper are taken from
[18] for cases with partial sheet cavitation and from [26] for
cases with unsteady sheet/cloud cavitation.

4. Numerical Setup and Description

To demonstrate and validate the numerical model, results are
shown for the rigid rectangular NACA 66 hydrofoil described
above. All the results shown in this paper corresponds to the
hydrofoil fixed at α = 6◦ and subject to a nominal free stream
velocity of V∞ = 5 m/s, which yields a moderate-to-high
Reynolds number of Re = V∞c/νl = 0.75× 106.

The density and dynamic viscosities of the liquid are
taken to be ρl = 999.19 kg/m3 and μl = ρlνl = 1.139 ×
10−3 Pa·s, respectively, which correspond to fresh water at
25◦C. The vapor density is ρv = 0.02308 kg/m3 and the
vapor viscosity is μv = 9.8626 × 10−6 Pa·s. The vapor
pressure of water at 25◦C is pv = 3169 Pa. The 2D fluid
domain is shown in Figure 2, which corresponds to the
height of the experimental test section at the French Naval
Academy. The computational domain has an extent of about
5 c upstream and 10 c downstream of the foil to simulate
near-infinite boundary conditions at the inlet and outlet.
A no-slip boundary condition is imposed on the hydrofoil
surface, and symmetry conditions are imposed on the top
and bottom boundaries of the tunnel. The inlet velocity is
set to be V∞ = 5 m/s and the outlet pressure is set to vary
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Figure 2: 2D fluid mesh and boundary conditions.

according to the cavitation number, defined as σ = (p∞ −
pv)/(0.5ρlV 2∞), where p∞ is the tunnel pressure. A constant
turbulent intensity of 2% is set at the inlet boundary and is
equal to the experimentally measured turbulent intensity.

All cavitating runs have been initialized with a steady-
state calculation using fully wetted models to avoid any
vapor fraction at the initial time step. The tunnel pressure
is then decreased progressively until the particular cavitation
number is reached. Only 2D results are shown in this work.
The 2D fluid mesh (shown in Figure 2) is composed of
120,000 elements with 50 structured elements across the foil
boundary layer, which is selected to ensure y+ = yuτ/v1 = 1,
where y is the thickness of the first cell from the foil surface,
and uτ is the wall frictional velocity. The regions outside
the boundary layer have been discretized with unstructured
triangular elements. Mesh refinements are performed at the
foil leading edge, trailing edge, and in the wake region. The
time integration scheme is a second-order backward Euler
algorithm, and the spatial derivatives are computed using a
second-order upwind scheme. Mesh convergence and time
discretization have been studied in detail for the case of the
rigid NACA 66 hydrofoil at a fixed angle of attack of α = 6◦

in steady flow; see [22] for more details.
A temporal convergence study is carried out in the case

of partial sheet cavitation, at an angle of attack of α = 6◦

with σ = 1.49. Figure 3 shows temporal convergence of
the predicted surface pressure coefficients, CP = (P −
P∞)/(0.5ρV 2∞), along with the measured values. The error
bars represent the maximum and minimum pressure fluc-
tuations. The numerical results were generated using the
Merkle model with n = 3. The largest time step size used,
Δt = 10−3 s, yielded a much stronger pressure gradient in
the cavity closure region compared to the measured values.
The two finer time step sizes yielded very similar results and
compared better with the measured values. Hence, Δt =
10−4 s is chosen for the computations from here on, which
gives an average CFL number of CFL = V∝ Δt/Δx = 1.

5. Results

5.1. Partial Sheet Cavitation. The influence of cavitation
models and the effect of the turbulent viscosity are first
analyzed for the case with quasisteady partial sheet cavitation
(σ = 1.49). Figure 4 shows the predicted vapor volume
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Figure 3: Comparisons of the measured versus predicted pressure
coefficients obtained using different time step sizes, Δt. The lines
represent the mean values and the error bars represent the level of
fluctuations. σ = 1.49, Re = 750,000, V∝ = 5 m/s, and α = 6◦.
Merkle cavitation model, n = 3.

fraction and turbulent kinetic energy obtained using the
Kubota, Merkle, and Singhal cavitation models with different
n values for the turbulent viscosity modification (see (11)).
The vapor fraction contours for the three different cavitation
models with n = 1 and n = 3 are, respectively, shown in
the first and third rows in Figure 4; a vapor volume fraction
of 0 (black) corresponds to pure water, whereas 1 (white)
corresponds to pure vapor. The corresponding turbulent
kinetic energy contours are shown in the second and fourth
rows in Figure 4, where the lowest turbulent kinetic energy is
shown in white, and the highest turbulent kinetic energy is
shown in black.

For n = 1 (no turbulent viscosity modification), the three
cavitation models yielded very different levels of turbulent
kinetic energy in the cavity and at the cavity closure region,
which in turn modified the vapor volume fraction and cavity
shape, as shown in the first two rows of Figure 4. The Merkle
model has the lowest level of turbulent kinetic energy in the
vapor region, which leads to a longer sheet cavity compared
to the other two models. Compared to the Merkle model,
the Kubota model has a higher level of turbulent kinetic
energy in the pure vapor region, and a shorter cavity length.
It is observed that the production and destruction terms in
the Merkle model (9) are related to the pressure difference,
instead or the square root of the pressure difference for the
Kubota and Singhal models (resp., (7), (8), and (10)). For
an equivalent pressure level in subcavitating flow, the direct
dependence of the production and destruction terms on the
pressure difference leads to a longer cavity for the Merkle
model. The Singhal model leads to the highest turbulent
kinetic energy in the vapor region. This is because the vapor
production and destruction terms for the Singhal model,
as shown in (10), are directly related to the square root of
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Figure 4: Comparisons of the vapor fraction and turbulence kinetic energy contours for the three different cavitation models with n = 1
and n = 3 for σ = 1.49, Re = 750,000, V∞ = 5 m/s, and α = 6◦.

the local turbulent kinetic energy, which creates a nonlinear
feedback mechanism that increases the pressure gradient in
the cavity closure region, and hence tends to destabilize the
cavity.

For n = 3, the results for all three models in the bottom
two rows of Figure 4 show a general decrease in the
turbulent kinetic energy in the vapor region, and slightly
more unsteady behavior at the cavity trailing edge, compared
to n = 1. The results show that the density correction to
the turbulent viscosity has different degrees of impact on the
three cavitation models. The Merkle model predicts similar
cavity lengths with and without the density modification,
although the decrease of the turbulent kinetic energy allows
the reentrant jet at the cavity trailing edge to move upstream,
and hence increases the flow unsteadiness and leads to partial
shedding of the cavity. The Kubota model shows a noticeable
increase in cavity length and more unsteadiness at the cavity
trailing edge with the modification. The Singhal model
appears to be the most sensitive to the turbulent viscosity
modification. Again, this is because of the dependence on
the square root of the local turbulent kinetic energy in the
production and destruction terms. When n = 3, the tur-
bulent kinetic energy is completely suppressed in the cavity
region, which allowed the cavity to grow longer but also lead
to unsteady partial shedding of the vapor structure near the
cavity trailing edge where the pressure gradient is high.

The increase of unsteadiness with increasing n values
for (11) is due to the development of a reentrant jet as a
result of the reduced turbulent eddy viscosity level at the
cavity closure. Figure 5 shows the predicted vapor fraction
contours and the velocity vectors at the cavity closure region
for σ = 1.49 obtained using the Merkle model with n =
1 (no modification), n = 3, and n = 10. With n = 1
(Figure 5(a)), the turbulent eddy viscosity in the cavity
closure region is too high, which prevented the upstream
motion of the reentrant jet, and hence the cavity is fully
stable. With n = 3 (Figure 5(b)), the reduction of the
turbulent viscosity in the cavity closure region allows the
reentrant jet to develop and move upstream, which lead to
partial shedding of the cavity. With n = 10 (Figures 5(c)
and 5(d)), the turbulent eddy viscosity is reduced to near
zero in the pure vapor region, which allowed the reentrant
jet to reach the cavity leading edge. Subsequently, the cavity
detached from the leading edge (Figure 5(d)) and then shed
downstream as a cloud cavity. This complete breakup of the
cavity from the leading edge and unsteady transformation to
cloud cavitation obtained using n = 10 are different from
experimental observations by [18], whom reported partial
sheet cavitation with behavior similar to that obtained using
n = 3 at σ = 1.49.

As suggested in [7, 27], the baroclinic torque created by
the mixture density and pressure gradients in the cavitating
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Figure 5: Comparison of the vapor fraction contours and velocity vectors for different n values with the Merkle model at σ = 1.49, Re =
750,000, V∞ = 5 m/s, and α = 6◦.

region are responsible for the alteration of the vorticity field,
which is evident via the vorticity transport equation:

∂ω

∂t
+∇× (ω × u) = ∇ρm ×∇p

ρm2
+ (υm + υt)∇2ω, (12)

where ω and u are, respectively, the fluid vorticity and
velocity vectors. υm is the laminar kinematic viscosity and υt
is the turbulent kinematic viscosity.

The first term on the left-hand side (LHS) of (12)
represents the rate of change of vorticity at a fixed point. The
second term on the LHS represents the convection as well
as the stretching and tilting of the vorticity due to velocity
gradients. The first term on the right-hand side (RHS) of
(12) is called the baroclinic torque, which is nonzero only
in a variable-density flow field. The baroclinic torque corre-
sponds to the generation of vorticity from unequal accelera-
tion caused by unaligned pressure and density gradients, for
example, the generation of a shear layer caused by the faster
acceleration of the lighter fluid (vapor) relative to the heavier
fluid (water). The second term on the right-hand side of (12)
represents the laminar and viscous diffusion of the vorticity.

To examine the influence of cavitation on the produc-
tion/alteration of vorticity around the case with quasisteady
partial sheet cavitation, the strengths of (∇ × (ω × u)) and
(∇ρm × ∇p/ρm2) are compared in Figure 6 for the different
cavitation models with different n values. As expected, the
baroclinic term modifies the vorticity field in regions with
high density and pressure gradients, that is, along the liquid-
vapor interface and near the cavity closure. The strength of
the baroclinic torque increases with n, particularly near the
cavity closure region because the reduction of the turbulent
eddy viscosity tends to promote the unsteady shedding of
the cavities. Consequently, the vorticity field is modified, as
evident via the contour of the vorticity transport/stretching
term. The baroclinic term is found to be the lowest for the
Merkle model, which shows a smoother cavity with conse-
quently lower density and pressure gradients. The baroclinic
term is higher for the Singhal and Kubota cavitation models,

where the magnitude of the baroclinic torque is comparable
to the vorticity transport/stretching term near the cavity
closure, which will tend to increase the flow unsteadiness, as
observed earlier in Figure 4.

Figures 7, 8, and 9 show the comparison of predicted wall
pressure coefficients, obtained at σ = 1.49, for the Kubota,
Merkle, and Singhal cavitation models, respectively, along
with the measured values from [18]. On each of the three
figures, the mean and fluctuations of the predicted pressure
coefficients obtained using n = 1, 3, and 10 are shown.
The nearly constant pressure region with CP = −1.49 corre-
sponds to the leading edge, partial sheet cavity on the suction
side, which is followed by a sudden pressure jump at the
cavity closure due to transition back to subcavitating flow.
In general, the pressure fluctuations increased, particularly at
the cavity closure region, with increasing n values because of
the decrease of turbulent eddy viscosity and the additional
vorticity generation/modification by the baroclinic torque.
The Kubota cavitation model (Figure 7) has very steady pres-
sure behavior without modification (n = 1), which showed
a cavitating region up to X/c = 0.2. The results are approxi-
mately the same for n = 3 and 10, which showed a constant
pressure region up to X/c = 0.3, and larger pressure fluctua-
tions at the cavity closure. The Merkle model (Figure 8), on
the other hand, showed negligible difference in the predicted
pressure coefficients between the different n values except for
the increase in pressure fluctuations at the cavity closure for
n = 10. Moreover, the predicted pressure distributions by
the Merkle model are in good general agreement with exper-
imental measurements. The Singhal model (Figure 9) shows
the largest difference between the different n values because
of the explicit dependence on the turbulent kinetic energy,
which changes with the turbulent eddy viscosity as well
as vorticity generation/distortion by the baroclinic torque.
Consequently, as n increases, the cavity length (constant
pressure region) predicted by the Singhal model decreases.
A general unsteadiness is observed along the entire suction
side pressure distribution. Moreover, the predicted pressure
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Figure 6: Comparisons of the baroclinic torque and vorticity transport/stretching term in (12) for the different cavitation models with n = 1
and n = 3 for σ = 1.49, Re = 750,000, V∞ = 5 m/s, and α = 6◦.
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Figure 7: Computed versus measured pressure coefficients for
different n values, Kubota cavitation model, σ = 1.49, Re = 750,000,
V∞ = 5 m/s, and α = 6◦. The lines represent the mean values and
the error bars represent the level of fluctuations.

coefficients show greater discrepancy with experimental
measurements compared to the Kubota and Merkle models.
In general, the results obtained with the Merkle cavitation
model with n = 3 matched better with experiments.
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Figure 8: Computed versus measured pressure coefficients for
different n values, Merkle cavitation model, σ = 1.49, Re = 750,000,
V∞ = 5 m/s, and α = 6◦. The lines represent the mean values and
the error bars represent the level of fluctuations.

5.2. Unsteady Sheet/Cloud Cavitation. To evaluate the pre-
dictability of the three different cavitation models for
unsteady sheet/cloud cavitation, results are shown in this
section for the case with σ = 1.00, Re = 750,000, and α = 6◦.
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Figure 9: Computed versus measured pressure coefficients for
different n values, Singhal cavitation model, σ = 1.49, Re = 750,000,
V∞ = 5 m/s, and α = 6◦. The lines represent the mean values and
the error bars represent the level of fluctuations.

It should be noted that the Kubota model did not converge
for this case with Δt = 0.0001 s. The authors believe that
it is due to the high value of Cdest in (7), which makes the
calculation unstable. Hence, results are shown in this case for
the Merkle and Singhal models only.

At σ = 1.00, Re = 750,000, and α = 6◦, unsteady
sheet/cloud cavitation was reported in [26]. Figures 10 and
11 show the evolutions of the vapor fraction, turbulent
kinetic energy, and vorticity for n = 1 and n = 3 with the
Merkle and Singhal cavitation models, respectively. Globally,
the results show significant reduction in the turbulent kinetic
energy in the cavity region, particularly at the cavity closure,
and longer cavity with increasing n values because of the
reduction of the turbulent eddy viscosity. For the Merkle
model (Figure 10), it is observed that the level of vorticity
is closely related to the vapor fraction contour and the
distribution of turbulent kinetic energy. For n = 3, when
the cavity develops, the decrease of turbulent kinetic energy
lead to an increase of vorticity near the wall (Figure 10(b)),
which allowed the reentrant jet to form and move upstream
(t4) while allowing the cavity to expand to the foil trailing
edge; subsequently, the cavity breaks and lifts off at the at
the leading edge (t6) to form a large cavitation cloud, which
then convects downstream. For the Merkle model, the cavity
shedding frequency at n = 3 is approximately 3.5 Hz, which
agrees with the measured value, as shown in Table 1. On
the contrary, for n = 1, the cavity partially breaks around
the midchord (see the vapor fraction in Figure 10(a), at t4),
which limited the maximum cavity length to Lc/c = 0.8,
and increased the shedding frequency to about 4.0 Hz, see
Table 1. Moreover, because of the presence of cloud cavita-
tion near the foil trailing edge (Figure 10(a) at t6 and t8),
the overprediction of turbulent viscosity without the density

Table 1: Comparison of the measures and predicted cavity
shedding frequencies for the Merkle and Singhal cavitation models
with n = 1 and n = 3 for the case of unsteady sheet/cloud cavitation.
σ = 1, Re = 750, 000, V∞ = 5 m/s, and α = 6o.

Models
Merkle Singhal

Experiments
n = 1 n = 3 n = 1 n = 3

Shedding frequency
(Hz)

4.0 3.5 22.5 20.5 3.5

correction (n = 1) suppresses the formation of the counter-
clockwise trailing edge vortex, which changes the vorticity
patterns around the foil, as well as the convection of the cloud
in the wake. When the modification is applied (n = 3), the
level of turbulent kinetic energy in the cloud is lower, which
allows the counter-clockwise trailing edge vortex to form and
interact with the cloud cavity (Figure 10(b) at t6 and t8).

As shown in Figure 11, the Singhal cavitation model
is more sensitive to the turbulent viscosity modification.
Without the modification (n = 1), the level of turbulent
kinetic energy is very high near the cavity closure (see
Figure 11(a)), which limited the length of the sheet cavity to
approximately X/c = 0.6 (t4), and the cavity partially breaks
at X/c = 0.4 (t6), followed by successive shedding of smaller
vapor structures (t8). The cavity appears to be more unstable
and transient than that predicted by the Merkle cavitation
model, as shown by the scattered vorticity distribution near
the wall (see Figure 11(a)). When the modification is applied
(n = 3), the Singhal model also predicted an increase in
the cavity length up to Lc/c = 1, although general cavity
behavior is much more unstable than that predicted by the
Merkle model. The cavity breaks aroundX/c = 0.2. However,
it does not shed as one big cavity; instead, the aft end of the
cavity is broken into multiple little cloud cavities, as shown in
Figure 11(b). Therefore, the shedding frequencies predicted
by the Singhal model (about f = 22.5 Hz for n = 1 and f =
20.5 Hz for n = 3) are much higher than those by the Merkle
model and did not agree with experimental measurements,
as summarized in Table 1. Again, the turbulent viscosity
modification allowed the trailing edge vortex to develop
earlier, which interacted with the cloud cavity as it sheds into
the wake.

Figure 12 shows the baroclinic torque and the vorticity
transport/stretching terms, at t = t6 for both the Merkle and
Singhal models. For both models, the baroclinic torque con-
centrates along the regions where the cavity breaks, although
the magnitudes seem to be small compared to the vorticity
transport/stretching term. Nevertheless, the influence of the
cavity on the vorticity distribution is clearly evident by the
significant modification of the vorticity transport/stretching
term (Figure 12) and vorticity contours (Figures 10 and
11). Hence, the interdependency between cavitation gener-
ation/production and vorticity generation/modification due
to the baroclinic torque is not negligible, particularly in terms
of its effect on the cavity stability and shedding frequency.

Based on available experimental data presented in [26],
an analysis of suction side loading can be calculated by
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Figure 10: Comparison of the vapor fraction (left), turbulent kinetic energy (middle), and vorticity (right) contours for the Merkle
cavitation models with (a) n = 1 and (b) n = 3, in the case of unsteady sheet/cloud cavitation with σ = 1.00, Re = 750,000, V∞ = 5 m/s, and
α = 6◦.

summing the pressure coefficients along the suction side. The
approximate suction side lift coefficient can be written as:

Cl
+(t) =

10∑

i=1

CP

(
xi
c,t

)
Δ
(
xi
c

)
, (13)

where CP(xi/c,t) is the pressure coefficient at location xi/c,
and Δ(xi/c) = 0.1 is the nondimensional distance between
two consecutive pressure transducers. A total of 10 pressure
transducers were placed along the suction side at the mid-
span of the foil [22]. For comparison purposes, the same

procedure is applied to calculate the numerically derived
suction side lift coefficients. It should be noted that since the
flow is mostly attached along the pressure side, the changes to
the total lift coefficient should be dominated by the suction
side dynamics, which is represented by the suction side lift
coefficient.

As shown in Figure 13, a fair comparison is observed
between the experimental measurements and numerical
computations obtained using the Merkle model with n = 3.
The peaks generally correspond to the time instance when
the maximum cavity length is observed (t4 in Figure 10(b)),
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Figure 11: Comparison of the vapor fraction (left), turbulent kinetic energy (middle), and vorticity (right) contours for the Singhal
cavitation models with (a) n = 1 and (b) n = 3, in the case of unsteady sheet/cloud cavitation with σ = 1.00, Re = 750,000, V∞ = 5 m/s, and
α = 6◦.

and the unloading phase corresponds to the shedding of
the cavity. The results show that the rate of the unloading
phase predicted by the Merkle model is faster than the
measured value. This difference could be due to inaccurate
prediction of the convection/destruction of vapor in the
cloud, which is by definition very transient and sensitive
to the production and destruction rate of vapor, and the
interaction between the cavity and the vorticity field through
the baroclinic torque. Nevertheless, the shedding frequency

predicted by the Merkle model with n = 3 matched well with
the measured frequency of f = 3.5 Hz. As shown in Table 1,
the cavity shedding frequency is higher for n = 1 because
the cavity is shorter and undergoes partial shedding at its
trailing edge. Hence, it is important to take into account the
influence of mixture density variation in the calculation of
the turbulent viscosity in and near the cavity.

As shown in Figure 14, the Singhal model with n = 3
shows a much higher shedding frequency, f = 20.5 Hz,
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Figure 12: Comparison of the baroclinic torque (left) and vorticity transport/stretching term (right) in (12) at t6 for the Merkle and Singhal
models with n = 1 and 3 for σ = 1, Re = 750,000, V∞ = 5 m/s, and α = 6◦.
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Figure 13: Comparisons of the measured and the predicted suction
side lift coefficients obtained using the Merkle cavitation model
with n = 3. σ = 1, Re = 750,000, V∞ = 5 m/s, and α = 6◦.

than the measured frequency of 3.5 Hz. The high frequency
predicted by the Singhal model is because of the contin-
uous presence of vapor along the hydrofoil surface (see
Figure 11(b)), which significantly perturbs the wall pressure
distributions and leads to the generation of vorticity through
the baroclinic torque (see Figure 12(d)). As a consequence,
the predicted suction side lift coefficient shows a much higher
shedding frequency and much lower amplitude compared to
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Figure 14: Comparisons of the measured and the predicted suction
side lift coefficients obtained using the Singhal cavitation model
with n = 3. σ = 1, Re = 750,000, V∞ = 5 m/s, and α = 6◦.

the measured values. The results shown in Table 1 confirms
that the shedding frequency is higher for the Singhal model
if n = 1, without the turbulent viscosity modification.

It should be noted that the importance of capturing and
comparing both the mean and fluctuating values is evident
in Figures 13 and 14. As shown in the figures, although
the mean suction side lift coefficient predicted by both the
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Merkle and Singhal models are approximately the same, and
agreed well with experimental measurements, the amplitude
and frequency of the fluctuations predicted by the Singhal
model are very different from the Merkle model, which
compared much better with experimental measurements.

Figure 15 shows the comparisons between the predicted
vapor fraction contours obtained using the Merkle cavitation
model with n = 3 and photographs from the experiments
presented in [26] for σ = 1, Re = 750,000, and α = 6◦. The
white vapor fraction represents the pure vapor and the black
represents the pure water. The predicted flow streamlines are
also shown to facilitate visualization of the flow dynamics.
Similar to the comparison of the suction side loading, the
numerical predictions obtained using the Merkle model with
n = 3 are in good agreement with the experiments. The
cavity expanded up to the foil trailing edge at X/c = 1 (t1 to
t4), followed by breakup near the foil leading edge due to the
reentrant jet at t5. An interaction between the bubbly cavity
mixture and the trailing edge vortex is observed at t6 and t7,
followed by complete convection of the cloud cavity into the
wake at t8.

5.3. Comparisons of the Measured and Predicted Hydrody-
namic Load Coefficients and Cavity Lengths. Figures 16, 17,
and 18 show the measured and predicted normalized cavity
lengths (Lc/c), lift coefficient (CL), and drag coefficient (CD)
over a range of cavitation numbers (σ). The numerical results
for all three models are obtained using n = 3, which
compared the best with the experimental measurements, as
shown in the previous section.

Figure 16 shows the predicted maximum and minimum
cavity lengths, along with the measured maximum cavity
lengths. Cavitation inception is observed at σ ≈ 2.4 for
both computations and experiments. For 1.5 < σ < 2.0,
the minimum and maximum values are equal, which suggest
stable cavitation. It should be noted that all three cavitation
models give very similar results for stable cavitation, and
all agree well with the experimental measurements (star
symbols). For σ < 1.5, the cavity becomes unstable, as
indicated by the diverging maximum and minimum values of
the cavity length, and differences could be observed between
the three cavitation models. The results suggest that the
cavity breaks directly at the leading edge for the Kubota
model, as indicated by the near-zero value of the minimum
length represented by the open circles in Figure 16 for
σ < 1.5. However, experimental observations suggest the
existence of partial sheet cavitation between 1.3 < σ < 1.6,
which is characterized by a partial break of the cavity with
a stable vapor region at the cavity leading edge [18]. As
shown in Figure 16, the Singhal and Merkle models agree
well with the experimental observations, but not the Kubota
model. As the cavitation number further decreases, the break
of the cavity moves closer to the foil leading edge. At σ =
1.00, unsteady sheet/cloud cavitation occurs, as shown in the
numerical and experimental results reported in the previous
section. It should be noted that the measured maximum
cavity lengths agree well with the numerical values for all
three cavitation models considered. However, as evident via
the results shown in the previous section and in Table 1,

even if the minimal and maximal values of the cavity length
agree well between the Singhal and the Merkle cavitation
models, the shedding frequencies are very different. It should
be noted that the Kubota model did not converge due to
excessive fluctuations for σ < 1.2, and hence results are only
shown for σ > 1.2 in Figures 16–18.

Figure 17 compares the measured and predicted lift
coefficients (CL = F/(0.5ρV 2∝c), where F is the lift force)
for different cavitation numbers. The lift coefficient increases
slightly with the development of small, leading edge, and
partial sheet cavitation (1.3 < σ < 1.6). The increase in lift
is attributed to the suction effect created by the small leading
edge cavitation bubble caused by the high pressure gradient.
As the cavity grows with decreasing cavitation number (i.e.,
σ < 1.2, LCmax/c > 0.8), the lift coefficient decreases. Both
the slight increase in the lift coefficient for 1.3 < σ < 1.6
and subsequent drop in lift coefficient for σ < 1.2 are
captured by the Merkle and Singhal models. The numerical
predictions show large fluctuations in the lift coefficients
for σ < 1.2, as indicated by the error bars, due to the
unsteady cavity dynamics. The numerical results show good
agreement with the experimental measurements for σ > 1.6,
in the quasisteady cavitation and fully wetted flow regimes.
The predicted lift coefficients by all three models are slightly
less than the measured values for 1.3 < σ < 1.6, in the partial
sheet cavitation flow regime. In that range, the differences
between the three cavitation models are relatively small,
with the Merkle model showing the most favorable, and
the Singhal model showing the least favorable comparisons.
The Kubota model also predicts much higher fluctuations
compared to the other two models in the unsteady cavitation
flow regime, and the fluctuations grow with decreasing
cavitation number.

Comparisons of the predicted and measured drag
coefficients (CD = D/(0.5ρV 2∝c), where D is the drag
force) are shown in Figure 18. All three cavitation models
underpredicted the drag coefficients, but all three trends
agree well with the experiments. It should be noted that the
underprediction of the drag may be attributed to 3D effects,
where downwash and wall boundary layer effects tend to
increase the drag. The results show that the development
of cavitation significantly increases the drag, particularly for
unsteady cavitation. The combination of decreases in lift and
increases in drag leads to a decrease in the efficiency, which
is a classical issue for cavitation. It should be noted that the
magnitudes of the fluctuations in the lift and drag coefficients
are higher for the Merkle model than the Singhal model
at σ = 1.00, which is consistent with the results shown in
Figures 13 and 14.

6. Conclusions

The predictive capability of three popular cavitation models
is investigated for the prediction of cavitation flow around a
NACA 66 hydrofoil at a fixed angle of incidence (α = 6◦)
at Re = 750,000, for a case with partial sheet cavitation
(σ = 1.49), and a case with unsteady sheet/cloud cavitation
(σ = 1.00). Comparisons of the predicted and measured
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Figure 15: Comparisons of the predicted vapor fraction contours and flow streamlines predicted using the Merkle cavitation model with
n = 3 on the left with experimental observations on the right. σ = 1.00, Re = 750,000, V∞ = 5 m/s, and α = 6◦.
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Figure 17: Comparisons of the measured and predicted lift
coefficients (CL) for various cavitation numbers. Re = 750,000,
V∞ = 5 m/s, α = 6◦, and n = 3.

cavity lengths and hydrodynamic coefficients over a range
of cavitation numbers are also shown. In addition to the
application of different cavitation models, different levels of
density correction to the turbulent viscosity are applied to
investigate the interaction between cavitation and turbulent
flows. The aim of this density correction is to take into
account the local compressibility effects in the cavitating
region, especially near the cavity closure, where standard tur-
bulence models tend to overpredict the turbulent viscosity,
which will modify the cavity shedding dynamics.
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Figure 18: Comparison of the measured and predicted drag
coefficients (CD) for various cavitation numbers. Re = 750,000,
V∞ = 5 m/s, α = 6◦, and n = 3.

The general conclusions of the paper are as follows:
(i) the density modification helps to reduce the turbulent

viscosity in the cavitating region, which decreases the
turbulent kinetic energy in the cavity, as well as around
the cavity closure. With the reduction of the turbulent
viscosity, the reentrant jet is allowed to develop underneath
the cavity and move upstream while allowing the cavity
to expand toward the foil trailing edge. Consequently, the
cavities tend to be slightly longer and more unsteady with
the density modification. This lead to a better comparison
with experimental measurements and observations for both
the quasisteady cavitation case and the unsteady sheet/cloud
cavitation case;

(ii) the density correction to the turbulent viscosity has
varying degrees of impact on the different cavitation models.
The Singhal model is the most sensitive to the turbulent
viscosity modification, which already overpredicted the
general unsteadiness due to the explicit dependence of the
source and sink terms on the turbulent kinetic energy, the
addition of the density correction will further increase the
overall unsteadiness, and hence lead to greater discrepancies
compared to experimental measurements. On the other
hand, the Merkle model seems to be the least sensitive to
the turbulent viscosity modification, and tends to be more
stable than the Singhal and Kubota models, particularly for
unsteady cavitating flows. Addition of the density correction
for the Merkle model helps to avoid overprediction of the
turbulent eddy viscosity, which allows the reentrant jet to
properly develop, and hence leads to improved comparisons
between predictions and measurements;

(iii) the baroclinic torque is responsible for the gen-
eration of additional vorticity due to shear flow created
by the unequal acceleration between the lighter vapor and
heavier liquid phases. Hence, in regions with high, unaligned
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density and pressure gradients, for example, along the liquid-
vapor interface and the cavity closure region, the vorticity
field is modified by the cavitation, which in turn changes
the cavitation dynamics. The interdependency between
the cavity and vorticity dynamics through the baroclinic
torque is not negligible, particularly for unsteady cavitating
flows. The magnitude of the baroclinic torque tends to
increase with the power factor n in the density correction
for the turbulent viscosity (11), which in turn increases
the flow unsteadiness, particularly near the cavity closure.
New detailed experimental measurements of the mean and
fluctuating velocity fields in the cavitating region are needed
to investigate the validity of the density correction, and
the importance of the baroclinic torque on the cavitating
response of hydrofoils;

(iv) the results show that while predictions by all
three cavitation models compare well with experimental
measurements in the quasisteady partial sheet cavitation
range, the predicted cavity shedding frequencies and load
fluctuations predicted by the three cavitation models are
very different in the unsteady sheet/cloud cavitation range.
Moreover, the numerical stabilities of the cavitation models
are very sensitive to the dependency of the condensation and
evaporation rates on the power to the pressure difference
term (1.0 in the Merkel model and 0.5 in the Kubota and
Singhal models), which is probably attributed to the inter-
dependency between the cavitation and vorticity dynamics
through the baroclinic torque. The Singhal model is different
from the Kubota and Merkel models in that it explicitly
depends on the square root of the turbulent kinetic energy
(see (10)), which increases the coupling effect between the
vorticity distribution in the turbulent flow field and the
cavity dynamics, and hence tends to destabilize the cavity.
Consequently, the predicted cavity shedding frequencies was
much higher than the measured values, and the amplitude
of the load fluctuation was much lower than the measured
values. Physically, as noted in [28], transition to turbulence
will sweep away attached cavities. Hence, explicit dependence
of the sink (vaporization) term on the turbulent kinetic
energy does not agree with experimental observations pre-
sented in [28], nor with experimental measurements shown
in this paper. Nevertheless, additional detailed experimental
measurements of the mean and fluctuating velocity fields, as
well as the time histories of the vapor fraction distribution
in the cavity is needed to truly quantify the validity of the
various cavitation models;

(v) in general, the Merkel model with a density correction
of n = 3 shows the best agreement with experimental mea-
surements and observations for both steady and unsteady
cavitating flows, particularly in terms of the cavity shedding
frequency. The predicted shedding for unsteady sheet/cloud
cavitation obtained using the Merkle model with n = 3
matches with the measured value of 3.5 Hz. The Kubota
model is not able to converge for the case of unsteady
sheet/cloud cavitation, and the Singhal model predicts much
higher cavity shedding frequency and much lower amplitude
of fluctuations compared to the measured values;

(vi) the analysis showed that the destruction and produc-
tion coefficients in the Singhal model are not dimensionless

parameters, but instead should have units of velocity to be
consistent with the units of the mass transport equation;

(vii) the results demonstrate the importance of capturing
both the mean and fluctuating values of the hydrodynamic
coefficients and cavity lengths for the case of unsteady
sheet/cloud cavitation because (1) the fluctuations are in
the same order as the mean values, and hence knowledge
of the fluctuations is critical to capturing the extremes of
the loads to ensure structural safety; (2) the need to capture
the frequency of the fluctuations, which are critical to avoid
unwanted noise, vibrations, and accelerated fatigue issues.
Moreover, it is also critical to compare both the amplitude
and frequencies of fluctuations in addition to the mean
values when evaluating the accuracy of numerical models.

This paper helps to improve the understanding of the
predictive capability of the three popular cavitation models.
The impact of the density correction term on the different
cavitation models and its influence on the cavitation
dynamics, vorticity field, and the force coefficients have
been investigated. Additional research is needed to better
understand the influence of the local compressibility and
baroclinic torque on the cavitation and wake dynamics,
as well as turbulent vorticity fields, particularly for cases
with spatially/temporally varying inflow, and for cases
with rigid and/or elastic body motions. Such research is
important because accurate prediction of the cavity and
load fluctuations is critical when analyzing the hydroelastic
stability, fatigue, noise, vibration, and erosion characteristics
of hydraulic machineries.
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A low order panel method is used to predict the performance of propellers. A wake alignment model based on a pseudounsteady
scheme is proposed and implemented. The results from this full wake alignment (FWA) model are correlated with available
experimental data, and results from RANS for some propellers at design and low advance ratios. Significant improvements have
been found in the predicted integrated forces and pressure distributions.

1. Introduction

For the prediction of propeller performance, the panel
method shows great advantage over other numerical tools.
On one hand, the panel method recovers the real blade
geometry as much as possible, instead of simplifying the
propeller blades into lifting surfaces as the Vortex lattice
method (VLM) does. On the other hand, the panel method
is far more efficient than Reynolds-averaged Navier-Stokes
(RANS) simulation, not only in a computational sense, but
also on grid generation. Generally, the panel method strikes
a good balance on accuracy and computational efficiency.
Close to the design condition, the results from panel
method are in good agreement with either experimental
measurement or RANS simulation.

As the advance ratio becomes smaller, the pitch of the
wake sheets becomes smaller. Consequently, the wake shed
from one blade could be close to the consequent blade
and, thus, strongly affect the pressure distribution on the
consequent blade. Therefore, in order to correctly predict
the propeller performance at low advance ratios, an accurate
wake model is necessary. Intensive investigation has been
taken in the past two decades on modeling the wake of a
propeller.

Greeley and Kerwin [1] invented a fast wake alignment
scheme (PSF-2 type alignment). The wake is aligned on a
coarse grid first, and then interpolated onto a fine grid.
Pyo and Kinnas [2] presented a fully aligned wake model
with biquadratic dipole panels. The high order wake model,
although gained success on predicting the rollup of the wake
and also the propeller performance near design condition,
was more computational intensive than those with low-order
panels. Later, Lee and Kinnas [3] developed a 3D wake model
based on low-order panel method for marine propellers,
which emphasizes more on the modeling of a developed tip
vortex cavity. The tip vortex cavity is modeled with a helical
vortex tube, of which the complete geometry is determined
from requiring the pressure on its surface to be equal to
vapor pressure. For the fully wetted cases, the tip vortex core
is still necessary. Lee and Kinnas [4] also applied the same
wake model to fully unsteady nonaxisymmetric flows. He [5]
proposed a fully aligned wake model based on a VLM code,
MPUF3A. In this wake model, the tip vortex core is no longer
necessary.

Independently, Politis [6] formulated the unsteady
motion of propellers with an unsteady wake model in
an inertial frame of reference. Propellers under different,
unsteady operating conditions (impulsive start, inclined
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inflow, and heave motion) were simulated. Greco et al.
[7] proposed a sophisticated steady wake model, including
the fully aligned near wake, helical intermediate wake and
far wake disk, for analyzing the steady performance of
propellers. This wake model was thoroughly validated with
experimental data for propeller near design conditions, but
the off-design performance was not addressed.

In this paper, the same idea as that in He’s [5] wake
model is improved within the framework of a low-order
panel method code, PROPCAV. The panel code without
any aligned wake model is first applied to a 3D wing at
low angle of attack (AOA) on the purpose of verification.
With the new wake model and also the PSF-2 type wake
model, the panel code is then applied to a 5-bladed propeller
DTNRC 4381, especially at low advance ratios, and a 3-
bladed propeller DTMB 4119. In the cases of a 3D wing at low
AOA and propeller DTNRC 4381 at different advance ratios,
the results from PROPCAV are correlated with RANS. In the
cases of propeller, comparisons with available experimental
measurements are also carried out.

2. Formulation

The velocity flow field is decomposed into two components:
inflow velocity and perturbation velocity, written as follows:

q = U∞ + u, (1)

where q is the total velocity, U∞ is the inflow velocity, and u
is the perturbation velocity due to the presence of obstacles.

2.1. Governing Equations. The methodology applied in this
study is based on the inviscid potential flow theory:

u = ∇φ, (2)

where φ is the perturbation potential. The perturbation
velocity field, therefore, is governed by the Laplace equation:

∇2φ = 0. (3)

If the inflow is also irrotational, we can also define the total
potential Φ as follows:

q = ∇φ + U∞ = ∇Φ. (4)

Appling Green’s second identity, the Laplace equation (3) can
be written as the following boundary integrated form:

2πφp =
∫∫

SH

[

φp
∂G
(
p, q

)

∂nq
− ∂φp
∂nq

G
(
p, q

)
]

dS

+
∫

SW
Δφw

(
yq
)∂G

(
p, q

)

∂nq
dS,

(5)

where SH represents the surface of hydrofoil or propeller
blades and SW represents the surface of trailing edge wake.
G(p, q) is the Green’s function, which is defined as 1/R(p; q)
in 3D, and R is the distance between the two points p and
q. A low-order panel method using constant dipole panels is
adopted to solve (5).

2.2. Boundary Conditions

2.2.1. Kinematic Boundary Condition. Applying the kine-
matic boundary condition to the solid surfaces, we obtain
the following:

∂φ

∂n
= −U∞ · n. (6)

2.2.2. Pressure Kutta Condition. At trailing edge, Δφw is
unknown, which is subjected to the pressure Kutta condition:

p+
W = p−W , (7)

where the + sign denotes the suction side panel, and the –
sign denotes the pressure side panel. The physical meaning
of (7) is that free vortex sheets cannot bear pressure jump.

For steady state, (7) leads to the modified Morino-Kutta
condition [10]:

Δφw = φ+
w − φ−w + U∞ · rTE, (8)

where rTE is the vector from the control point of (−) panel to
the (+) panel at the trailing edge.

For unsteady problem in 2D, or even steady problem in
3D, (7) has to be enforced through the unsteady Bernoulli
equation:

∂(Φ+ −Φ−)
∂t

+
1
2

(
q+)2 − 1

2

(
q−
)2 = 0. (9)

An iterative scheme has to be applied in order to enforce
(9), proposed by Kinnas and Hsin [11], namely the Iterative
pressure Kutta condition (IPK).

2.3. Evaluation of Local Velocity. The local perturbation
velocities in the computational domain are not required for
evaluating the pressure on the blade surface, but evoked by
the wake model. Theoretically, the local perturbation velocity
u at any point xp can be evaluated through the following
singular integration:

up = 1
4π

∫∫

SH

[

φp∇
(
∂G
(
p, q

)

∂nq

)

− ∂φp
∂nq

∇G(p, q
)
]

dS

+
∫∫

SW
Δφw

(
yq
)
∇
(
∂G
(
p, q

)

∂nq

)

dS,

(10)

where G(p, q) is the same as Green’s function that is defined
in (5). Practically, the numerical evaluation of (10) casts two
questions: where and how to evaluate the velocity.

If the field point p is located right on the vortex
sheet, (10) contains singular integration. For low-order panel
method, evaluating the velocity at the control point of a panel
can avoid the singularity. Lee and Kinnas [3] implemented
this idea in their unsteady wake model. In order to align
the wake, the velocities at the nodal points of a panel
are interpolated from the velocities at the control points.
Repaneling was carried out at each time step.

However, the velocities are finite at the control points
only if the panels are regularly and smoothly distributed in
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space. At the late stage of the unsteady free wake evolution,
or in certain intermediate steps to determine the steady wake,
the geometry of the vortex sheet could be entangled. The
velocity evaluated at the control point of a panel could lead
to a huge deviation from the exact value. Numerical tests
show that evaluating the velocity at nodal point with certain
desingularized vortex kernel can be more robust than the
schemes mentioned above.

In 2D, the dipole-induced velocity in (10) is equivalent
to the induced velocity due to a vorticity distribution with
strength φ/∂s:

∫

φ∇
(
∂ lnR
∂n

)
ds =

∫
∂φ

∂s

R⊥
R2

ds, (11)

where R⊥ is the vector which is perpendicular to R, R⊥ ≡
(−Ry ,Rx).

Krasny [12] adopted a desingularized kernel R⊥/(R2 +
δ2) instead of R⊥/R2 in (11), which led to the vortex blob
method in the study of the evolution of 2D free vortex
sheet. This method, although simple, was successful in many
2D applications. The vortex-induced velocity is limited to a
finite value, and the inherent Kelvin-Helmholtz instability is
suppressed.

In 3D, the vortex sheet is discretized into constant dipole
elements, which are equivalent to vortex loops with constant
vorticity strength. Therefore, induced velocity due to the
vortex loop can be evaluated using the Biot-Savart law:

u = − 1
4π

∫∫

φ∇
(
∂1/R
∂n

)
ds = 1

4π

∫

φdl× R
R3
. (12)

Replacing the Biot-Savart kernel R/R3, with the
Rosenhead-Moore kernel R/(R2 + δ2)3/2, leads to the 3D
extension of the vortex blob method. Studies by Ramsey [13],
He [5], and Lindsay and Krasny [14] show that this method
can give out reasonable results for the 3D evolution of vortex
sheets.

2.4. Wake Alignment Scheme. The free vortex sheets shed
from the trailing edge from a propeller blade are material
surfaces, which have to be aligned with the local flow velocity.
Alignment schemes play very important roles in determining
the spatial geometry or distribution of the free vortex sheets.
For the steady and unsteady cases, the alignment schemes are
numerically different.

Engineering community is more interested in the steady
propeller performances. As an analogy to the Euler-explicit
scheme for the unsteady cases, many researchers align the
vortex sheet using the velocity at the upstream nodal points:

xi+1 = xi + Δx,

yi+1 = yi +
qy,i

qx,i
Δx,

zi+1 = zi +
qz,i

qx,i
Δx.

(13)

Numerical tests show that this scheme is stable and
converges fast. However, this scheme has the same deficiency

y

y(x, t)

x

y(x, t + Δt)

Figure 1: Schematic plot for the pseudounsteady approach of
alignment.

as the Euler-explicit scheme for the unsteady alignment: it
continuously enlarges the rotating radius around the center
of rollingup, and thus cannot predict the correct location
and size of the rolling-up region. Therefore, in order to get
better prediction of the wake geometry, alignment scheme
in a manner of trapezoidal rule is preferred. However, direct
application of the trapezoidal rule turned out to be unstable.

Tian and Kinnas [15] proposed a pseudounsteady align-
ment approach when simulating the leading edge vortex
(LEV) for delta wings with sharp leading edge. In the LEV
model, the accuracy of the size of the rollup region is more
important than that in the free wake model. In the study of
this paper, although no LEV model is applied for predicting
the propeller performance, the same idea is adopted for
aligning the propeller wake.

As shown in Figure 1, consider a material line defined as
follows:

y = y(x, t). (14)

We have

qy = Dy

Dt
= ∂y

∂t
+ qx

∂y

∂x
, (15)

which leads to

∂y

∂t
= qy − qx ∂y

∂x
. (16)

Discretizing (16) with finite difference scheme for the
slopes and with the Euler-Explicit scheme for the unsteady
terms, we have

yn+1
i = yni +

Δt

2

[(
qny,i−1 + qny,i

)
−
(
qnx,i−1 + qnx,i

) yni − yni−1

xni − xni−1

]

= yni + Δt

[

q̂y,i − q̂x,i
yni − yni−1

xni − xni−1

]

=
(
Δt

Δxi
q̂x,i

)
q̂y,iΔxi
q̂x,i

+
(

1− q̂x,i
Δt

Δxi

)
yni + q̂x,i

Δt

Δxi
yni−1.

(17)
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where q̂y,i = 1/2(qny,i−1 + qny,i), q̂x,i = 1/2(qnx,i−1 + qnx,i), and
Δxi = xni − xni−1. Denoting Δt∗i = Δxi/q̂x,i, and β = Δt/Δt∗i ,
we have

yn+1
i = q̂y,iΔt +

(

1− Δt

Δt∗i

)

yni +
Δt

Δt∗i
yni−1

= βq̂y,iΔt
∗
i +

(
1− β)yni + βyni−1,

zn+1
i = q̂z,iΔt +

(

1− Δt

Δt∗i

)

zni +
Δt

Δt∗i
zni−1

= βq̂z,iΔt
∗
i +

(
1− β)zni + βzni−1.

(18)

Notice that (18) is the alignment scheme for vortex
sheet under horizontal uniform inflow. In other words,
the inflow is parallel to the x-axis. The idea behind this
approach is that the fixed coordinate has to be in the same
direction of the dominant inflow, therefore, (18) behaves in
an upwind manner numerically. For example, the slope of
the curve at current point is evaluated using current point
and the upstream point. However, in the case of the flow
around a propeller, the dominant inflow would not be in
the axial direction, but along helices with constant pitch. The
rotational component of the inflow is important. The flow
around the propeller is solved relative to a coordinate system
which rotates with the propeller. In other words, the U∞ in
(1) should be replaced by U∞ −ω× r, where ω is the angular
velocity of the propeller, and r denotes the radial vector from
the rotation axis to any points on the blades of the propeller.
The essence of the alignment scheme described above is to
decompose the total velocity vector into two components:
(1) component parallel to the inflow and (2) component
normal to the inflow; then keep the length of the vortex
segment in the inflow direction unchanged. The advance
ratio JS is defined as JS = U∞/nD, where n and D are the
rotational velocity in revolutions per second, and diameter
of the propeller respectively.

Consider a point under cylindrical coordinates
xi−1, ri−1, θi−1, with Δθ being the grid size parameter in
the streamwise direction. If the wake is only aligned with the
inflow, the consequent point will be at xi = xi−1 + RJsΔθ/π;
ri = ri−1 and θi = θi−1 + Δθ. Therefore, the effective inflow
direction in the Cartesian system on the segment connecting
the (i− 1)th and the ith points is

si = Δsi
|Δsi| , (19)

where in Cartesian system Δsi is defined as

Δsi =

⎛

⎜
⎜
⎝

RJs
Δθ

π
ri−1[cos(θi−1 + Δθ)− cos θi−1]
ri−1[sin(θi−1 + Δθ)− sin θi−1]

⎞

⎟
⎟
⎠. (20)

Now the averaged perturbation velocity ûi = 1/2(ui +
ui+1) can be decomposed into two components:

ûi,s = ûi · si,

ûi,n = ûi − ûi,ssi,
(21)

where ûi,s is the scalar projection of ûi in Cartesian system
onto si, and ûi,n is the vector component of ûi normal to si.

Defining Δt∗i = |Δsi|/(ûi,sΔθ/ωprop + |Δsi|), and β =
Δt/Δt∗i we obtaine the alignment scheme for the wake of
propeller:

xn+1
i = ûi,nΔt +

(

1− Δt

Δt∗i

)

xni +
Δt

Δt∗i

(
xni−1 + Δsi

)

= βûi,nΔt∗i +
(
1− β)xni + β

(
xni−1 + Δsi

)
,

(22)

where xni denotes the coordinates of the ith point at nth
time step. It is easy to show that if the projection of
the vector xni − xni−1on si is |Δsi|, the projection of the
vector xn+1

i − x
n
i−1on si is |Δsi| as well. Equation (22) is

implemented in the full wake alignment (FWA) model.
Although (22) can be used for unsteady problems, in the
study of this paper, only steady alignment is addressed. Also,
the symmetry or periodicity of the flow field is exploited.

When applying (22) for the steady alignment, the wake
shape is recalculated through (22) repeatedly without resolv-
ing for the potentials until reaching the maximum number of
iterations, or reaching a given convergence criterion. Then,
the influence coefficients, due to the wake are reevaluated.
With the updated influence coefficients due to the wake, the
potentials on the blades and also on the wake are resolved for.
Repeating this procedure will lead to converged wake shape
and converged forces on the blades.

3. Application to 3D Wing at Low Angle
of Attack with Straight Wake

Before applying the FWA model, the basic framework of
current panel code is first tested with a 3D wing at low
angle of attack (AOA). A tip-swept wing, which is expected
to resemble a propeller blade with a large skew angle, is
investigated. As shown in Figure 2(a), sweep is superimposed
onto an elliptic planform, which has an aspect ratio AR =
1.57. All the sections of the wing have NACA 0010 thickness
form without camber. A straight wake without alignment is
attached at the trailing edge of the wing. In this case, no LEV
model is applied.

The results at low AOA (AOA=2DEG) from current BEM
model is validated with RANS, which is obtained through
commercial software STAR-CCM+.

k − ω SST turbulence model is adopted for the RANS
simulation, and the wall y+ is mainly controlled in the range
between 30 and 80. For the convenience of grid generation,
the trailing edge of the wing is made to be round, which has a
radius of 0.5% of the chord length at each section. The RANS
case took around 3 hours with 16 Intel Xeon 2.54 GHz CPUs
to converge. The BEM code took 3 minutes on a single CPU
of the same type to get the results.

Three sections are taken to compare the pressure dis-
tribution. As shown in Figures 2(b)–2(d), the pressure
distributions on all the sections are in good agreement with
both methods.
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Figure 2: Geometry of the wing and comparison of pressure distributions with RANS.

4. Application to Propeller DTNSR 4381

The panel code is applied to a five-bladed propeller DTNSR
4381, which is investigated by Boswell [8] through exper-
imental measurement. The design advance ratio Js of this
propeller is 0.889.

For the simulations with the panel code, two wake
models are adopted: PSF-2 wake model, which is a fast
wake alignment scheme developed by Greeley and Kerwin,
[1] and a full wake alignment (FWA) scheme, which is
implemented in this study. For all the advance ratios, wakes
of one revolution are modeled with the FWA scheme. For
the PSF-2 model, wakes are trimmed at 2.5 R downstream
with an ultimate wake disk. The hub of this propeller is also
modeled through BEM panels, but the hub vortex core is
omitted in this study.

RANS simulations of the same propeller are carried out
with commercial code FLUENT, for Js = 0.883, 0.6, 0.5 and
0.4. K-ω SST turbulence model is adopted. QUICK scheme
is used for spatial discretization, and SIMPLEC scheme is
applied for pressure correction. 1.5 million hexahedral cells
are used to simulate one sector of the domain with periodic
boundary condition. It took 12 to 14 hours on 32 Intel Xeon
2.54 GHz CPUs for the residuals to converge to 1E-6.

In the experimental study by Boswell [8], only integrated
forces were measured. Figure 3 compares the integrated
forces predicted by PROPCAV and RANS, and the exper-
imental measurements. We can see that that the predicted
KT from the panel code with either wake model agree the
well with both experimental data and RANS near design
Js. However, as the advance ratio becomes smaller, the KT
predicted by the PSF-2 alignment starts deviating from the



6 International Journal of Rotating Machinery

0.2

0.3

0.4

0.5

0.6

0.2 0.4 0.6 0.8 1

Exp. RANS

K
T

Js

FWA 40×80 6DEG PSF2 40×80

(a)

0.4

0.5

0.6

0.7

0.8

0.9

0.2 0.4 0.6 0.8 1

10
K

Q

Js

RANS
PSF2 40×80

Exp.

FWA 40×80 6DEG

(b)

Figure 3: KT and 10KQ for propeller DTNSR 4381 from PROPCAV. Experimental data are extracted from [8]. PSF-2 alignment is according
to Greeley and Kerwin [1].
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Figure 4: KT and 10KQ for propeller DTNSR 4381 from PROPCAV with different number of spanwise panels by chordwise panels on the
blade and different streamwise grid size on the wake, where 6DEG stands for 60 streamwise wake panels per turn, and 10DEG stands for 36
streamwise wake panels per turn.

experimental data and the RANS results. At the meantime,
the KT from fully aligned wake model is still in good
agreement with the experimental data. The panel code with
either wake model tends to slightly overestimate the KQ near
the design condition, but the results from PSF-2 alignment
deteriorate at low advance ratios. Figure 4 shows the results
of convergence analysis of the BEM/FWA model: different
spatial discretization on the blade and on the wake leads to
almost the same KT and KQ.

Figure 5 shows the aligned wake geometry at two differ-
ent advance ratios (Js = 0.889 and Js = 0.5). Clearly at low
advance ratio, the wake sheets are strongly rolledup. Figure 6
plots the wake geometry predicted by PSF-2 alignment at

the same advance ratios as in Figure 5. Obviously, PSF-2
alignment did not predict the contraction of the transition
wake radius. The contraction rate of the transition wake is a
user input parameter in PSF-2 alignment. We simply set it as
zero because this parameter differs from case to case. On the
other hand, Figure 3 indicates that near the design condition,
whether contraction of the wake radius has been predicted
(FWA) or not (PSF-2), the predicted total performance of
the propeller will not be affected significantly. Figure 7 shows
sections of the aligned wake cut at the z = 0 plane, from
different Js with different spatial discretization on the blade,
where propeller frame of reference is defined as: x is along
the axial direction, y is along the radial direction passing the
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Figure 5: Wake geometry from FWA at different advance ratio ((a) Js = 0.889; (b) Js = 0.5).
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Figure 6: Wake geometry from PSF-2 at different advance ratio ((a) Js = 0.889; (b) Js = 0.5).

middle of the root of the key blade, and z is normal to x and
y directions. The rollup of the tip vortex can be observed.
Also, the wake geometry with different spatial discretizations
converged to similar results. Notice that in the current wake
model, no tip vortex core model is adopted.

More detailed comparisons of the results between BEM
and RANS are carried out in two different blade sections
at two different advance ratios, as shown in Figure 8.
The correlations among different numerical methods are
remarkably good. Results from panel method with fully
aligned wake model are closer to that of RANS, comparing
with the PSF-2 wake model. This is consistent with the
results for the total forces. Also for the FWA model, different
spatial grids yield almost coincident results. The pressure
distribution from 30 × 60 and 30 × 80 panels is not shown
in Figure 8 so that the difference of the pressure from RANS
and BEM/FWA can be clarified.

In the case of 30 × 80 panels on the blade, the
computational time for PROPCAV with PSF-2 wake model
was only 1 minute on a single Intel Xeon 2.54 GHz CPU. The
FWA model for the same discretization on the blade with
60 streamwise wake panels took 30 minutes to converge on

the same type of CPU. Comparing with RANS, it is a big
advantage to be able to achieve the results with the same
order of accuracy in such a short time. It is also easy to
parallelize the FWA model. For the wake model itself, linear
parallel speedup could be achieved.

Figure 9 lists the convergence history of the FWA model
for the Propeller 4381 at Js = 0.5. The averaged moving
distance of the points at the last streamwise station on the
wake is monitored. Notice that once the wake geometry is
updated, the boundary integral equation has to be resolved
for the corresponding dipole strength on the wake. However,
resolving for the unknowns is not carried out at each step, as
mentioned before, inversion of the coefficient matrix is only
evoked at selected steps.

It should be pointed out that when the advance ratio
is low enough, the leading edge vortex (LEV) could be
developed, and affect the pressure distribution and total
integrated forces. Greeley [16] proposed a semiempirical
LEV model for vortex lattice method. Tian and Kinnas
[15] started to predict the LEV effects in a more rational
way. At the same time, the boundary layer effects on the
pressure distribution on the blade would be noticeable at
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Figure 7: Sections on the aligned wake cut at z = 0 plane at different Js (0.889, 0.7, 0.5 and 0.4) with different discretization on the blade.

high loadings. In order to obtain the correct KT and KQ, the
boundary layer effects have to be taken into account correctly
as well. Sun and Kinnas [17] developed a viscous/inviscid
interaction approach by coupling the panel code with a
boundary layer solver, XFOIL.

The panel code in this study neither included the LEV
model nor coupled with the boundary layer solver. The
viscous effects are considered by using an empirical viscous
pitch correction [18] and a skin friction coefficient, which
corresponds to that of a flat plate at the same Reynolds
number based on the chord length. It is expected that incor-
porating the LEV model and the viscous/inviscid interactive
scheme into current code will make current results even
better.

5. Application to Propeller DTMB 4119

Jessup [9] carried out experimental measurement of the wake
flow of a three-bladed propeller, DTMB 4119. The BEM
code with the FWA model is applied to this propeller, in
order to see the effects of the desingularized parameter δ in
the Rosenhead-Moore kernel R/(R2 + δ2)3/2 when evaluating
the dipole induced velocities. Three different values of δ are
selected (0.03; 0.05; 0.075).

Figure 10 compares the predicted radial location of tip
vortex for propeller DTMB 4119 at design advance ratio
with the experimental measurement by Jessup [9]. All the
results are close to the experimental data. It seems that
smaller values of δ lead to better prediction of the location
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Figure 8: Comparison of pressure from different numerical methods at Js = 0.889 and Js = 0.5, of Propeller 4381, where Cp = (p −
p0)/((ρ/2)n2D2).

of tip vortex. Figure 11 shows the KT and 10KQ predicted
with different values of δ. Clearly, the total performance of
the propeller is insensitive to the value of δ, especially near
the design condition. Under high-loading conditions, slight
deviation among the results from different δ can be noticed.
The reason could be that with small δ, the rollup of the
tip vortex could be overpredicted. Figure 11 indicates that
δ = 0.05 or 0.075 can be reasonable candidates for routine
application of the FWA model.

More rational approachs to determine δ can also be
proposed. It is possible to relate δ with the vorticity strength

carried by each vortex segments on the wake. However,
further investigation is required to implement this idea.

6. Conclusions and Future Work

In this paper, a low-order panel method is used to predict
the performance of propellers. A wake alignment model
based on a pseudounsteady scheme is presented. In order
to validate the basic frame work of the panel code without
the fully aligned wake model, the method is applied first to



10 International Journal of Rotating Machinery

0 50 100 150 200

A
ve

ra
ge

d 
m

ov
in

g 
di

st
an

ce

Number of iterations

1E+00

1E−01

1E−02

1E−03

1E−04

1E−05

Resolve for the unknowns with updated wake

Figure 9: Convergence history of the FWA model for Propeller 4381 at Js = 0.5, with 40 × 80 panels on the blade. The averaged moving
distance for all the radial locations at the last streamwise station on the wake is monitored.

0.7

0.8

0.9

1

0 0.2 0.4 0.6 0.8 1

r/
R

X/R

δ = 0.03

(a)

r/
R

X/R

δ = 0.05

0.7

0.8

0.9

1

0 0.2 0.4 0.6 0.8 1

(b)

X/R

δ = 0.075

0.7

0.8

0.9

1

0 0.2 0.4 0.6 0.8 1

r/
R

(c)
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Figure 11: KT and 10KQ predicted by the BEM/FWA model with
different values of δ.

a 3D wing at low angle of attack. The predicted pressure
distribution agrees well with the RANS results. In case of
the propeller working at design condition, both PSF-2 and
FWA wake models predict reasonable KT and KQ. The
results from FWA model are still in good agreement with
the experimental data even as the advance ratio becomes
smaller. Strong rollup of the wake at low Js is predicted by
the FWA model. Detailed pressure comparisons with RANS
show that FWA significantly improves the simulated pressure
distribution.

The FWA wake model is also partially validated with
the experimental measurement of the wake flow of propeller
DTMB 4119 by Jessup [9]. Correct radial location of tip
vortex is predicted. Sensitivity study indicates that different
values of the desingularized parameter δ only have limited
effects on the predicted total performance of propellers.

On the evaluation of KT and KQ, the viscous effects
are simplified with an empirical viscous pitch correction
[18] and a skin friction coefficient. In the near future, a
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viscous/inviscid interaction model will be included into the
current model in order to treat the viscous effects in a more
rational way. A LEV model will also be added into the current
wake model, so that more accurate pressure distribution
towards the tip of the propeller blade can be obtained.

Correlation of the FWA model with the latest experimen-
tal data can also be very helpful to improve the methods
described in this paper. Typically the PIV measurement
of the wake flow of the INSEAN E779A propeller by Di
Felice et al. [19] reveals many detailed vortical structures.
An investigation will be carried out if the geometry of this
propeller is made available.
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The load dependent deformation responses and complex failure mechanisms of self-adaptive composite propeller blades make
the design, analysis, and scaling of these structures nontrivial. The objective of this work is to investigate and verify the
dynamic similarity relationships for the hydroelastic response and potential failure mechanisms of self-adaptive composite marine
propellers. A fully coupled, three-dimensional boundary element method-finite element method is used to compare the model
and full-scale responses of a self-adaptive composite propeller. The effects of spatially varying inflow, transient sheet cavitation,
and load-dependent blade deformation are considered. Three types of scaling are discussed: Reynolds scale, Froude scale, and
Mach scale. The results show that Mach scaling, which requires the model inflow speed to be the same as the full scale, will lead to
discrepancies in the spatial load distributions at low speeds due to differences in Froude number, but the differences between model
and full-scale results become negligible at high speeds. Thus, Mach scaling is recommended for a composite marine propeller
because it allows the same material and layering scheme to be used between the model and the full scale, leading to similar 3D
stress distributions, and hence similar failure mechanisms, between the model and the full scale.

1. Introduction

In recent years, advanced composite materials have become
an increasingly popular alternative to traditional metallic
alloys for aerospace and marine applications, including
rotors such as propellers and turbines. In addition to having
the benefits of higher specific strength and stiffness, compos-
ites can provide improved performance over metallic alloys
through exploitation of the intrinsic bend-twist coupling
characteristics. The anisotropic properties of composites
can be used to elastically tailor the rotor blades to achieve
improved performance through passive pitch adaptation.
However, the load-dependent deformation responses and
complex failure mechanisms of composite blades make the
design, analysis, and scaling of these structures nontrivial.

Over the last two decades, much research on com-
posite rotors focused on the utilization of fluid-structure

interactions (FSI) to improve the performance of aerospace
structures, notably helicopter, aircraft, and wind turbine
blades [1–7]. More recently, the use of advanced composites
to improve the performance of marine rotors has been
demonstrated experimentally [8–10] and numerically [11–
23]. It has been shown that self-adaptive composite rotors
can help to delay cavitaton, increase energy efficiency, and
decrease fuel consumption when compared to rigid metallic
rotors in spatially varying flows and in off-design conditions.
To the knowledge of the authors, nearly all published
systematic experimental studies of composite marine rotors
in the open literature have been conducted in model-scale
cavitation tunnel and towing tank facilities. In order to
predict the full-scale, load-dependent deformation response
and potential failure mechanisms of self-adaptive composite
marine rotors, appropriate hydroelastic scaling laws are
needed.
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While hydrodynamic similarity relationships are well-
defined for traditional rigid, metallic marine rotors, there
exist very few works that discuss the hydroelastic scaling of
self-adaptive marine rotors. Hydroelastic scaling of wave-
structure interaction problems can be found in [24, 25],
though these and other similar wave-structure interaction
studies typically do not involve rotating components or
cavitation. Hydroelastic scaling of surface-piercing propellers
have been discussed in [26], but it applies only to isotropic
metallic blades. Young [27] derived and validated dynamic
hydroelastic similarity relations for self-adaptive composite
rotors and demonstrated the importance of material scal-
ing to ensure similar load-deformation characteristics. For
flexible composite rotors, scaling of the material is highly
nontrivial, especially for the prediction of material failure.
The effects of specimen size, material properties, stacking
sequence, number of plies, and fiber orientation, among
other characteristics, have been shown to have a significant
effect on the failure strength of composite materials, as well
as the failure mode of the test specimen [28–33].

The objectives of this work are to investigate and to
verify the dynamic similarity relationships for the hydroe-
lastic response and potential failure mechanisms of self-
adaptive composite marine propellers. A fully coupled, three-
dimensional (3D), boundary element method-finite element
method (BEM-FEM) is used to compare the model and
full-scale responses of a self-adaptive composite propeller
designed for a naval combatant. The 3D BEM-FEM solver
is summarized in Section 2, the propeller characteristics
are described in Section 3, the scaling results are shown in
Section 4, and the major findings are reported in Section 5.

2. Methodology

2.1. 3-D BEM-FEM Solver. A 3D coupled BEM-FEM solver is
applied herein for the analysis of propeller performance. The
solver considers the effects of nonlinear geometric coupling
due to thickness and 3D effects, spatially varying inflow,
transient sheet cavitation, load dependent FSI response, and
potential strength and stability issues. The fluid behavior
is assumed to be governed by the incompressible Euler
equations in a blade-fixed rotating coordinate system as
follows:

DVt

Dt
= −∇p

ρ
+ g−Ω× (Ω× x)− 2Ω×Vt,

∇ ·Vt = 0,

(1)

where Vt is the total velocity, t is the physical time, p
is the hydrodynamic pressure, ρ is the water density, g is
the gravitational acceleration, Ω is the propeller rotational
speed vector, and x = (x, y, z) is the non-inertial blade-fixed
coordinates vector that rotates with the reference blade.

The total velocity (Vt) is expressed as the summation
of the inflow velocity (Vin) and the perturbation potential
velocity (∇Φ):

Vt = Vin +∇Φ, (2)

where Vin = Ve − Ω × x. The effective wake velocity Ve

contains both the nominal inflow velocity (i.e., in the absence
of the propeller) and the vortical interactions between the
propeller and the inflow [35]. This allows the perturbation
flow field to be treated as incompressible, inviscid, and
irrotational and it is governed by the Laplace equation:
∇2Φ = 0. Readers should refer to [14, 15, 36–41] for more
details.

To consider FSI effects, the perturbation potential Φ is
further decomposed into components due to rigid blade
rotation, φ, and elastic blade deformation, ϕ, which are
solved using the 3D BEM with proper kinematic and
dynamic boundary conditions. Similarly, the total hydro-
dynamic pressure p is decomposed into components due
to rigid blade rotation, pr , and elastic blade deformation,
pe. Integration of pe over the wetted blade area can be
expressed as the added mass matrix ([MH]) times the nodal
acceleration vector ({ü}) and the added damping matrix
([CH]) times the nodal velocity vector ({u̇}), resulting in
the equation of motion defined with respect to the rotating
blade-fixed coordinate system in the time domain:

([M] + [MH]){ü} + ([C] + [CH]){u̇} + [K]{u}
= {Fce} + {Fco} + {Fr},

(3)

where {u} is the structural nodal displacement vector;
[M], [C], and [K] are the structural mass, damping, and
stiffness matrices, respectively; {Fce}, {Fco}, and {Fr} are the
centrifugal force, the Coriolis force, and the hydrodynamic
force (due to rigid blade rotation) vectors, respectively.
Detailed formulation of these vectors and matrices can be
found in [14, 15].

The dynamic equation of motion is solved using the com-
mercial FEM solver, ABAQUS/Standard [42], where [MH],
[CH], and {Fr} are obtained from the BEM solver. The direct
cyclic algorithm in ABAQUS/Standard, which combines a
modified Newton method with a Fourier representation of
the solution and residual vectors, is used to calculate the
dynamic blade response in unsteady flows and the effects
of noncacheable large blade deformations are considered by
iterating between the fluid and solid solvers until the solution
converges, which generally occurs within 6-7 iterations. The
propeller blades are discretized using 3D, reduced integration
quadratic continuum solid elements. The composite material
is modeled using orthotropic material properties for each
of the elements along with a primary axis to represent the
orientation angle of the fibers. Material failure initiation is
modeled using the Hashin failure initiation criteria [43].
Further details of the formulation, including numerical
implementation validation studies, can be found in [13–
15, 39–41, 44–46].

3. Propeller Characteristics

In previous works [20–22], the authors designed and ana-
lyzed a pair of self-adaptive composite propellers, shown
in Figure 1 and modeled after the classic propeller, DTMB
4383, details of which can be found in [47]. The propeller
was assumed to be made of carbon fiber reinforced polymer
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Figure 1: (a) Undeformed propeller geometry for the modified DTMB 4383 made of CFRP. (b) Assumed inflow wake at the propeller plane
behind a twin-shafted naval combatant [34].

(CFRP) and has a diameter of 5.18 m. The inflow wake in the
propeller plane, shown in Figure 1, is based on data presented
in [34] and is asymmetric because of the upstream hull form
of the twin-shafted naval combatant craft.

4. Comparison of the Model and
Full-Scale Responses and Potential Failure
Mechanisms of a Self-Adaptive Composite
Marine Propeller

A self-adaptive composite propeller is designed to depitch
under normal forward loading [21]. For a self-adaptive
propeller, the blade deformation and the resulting hydrody-
namic performance depend on the total dimensional load
corresponding to a specific advance speed,Va, and rotational
frequency, n. AsVa increases, the depitching action increases,
which in turn requires a greater increase in n in order to
meet the vessel thrust requirement. In order to validate the
predicted propeller performance and to investigate potential
failure mechanisms of self-adaptive composite propellers,
proper scaling relationships must be developed that capture
the load-deformation response of the propeller blades.

4.1. Dynamic Hydroelastic Similarity Relations. In a previous
work by Young [27], hydroelastic similarity conditions and
scaling factors for self-adaptive composite marine propellers
were presented in detail and are summarized here for
clarity. Scaling factors are defined as the ratio of model-
scale to full-scale parameters and are denoted by λ with
appropriate subscripts representing the parameter of interest.
Assuming geometric similarity, the characteristic length scale
is λD = DM/DF , where DM is the diameter of the model-
scale propeller and DF is the diameter of the full-scale
propeller. For a typical towing tank or cavitation tunnel test

facility with water as the fluid medium, the scaling factors
for gravity (λg), fluid density (λρ), viscosity (λν), and speed
of sound (λa) are approximately 1. To simulate the same
operating conditions between the model and the prototype,
the scaling ratios for the advance coefficient (λJ , where J =
Va/nD) and cavitation number (λσn , where σn = (P∞ −
Pv)/(0.5ρn2D2), P∞ is the absolute hydrostatic pressure at the
propeller shaft axis, and Pv is the saturated vapor pressure)
must also be 1, which can be achieved by controlling the
inflow velocity, propeller rotational frequency, and pressure
inside a cavitation tunnel. Additionally, to achieve similar
FSI response between the model and full-scale propellers, the
scaling ratios for solid density (λρs) and Poisson’s ratio (λνi j )
must equal 1 and the effective structural stiffness ratios must
be scaled as follows:

λEi = λGij = λ2
nλ

2
D, (4)

where Ei is the Young’s modulus in the i-direction and Gij

is the shear modulus in the i j-orientation. Assuming that
the above similarity conditions are met, only three criti-
cal nondimensional parameters remain: Reynolds number
(Re = nD2/ν), Froude number (Fr = n2D/g), and Mach
number (Va/a), where the parameters ν and a are respectively
the fluid kinematic viscosity and speed of sound. Reynolds
number, Froude number, and Mach number similarity
cannot be satisfied simultaneously. Hence, the selection of
the appropriate scaling depends on the objective of the
model-scale study.

Reynolds number similarity should be applied when
viscous effects and the influence of large-scale vortices are
critical, but it is difficult to achieve in typical cavitation
tunnels because it requires the model-scale velocity to be
faster than the full-scale velocity, or Va,M = Va,F/λD. For
typical forward operating conditions, the Reynolds number
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Table 1: Scaling ratios for critical parameters assuming geometric
similarity and the following conditions to be true [27]: λg = λρ =
λν = λa = λJ = λσn = λρs = 1.

Parameter Expression Froude scale Mach scale

Froude number λFr 1 λ−1
D

Reynolds number λRe λ3/2
D λD

Mach number λMa λ1/2
D 1

Axial velocity λV λ1/2
D 1

Angular velocity λn λ−1/2
D λ−1

D

Elastic modulus λEi λD 1

Shear modulus λGij λD 1

Poisson’s ratio λνi j 1 1

Elastic force λF λ3
D λ2

D

Gravitational force λG λ3
D λ3

D

Hydrodynamic inertial force λH λ3
D λ2

D

Rotor inertial force λI λ3
D λ2

D

Natural frequencies λω λ−1/2
D λ−1

D

should be large enough such that viscous forces should
be small compared to inertial and gravitational forces, and
hence, Reynolds number similarity is not considered herein.

Froude number similarity is critical for flow conditions
where gravitational forces are important (i.e., at small Froude
numbers). There are four principal forces that must be
considered for a flexible composite propeller: solid elastic
restoring force, gravitational force, hydrodynamic inertial
force, and rotor inertial force. When gravitational forces are
significant, for example, at lower speeds, Froude scaling is the
only model that maintains the same ratios between all four
of the dominant forces [27]. Further, Froude scaling allows
smallerVa, which is easier to achieve in cavitation tunnel and
towing tank studies.

Mach number similarity is typically required when flow
compressibility is an issue, which should not be a concern
for marine propellers at both the model and full-scale
because the Mach number is typically significantly less than
1. However, Mach scaling allows the same material and
layering scheme to be used between the model and full-scale
propellers [27]. In order to absorb the high hydrodynamic
loads, self-adaptive composite marine propellers typically
require complex 3D geometry with small aspect ratio and
solid material layup. Hence, it is extremely difficult, if not
impossible, to find the proper fiber and matrix properties
and layering scheme, such that the 3D distribution of the
structural density, bending rigidity, torsional rigidity, and
coupled bending-torsional rigidity are the same between the
model and the full-scale propellers unless the same material
and layering scheme are used.

The objectives of this work are to verify the dynamic
similarity relationships presented in [27] by comparing the
model-scale and full-scale responses as well as potential
failure mechanisms of the self-adaptive composite marine
propeller shown in Figure 1. For convenience, the relevant
scaling parameters for Froude and Mach scaling as derived in
[27] are summarized in Table 1.

Table 2: Geometric and material parameters of the full-scale,
Mach-scale, and Froude-scale composite propellers.

Parameter Full scale Mach scale Froude scale

λD 1 1/17 1/17

D (m) 5.18161 0.3048 0.3048

Va (knots) 0–20 0–20 0–4.8

n (rpm) 0–110 0–1680 0–400

ρ (kg/m3) 1025 1025 1025

ρs (kg/m3) 2150 2150 2150

E1 (GPa) 80.0 80.0 4.71

E2 = E3 (GPa) 10.0 10.0 0.59

G12 (GPa) 3.30 3.30 0.19

G13 = G23 (GPa) 3.90 3.90 0.23

ν12 = ν13 0.32 0.32 0.32

ν23 0.45 0.45 0.45

XT (MPa) 1950 1950 —

XC (MPa) 1480 1480 —

YT = ZT (MPa) 48 48 —

YC = ZC (MPa) 200 200 —

SXY = SXZ (MPa) 79 79 —

SYZ (MPa) 50 50 —

4.2. Model and Full-Scale Parameters. The validity of the
Mach-scale and Froude-scale similarity relationships shown
in Table 1 is demonstrated using the 3D BEM-FEM solver
described in Section 2. The 5.18 m (17 ft) full-scale propeller
is described in Section 3, and shown in Figure 1. The model-
scale propeller is assumed to be a geometrically similar 1/17-
scale model with a diameter of DM = 0.3048 m (1 ft).
The relevant parameters for the full-scale, Mach-scale, and
Froude-scale composite propellers are shown in Table 2.
Note that the longitudinal (X), transverse (Y), and shear (S)
strength components are included. It should be noted that
both the Mach-scale and Froude-scale studies are assumed to
be conducted in cavitation tunnels such that the cavitation
number, σn, can be made to be the same as the full-
scale propeller by controlling tunnel pressure. Additionally,
no values are listed for the Froude-scale material strength
parameters in the last six rows Table 2 because they cannot be
derived theoretically since, as noted in the previous section, it
is difficult to find the fiber and matrix combinations that will
satisfy all the effective structural density and moduli scaling
requirements.

4.3. Steady-State Response in Uniform Inflow. A compar-
ison of the load-dependent deformation responses and
resulting performance of the full-scale and model-scale
propellers under steady, uniform inflow conditions is shown
in Figure 2. By applying the scaling relationships shown
in Table 1, the variations of the normalized deformation
responses (change in pitch angle, Δφ, change in skew, Δθskew,
and normalized change in rake, Δrake/D) and hydrodynamic
load coefficients (thrust coefficient, KT = T/ρn2D4, torque
coefficient, KQ = Q/ρn2D5, and efficiency, η = JaKT/2πKQ)
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Figure 2: Comparison of propeller performance curves (a) and deformation responses (b) of the full-scale, Froude-scale, and Mach-scale
propellers as a function of the full-scale advance speed Va.

Table 3: Circumferentially averaged values of the hydrodynamic
load coefficients and blade deformations in wake fow for the full-
scale, Mach-scale, and Froude-scale propellers (ρ = 1025 kg/m3,
ν = 1.004× 10−6 m2/s, g = 9.8 m/s2, a = 1560 m/s).

Full scale Mach scale Froude scale

Va (knots) 10 20 10 20 2.425 4.851

Fr 0.340 1.435 5.780 24.406 0.340 1.435

Re×10−6 21.45 44.05 1.26 2.59 0.305 0.628

Ma× 103 6.41 12.8 6.41 12.8 1.55 3.11

KFx 0.0440 0.0409 0.0440 0.0408 0.0439 0.0403

KMx 0.0118 0.0106 0.0117 0.0106 0.0118 0.0105

Δφ (deg) 0.569 2.092 0.569 2.075 0.574 2.112

Δtip/D 0.00363 0.0135 0.00363 0.135 0.00366 0.0135

for the deformed geometry, with Va for both the Froude-
scale and Mach-scale propellers agree well with the full-scale
propeller. Note that while Va is the same between the Mach-
scale and the full-scale propellers, the advance speed for the
Froude-scale propeller should be reduced by λ1/2

D . For ease
of comparison, the full-scale, Mach-scale, and Froude-scale
results are shown in the same graph as a function of the full-
scale Va.

Figure 3 shows the first five wetted resonant frequencies
of the full-scale, Mach-scale, and Froude-scale propellers
normalized by the appropriate propeller rotational frequency
corresponding to a full-scale advance speed ofVa = 20 knots.

As expected, because λn = λω, the normalized frequencies are
the same.

The results demonstrate that by following the similarity
relations shown in Table 2, both the Froude-scale and Mach-
scale composite propellers are able to correctly predict
the load-dependent deformation response, hydrodynamic
performance, and susceptibility to transient and/or resonant
vibration of the full-scale composite propeller.

4.4. Transient Response in Spatially Varying Wake Flow. To
further verify the hydroelastic similarity relations, results
are shown in this section for the full-scale, Mach-scale, and
Froude-scale composite propellers operating in the spatially
varying wake shown in Figure 1.

Comparisons of the circumferentially averaged values
of the hydrodynamic coefficients and blade deformations
corresponding to full-scale advance speeds of Va = 10 knots
and Va = 20 knots are shown in Table 3. For both speeds,
the Reynolds numbers are high enough for the full-scale
and Mach-scale propellers such that viscous forces should
be negligible compared to inertial forces. It should be noted
that transition may occur on the Froude-scale propeller, and
hence, special treatment may be needed at the blade leading
edge to ensure fully turbulent flow. However, since the 3D
BEM-FEM model assumes inviscid flow, viscous effects will
not be discussed herein. Although the Froude number is
rather low at 10 knots, the mean axial force coefficient,
KFx = Fx/ρn2D4, and axial moment coefficient, KMx =
Mx/ρn2D5, where Fx and Mx are the axial force and moment,
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Figure 3: First five wetted excitation frequencies, ωi, normalized by
the propeller rotational frequency, n, for the full-scale, Froude-scale,
and Mach-scale propellers. The results correspond to the full-scale
propeller operating at Va = 20 knots.

respectively, as well as the changes in blade tip pitch angle,
Δφ, and the normalized blade tip deflections, Δtip/D for
the full-scale, Mach-scale, and Froude-scale propellers are in
good agreement with each other.

Comparisons of the time histories of the hydrodynamic
responses, deformations, and cavitation volumes for the full-
scale, Mach-scale and Froude-scale propellers are shown in
Figures 4, 5 and 6. Good agreement is observed between
the full-scale and Froude-scale propellers because Froude
scaling has the benefit of preserving the ratios between
the four dominant forces, as noted in Table 1. However, as
shown in Figures 4, 5 and 6, some discrepancies could be
observed between the full-scale and Mach-scale propellers,
particularly at the lower full-scale speed of Va = 10 knots.
As shown in Table 3, the Froude number is higher for the
Mach-scale propeller, which will lead to under-prediction of
the gravitational force relative to the other forces, which is
consistent with the relations shown in Table 1. Consequently,
the time histories of the per-blade axial force and moment
coefficients of the Mach-scale propeller are slightly different
from the full-scale propeller, although the mean values are
approximately the same (see Table 3). Moreover, the Mach-
scale propeller tends to under-predict the cavitation volumes,
as shown in Figure 6. As the speed increases, the relative
importance of gravitational forces decreases, which leads
to better agreement between the Mach-scale and full-scale
propellers at Va = 20 knots.

To better illustrate the difference between the Mach-scale
and full-scale propellers at Va = 20 knots, comparisons of
the pressure coefficient contours are shown in Figure 7. The

pressure coefficient is defined as CP = (P − P∞)/(0.5ρn2D2),
where P is the absolute total pressure and P∞ is the absolute
hydrostatic pressure at the propeller shaft axis. The darker
regions indicate where cavitation develops, that is, −CP =
σn. As shown in Figure 7, the pressure distribution and
cavitation coverage between the Mach-scale and full-scale
propellers are very similar. The results demonstrate that
although Froude number effects do influence the spatial vari-
ations of the dynamic blade loads and cavitation volumes,
the effects are very limited at high speeds, where cavitation,
material and/or stability failure are potential concerns.

Depending on the length scale, λD, constructing a geo-
metrically similar model-scale propeller following Froude
similarity with the required 3D distribution of the structural
density, as well as bending, torsional, and bending-torsional
rigidity can be very difficult, especially for a self-adaptive
composite propeller made of anisotropic laminates stacked
in complex, 3D configurations. As shown in Table 2, the
difference in the bending and shear moduli can be signifi-
cant. It is difficult to ensure that all of the moduli (Ei and
Gij) and Poisson’s ratios (νi j) scale according to the values
given in Table 2 while keeping the effective solid density (ρs)
the same between the model and the full-scale propellers.
Changing even one of the material parameters can have a
significant effect on the 3D load-deformation characteristics.
Additionally, assessing structural integrity of the blades is not
feasible for Froude similarity because of the need to scale the
structural strength parameters.

As shown in Table 2, the same material and layering
scheme could be used for the Mach-scale propeller, which
significantly simplifies the material scaling. To accommodate
the reduced size of the Mach-scale model, ply-level scaling
could be used to scale the composite layup using the same
type of laminates to ensure similar elastic response of the
composite blade [29]. However, the failure strengths may
differ between the model and the full-scale propellers even
with Mach-scaling of the geometry and operating conditions,
and ply-level scaling of the composite with the same material
properties, because of size effects attributed to material
uncertainty with size [28–30]. Nevertheless, estimates of
the susceptibility for first-ply or initial material failure can
be achieved. The dominant failure modes for a composite
rotor blade constructed of solid multilayered laminates in
flexure are matrix tensile failure and delamination [22].
While there are many different models for the prediction
of composite failure initiation, the commonly used Hashin
failure initiation models [43] are applied herein and are
defined as,

fmatrix,T =
(
σ2

YT

)2

+
(
τ23

SYZ

)2

+
(
τ12

SXY

)2

,

fdelam =
(
σ3

ZT

)2

+
(
τ23

SYZ

)2

+
(
τ13

SXZ

)2

,

(5)

where σi is the normal stress in the i-direction, τi j is the
shear stress in the i j-direction, and YT , ZT , SXY , SXZ , and
SYZ are material strength parameters as defined in Table 2.
Initial material failure is assumed to occur when fmatrix,T > 1
or fdelam > 1.
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Figure 4: Unsteady axial force coefficient, KFx, and axial moment coefficient KMx, of the reference blade as a function of blade angle at a
full-scale advance speed of Va = 10 knots (a) and Va = 20 knots (b) for the full-scale, Froude-scale, and Mach-scale propellers.
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Figure 5: Unsteady changes in blade tip pitch angle (a), Δφ, and normalized tip deflection (b), Δtip/D, as a function of blade angle at a
full-scale advance speed of Va = 10 knots and 20 knots for the full-scale, Froude-scale, and Mach-scale propellers.
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Figure 6: Unsteady normalized backside cavitation volume as a function of blade angle at a full-scale advance speed of Va = 10 knots (a)
and Va = 20 knots (b) for the full-scale, Froude-scale, and Mach-scale propellers.
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Figure 7: Unsteady backside pressure coefficient, CP , contours at Va = 20 knots for the full-scale (a) and Mach-scale (b) propellers.

Comparisons of the matrix tensile and delamination fail-
ure initiation indicators at the blade root between the Mach-
scale and full-scale propellers operating in steady, uniform
inflow at Va = 20 knots are shown in Figure 8. It should
be noted that the trends shown for steady, uniform inflow
are similar to those for the propeller operating in a spatially

varying wake. For this propeller, failure initiation occurs at
the blade root in the trailing edge region because of the high
skew and the assumed fixed boundary at the root, which
tends to overestimate the stress concentrations. Nevertheless,
the failure indicator contours are very similar between
the Mach-scale and full-scale propellers when operating
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Figure 8: Comparisons of the matrix tensile and delamination composite failure initiation indicators at the blade root for the full-scale (top)
and Mach-scale (bottom) propellers operating in steady, uniform inflow at Va = 20 knots.

in both steady and unsteady flow conditions. The results
demonstrate the critical advantage of Mach scaling—the
ability to preserve similar 3D stress distribution by allowing
the same material and layering scheme to be used, and hence
allow investigation of potential failure mechanisms of the
full-scale self-adaptive composite material propeller when
conducting model scale testing.

5. Conclusions

A previously validated 3D BEM-FEM solver is used to com-
pare the model (1/17-scale) and full-scale hydroelastic
responses and potential failure mechanisms of a self-adaptive
composite propeller designed for a naval combatant. The
effects of spatially varying inflow, transient sheet cavitation,
and load-dependent blade deformations are considered.

The critical scaling ratios are shown in Table 1. The
results show that Froude scaling has the benefit of being able
to maintain the ratios of the solid and fluid inertial forces,
gravitational force, and elastic restoring force. However, it
will be very difficult to properly scale the solid density and
all the elastic material properties of a Froude-scale self-
adaptive composite propeller, and will be nearly impossible
to properly scale the material failure strengths. Mach scaling,
on the other hand, has the benefit of allowing the same
material and layering scheme to be used between the model

and full-scale propellers, which helps to preserve the 3D
stress distributions and potential failure mechanisms. It
should be emphasized that flow compressibility effects are
typically negligible for marine propellers and are ignored in
the current analysis. Mach number similarity simply implies
that the relative inflow velocity should be the same between
the model and full-scale propellers, which can be achieved
in cavitation tunnel studies. The results show that Mach
scaling will under-predict the gravitational force compared
to the other three dominant forces because of the higher
Froude number at model scale, particularly in the lower-
speed range. Nevertheless, the results show that both the
Mach-scale and Froude-scale propellers are able to reproduce
the average hydrodynamic load coefficients, load-dependent
deformations, and susceptibility to resonant vibrations of the
full-scale self-adaptive composite propeller. However, some
differences between the Mach-scale and full-scale propellers
could be observed in the spatial variation of the dynamic
blade loads and cavitation volumes when operating in a spa-
tially varying wake, particularly at the low speed range. At the
high speed range where cavitation, material and/or stability
failure are potential concerns, very limited differences are
observed between the dynamic response of the Mach-scale
and full-scale propellers. Moreover, the results demonstrate
that the Mach-scale propeller is able to emulate the 3D
distribution of the material failure initiation indicators,
which is critical to assessing the structural integrity and safe
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operating envelope of the full-scale self-adaptive composite
marine propeller.

It should be noted that the current work assumes ply-
level scaling of the composite layup, and that the mate-
rial properties and manufacturing processes are the same
between the Mach-scale and full-scale composite propellers.
However, it is well known that the failure strengths of
CFRPs typically decrease with increasing size due to the
increasing material and geometry uncertainties, for example,
misalignment or kinking of fibers, existence of voids, uneven
distribution of fiber or matrix volumes, and so forth. More-
over, different manufacturing techniques may be required
between the model and the full-scale because of challenges
with the solid material layup and complex 3D geometry of
marine propellers. Hence, additional research is needed to
address composite scaling issues, particularly related to the
failure strengths, influence of residual stresses, load-sequence
effects, and fatigue strengths when subject to long term salt
water immersion and potential large temperature variations.

The analyses shown in this paper are limited to inviscid
flow assumptions, and hence, Reynolds effects are not
considered. Although viscous forces should be negligible
compared to inertial forces for most speeds of interest in
normal forward operating modes, transition and viscous
effects on the blade tip may be of concern at the model-scale
because of the reduced Reynolds number. Moreover, viscous
effects may dominate for extreme off-design conditions such
as crashback, where the flow is dominated by large-scale flow
separations and transient ring vortices. Hence, additional
research is also needed to investigate viscous effects on
the dynamic hydroelastic response and potential failure
mechanisms of self-adaptive composite marine propellers.
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A computational-fluid-dynamics-based modeling effort to capture flow through an axial flow waterjet propulsor is presented. The
effort covered the waterjet flow over a wide range of flow coefficients and into cavitation-driven breakdown. The computations
are presented in cavitation at two values of flow coefficient through a series of decreasing operating inlet total pressure. The
computational results are compared to experimental measurements. Suction-surface and tip-gap cavitation patterns are presented
and compared to experimental photographs. Presented computational solutions are blade-passage steady and periodic. The
computational results apply a powering iteration methodology to facilitate coupling of rotor, stator, and inflow and outflow
ducting.

1. Introduction

Axial flow waterjets are a marine propulsion configuration
promising to provide a balance between robustness and
performance particularly suited to high-speed craft. Due
to the contained, internal nature, they may be attractive
from a modular vehicle design standpoint. Of course, to
achieve performance, they must be integrated with a well-
designed inlet, nozzle, and conformal hull. Due to their
internal flow nature, waterjets are expected to maintain
resistance to cavitation, are amenable to advanced concepts
such as thrust vectoring, should exhibit a wide range
of nominally high efficiency, and may hypothetically be
implemented in all types of surface and submerged marine
vehicles. Seemingly, for surface craft, only the inlet must
be submerged. However, cavitation and other considerations
may drive duct placement as well.

The flow fields through a waterjet propulsor are, however,
inherently unsteady and three-dimensional. Furthermore,
all ducted propulsors, such as waterjets, are influenced by
numerous interacting shear flows. Relative to flow around
open propellers, the effects of hub and drive shaft, ducting
and shroud, tip gap, and rotor-stator blade-row interaction
tend to increase flow path complexity and decrease peak

efficiency. Thus, it is surmised that ducted propulsor perfor-
mance is more strongly influenced by shear flows, inherent
unsteadiness, and interacting vortical structures than open
propellers.

For all marine propulsors, cavitation due to local pressure
depressions is a persistent condition of interest. Typically,
cavitation is a limiting condition on propulsor performance.
This may be due to an absolute level of loading that may
not be exceeded, resulting in a limit on thrust, that is, thrust
breakdown.

Cavitation breakdown, that is, the significant alteration
in propulsor torque or thrust due to cavitation, may coincide
with cavitation choking, at least for a ducted turbomachine.
Cavitation choking is quite similar in manifestation to gas-
dynamic choking. Using a simple throttling device such
as a nozzle, and given an inlet reservoir at a fixed total
pressure and temperature, there is a minimum outlet back-
pressure beneath which further reduction fails to increase
the mass flow through the nozzle. For gas dynamics, the
maximum mass flow coincides with sonic flow at the nozzle
throat. For cavitation, the maximum mass flow coincides
with the onset of cavitation at the nozzle throat. The throat
is then at a physical minimum operating pressure. Any
attempt to increase flow rate, without increasing the nozzle
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total pressure, would cause an increase in the amount of
vapor at the throat, reducing the effective flow area, and
thus increasing the throat mean velocity, an unsustainable
condition. This is described by Mishra and Peles [1]; that is,
choking occurs as soon as vapor is present downstream of the
nozzle throat. Although they focus on a current research area,
microscale nozzles, they point out that the choking event
occurs similarly in any size device. A simple description of
cavitation choking is also given in Chapter 8 of Brennen [2].

A three-dimensional, multiphase Reynolds-Averaged
Navier-Stokes (RANS) computational tool has been applied
to axial flow waterjet computations. Previously, Kunz et
al. [3] and Lindau et al. [4, 5] have presented steady
and unsteady cavitating flow results using the same
RANS approach, conserving liquid and vapor phases with
transport-based mass transfer. Athavale et al. [6] applied a
similar homogeneous RANS approach to an axial flow water-
jet, a centrifugal pump, and a rocket pump inducer. Although
detailed comparison to experiments was not included, this
work demonstrated the applicability of a homogeneous
multiphase RANS cavitation modeling approach to ducted
turbomachinery. Coutier-Delgosha et al. [7] presented an
evaluation of RANS turbulence modeling, including an
extension of the k-ω model for compressible flows. A
homogeneous approach with phase change based on a
barotropic model was used. Their work suggests improve-
ments to application of turbulence modeling for cavitating
flows. The results of Lindau et al. [4] represented the
flow of an unducted marine propeller over a wide range
of advance ratios from fully wetted operating conditions
through cavitation-driven thrust breakdown. Mejri et al. [8]
modeled the cavitating flow through rocket pump inducers
using a similar homogeneous RANS-based model. Although
deficiencies were noted in the model results, it was unclear
whether they were due to grid resolution or to the modeling
approach itself. Nevertheless, qualitative agreement was
found between experiment and computations. In Schroeder
et al. [9] a mixture homogeneous RANS based computa-
tional solution of flow in a waterjet propulsor is presented
over a range of flow rates. Solutions compared favorably to
test data. In Lindau et al. [5], steady and unsteady propulsor
flows, including non-uniform inflows and waterjet flows
were presented. Solutions were obtained using an overset,
homogeneous multiphase RANS approach.

In flows modeled here, gas-liquid interface curvatures
are small, and pressure and velocity are approximately
continuous across the interface. It is therefore presumed
that nonequilibrium interface dynamics are of negligible
magnitude, and the effect of surface tension is not incor-
porated. Thus, the large scale of such cavities implies
tractability by a homogeneous approach; that is, cavities and
features of interest will be resolved with a computational
mesh. Nonetheless, such flows are generally unsteady and
contain regions of separated flow. For cavitation inception,
where physics of tiny bubbles and nucleation is critical, this
methodology would not be appropriate. For cloud cavita-
tion, or cases where cavitation is sufficient to effect propulsor
hydrodynamic performance, however, this homogeneous,
single-fluid, multiphase approach is reasonable.

In any case where multiple blade-row turbomachinery is
modeled with CFD, there is a temptation to reduce the com-
plexity and computational solution effort required to solve
the problem from the fully unsteady three-dimensional con-
dition. One method of reducing this complexity while still
faithfully modeling the three-dimensional blade-row flow
physics is a so-called powering iteration. In this approach,
each blade-row flow field is assumed periodic, consistent
with the number of blades. Periodic computational grids,
representative of each blade-row, are thus assembled with
sufficient extent to provide reasonable, circumferentially
averaged boundary conditions, upstream and downstream of
each blade. All blade passages are coupled together, and to the
farfield, using a through-flow grid extending to the furthest
reaches of the modeled domain. The through-flow grid may
be 3D or axisymmetric depending on the requirements to
capture the upstream and downstream flow. In the through-
flow grid, the forces and blockages on the flow due to the
blades are represented with axisymmetric body forces and
blockage terms. These forces are obtained from the 3D blade
passage solutions and are included in the physical location
of the blade from which they were derived. In cases where
blade passage grids must overlap adjacent blade-rows, the
overlapped blade-row body forces are included. The iterative
part of the approach is due to the need to match a salient
quantity from the propulsor solution, such as thrust, to a
quantity found from the farfield solution, such as drag. In
solutions presented here, the modeled flow is in a tunnel,
thus the solution is simply converged by successive updates of
the body force and blockage fields until successive iterations
result in insignificant flow, body force, and blockage changes.

A number of publications have appeared presenting
mass-transfer models that are appropriate for the modeling
of large-scale cavitation [3, 10, 11]. All of these models
attempt to empirically capture the affect of interface dynam-
ics on mass-transfer while maintaining local mass transfer
rates that are dependent solely on the local pressure, and
liquid and vapor mass fraction.

2. Formulation and Solution Method

To solve the locally homogeneous, multiphase flow conser-
vation equations, a structured, finite-volume formulation
with formal third-order spatial accuracy was employed. The
differential form of the computational model in Cartesian
tensor notation is given in (1). The corresponding conser-
vative variables, primitive variables, flux vectors, and source
terms are also defined in (1). The term ΓP is a result
of the preconditioning approach [12]. Steady cases were
modeled in the rotating reference frame and include assumed
periodicity about a single-rotor blade. The noninertial,
rotating frame term is indicated in the source vector of (1).

To numerically capture very low Mach number, flows,
that is, incompressible flows, the inherent decoupling of
the physical momentum and continuity equations may be
resolved by various strategies [13]. Here, a preconditioner is
applied to yield a well-conditioned inviscid eigensystem. The
preconditioning matrix ΓP appearing in (1) was derived in



International Journal of Rotating Machinery 3

Venkateswaran et al. [12]. The modified inviscid eigensystem
then, ideally, dominates convergence of the pseudotime
marching system. The coupled equations presented in (1) are
termed isothermal. The isothermal form admits compress-
ibility of the liquid and gas species, but only as each species
density may be a function of one independent variable, the
local pressure. Thus each phase or species is assumed to have
a constant sound speed. However, the mixture sound speed
(and density) is strongly dependent on the local volume
fraction composition. A total energy conserving extension,
one admitting dependence of properties on temperature, of
the present formulation has been similarly derived [14] and
is useful in consideration of extremely high-speed flows and
other thermal effects. Solutions presented here either assume
infinitesimal (10−15) or very small (but physically correct)
free-stream Mach numbers. For steady computations at
the low physical free stream Mach number conditions
considered, the effect of compressibility is expected to be
insignificant. However, it is expected that, even for very
small free stream speeds, unsteady cavitating computations
may be affected by compressibility [12]. For typical cloud-
cavitating flows, compressibility will affect the dynamics of
the reentrant jet and is required to capture the dynamics of
cavity collapse and shocks that form near the closure. To cap-
ture such unsteady events with high fidelity in a numerical
framework similar to that presented here, researchers have
neglected physical dissipation modeling entirely, relying on
numerical diffusion (i.e., the numerical flux- and grid-based
truncation error) to provide sufficient dissipation [15]. Based
on previous work [3, 4, 21], when searching with a RANS
method with sufficient resolution for the average forces on
turbomachinery and the mean cavity size, it is anticipated
that much of the unsteadiness and compressible effects may
be neglected:
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Note that the momentum conservation includes source
terms represented reference frame rotation and other body
forces ( f j). It is convenient in the formulation used here
to present continuity in the form of a mixture mass
conservation law. This is apparent in (1). For all results
presented here, only two phases are considered, a liquid
and a vapor. Therefore, the subscript l is used to refer to
liquid and v refers to vapor. Note also that the vapor mass-
conservation equation contains a mass-transfer source term
(ṁ+ + ṁ−). When other gases or liquids are modeled as part
of the local mixture, their inclusion, in the form of (1), is

straightforward. The mixture density is defined based on the
local volume average density:

ρ = αvρ̃v + αlρ̃l. (2)

The viscous stress tensor takes on the usual form for the
mixture:

ti j = μm,t

(
ui, j + uj,i − δi j 2

3
uk,k

)
. (3)

In (4), necessary mixture turbulent and molecular viscosities
are defined. Where applied, the subscript m indicates a
liquid-gas mixture quantity. As is sensible, the mixture
molecular viscosity is based on a local volume average. The
eddy viscosity is defined to be consistent with the locally
homogeneous mixture assumption:

μt =
ρCμk

2

ε
, μm = αlμl + αvμv, μm,t = μm + μt.

(4)

A two-equation turbulence closure model is employed (5). At
each pseudotime step, these are solved in a coupled fashion
but segregated from the flow equations. A hybrid wall-
function model based on the work of Spalding [16] is also
employed. With this approach, a range of near-wall spacing
from the log-layer down to the viscous sublayer should be
acceptable. For solutions containing sublayer grid resolution,
a damping parameter controls the modeled production and
eddy viscosity in near-wall regions of the flow. Otherwise, it
approaches unity [17]. Standard values for other constants,
C1 and C2, are applied [18]:
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The transfer of mass between liquid and vapor states is
handled with simple finite-rate relations ((ṁ+ + ṁ−) in (1)).
For results presented, the Kunz model [3] is applied to
provide the mass-transfer terms in (1). A number of mass-
transfer models for transport-based, locally homogeneous
RANS modeling of cavitating flow have been introduced
in the literature. Although these models are similar in
their algebraic form, it is worth noting that Morgut and
Nobile [19] attempted to fairly compare and evaluate their
differences and similarities in numerical practice. Their con-
clusions suggest that there is little difference in the expected
result with these models. However, proper application of
the models and choice of their constant coefficients matter
greatly. In the Kunz model, presented in (6), it is proper to
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state that a nucleation process, only limited by the resolution
of the computational mesh, is assumed, while vapor growth
is constrained to occur on a time and length scale determined
from the resolved physics of the flow. Condensation similarly
occurs on a time scale determined by the presumed physics of
the flow and interfacial area. For turbomachinery problems,
a time scale, t∞, is determined from the mean convective
velocity and the blade leading-edge radius. The remaining
coefficients are specified as Cdest = 1.0 and Cprod = ρv/ρl:

ṁ+ = CdestρvαlMIN
[
0, ρ− ρv

]

(1/2)ρ∞U2∞t∞
, ṁ− = Cprodρvαvα

2
l

t∞
.

(6)

3. Results

Computational results have been obtained for an axial flow
waterjet. Experimental data, in the cavitation tunnel, has
been documented over a range of single-phase and cavitating
conditions [20]. The waterjet is computationally modeled
in a fashion approximately representative of the cavitation
tunnel experiments. In typical water-tunnel experiments,
to capture cavitation breakdown, the rotational speed and
flow rate are held as close to specified values as possible
while the absolute test pressure is modulated. In this way,
the parametric effect of cavitation number (for a surface
craft, free stream speed, and suction head) on operation
may be investigated while other specific operating conditions
are held constant. The operating conditions of interest are
a given flow coefficient (i.e., relative blade leading-edge
flow angle) and Reynolds number. Numerical results were
first obtained at single-phase operating conditions at the
given flow coefficient and Reynolds number. Subsequently
cavitating solutions were found using the initial conditions
first obtained at single phase. As lower cavitation-number
conditions were computed, the initial conditions used were
typically those at the previous, slightly higher, cavitation
number, and the same flow coefficient. As all of the solutions
presented here were obtained using a steady RANS form,
initial conditions were initial in a numerical sense only.
Computations were not time accurate.

It should be noted that tunnel conditions tended to break
down at severe cavitation and the computational results
were not kept entirely faithful. In order to model the actual
flow rates for a given cavitation condition, as occurs in the
given water tunnel, with greater fidelity, one would need to
include a representation of the flow features of the entire
tunnel, and allow the flow rate to adjust accordingly. Thus
at severe breakdown, Reynolds number and flow coefficient
were only matched with a select number of experimental
cases. However, as will be seen, the initiation of breakdown
and its general flow features are still quite well captured. In
fact, by gridding the full tunnel flow path, using the powering
iteration method, the effect of the water tunnel and the fully
coupled flow relations could be automatically captured. Here
only the prescribed flow coefficients, as would be expected
during the desirable type of propulsor testing, were captured.
For all modeled cases, the flow is treated as fully turbulent.
The waterjets are modeled, at prescribed flow coefficients,

from on-design to the cavitation-driven thrust breakdown
condition.

As has been stated, computational results presented here
are based on solution of a steady form of the governing
equations. Although a time-marching method is applied, it
is marched in pseudotime and time-accurate results were
not obtained. At limiting conditions of the flow, when
steady solution integration failed, it is likely that unsteady
integration could be applied to further investigate the nature
of the flow which itself is expected to be largely unsteady.
Unsteadiness is particularly expected when large vaporous
regions appear in the solution causing large vortical struc-
tures to be shed along with vapor. It is tempting to investigate
such large-scale cavity unsteadiness, such as has been done by
[21] using a Detached Eddy Simulation approach. However,
it would seem that for rotating machinery, any investigation
of flow unsteadiness should include the unsteady rotor-stator
interaction. This is expected to require an unsteady solution
of all blade passages in the full turbomachine without
periodic assumptions.

3.1. AxWJ-2 Waterjet Pump. An axial flow waterjet pump
(AxWJ-2) has been designed, fabricated, and tested by
researchers from Johns Hopkins University and the Naval
Surface Warfare Center Carderock Division (NSWCCD).
Measurements of the total head rise and shaft torque on
flow through the pump have been taken at a range of flow
conditions through cavitation breakdown [20]. The single-
phase and cavitating flow through this pump has been
computationally modeled. Results are presented here for a
single rotor-blade passage. For all conditions presented here,
the stator row is modeled with body forces and blockage
terms. A powering iteration was used to fully couple the
axisymmetric tunnel flow, the three-dimensional rotor, and
three-dimensional stator computational flows. Thus the
correct, mean, and integrated effects of test-section inlet
boundary layers, stator flow turning, stator blockage, and
test section outlet diffusion, and boundary layers are, for
instance, captured on the rotor flow. However, these effects
are circumferentially averaged, and only cavitation in the
rotor flow passage is modeled.

3.2. Mesh and Single-Phase Results. In Figure 1, the compu-
tational grids used to obtain the RANS evaluation of the
waterjet flow are presented. The grids pictured comprise
the elements of the powering iteration strategy. The word
powering is used because the same methodology may be
applied to obtain the correct operating conditions for an
installed propulsor on a vessel. Then the shaft power required
to propel the vessel would be computationally determined.
The approach as applied here attempts to properly couple
flow in the three pictured grids. For this water tunnel
configuration, it is assumed that the flow is reasonably
assumed to be axisymmetric, a short distance upstream and
downstream of the waterjet pump. Therefore, to couple the
three-dimensional, but steady, and periodic flow about the
rotor and the stator, to each other, and to the upstream
and downstream tunnel flow, an axisymmetric grid and flow
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Tunnel measurement locations

Rotor Stator

“Close proximity”

(a)

Rotor Stator

(b)

(c)

Figure 1: Waterjet pump, AxWJ-2, computational grids shown
on all solid surfaces. (a) Axisymmetric through-flow grids with
“measurement” locations illustrated. (b) Periodic 3D rotor, and
3D-stator grids. (c) 3D grids assembled, repeated, and overlaid for
illustration. In part (c), shaft is light blue, hub is red, rotor blades
are dark blue, stator blades are purple, and shroud/duct is gray.

solution is appropriate. Solution on the through-flow grid,
Figure 1(a), provides inflow velocity and outflow pressure
profiles to the rotor and stator grids, pictured in Figure 1(b).
In the through-flow grid solution, body forces equal to
circumferentially summed forces on the rotor and stator
blades are applied. The forces on the rotor and stator
blades are found from solution of the three-dimensional
periodic flow determined on the computational meshes in
Figure 1(b). In Figure 1(a), the forces due to the rotor and
the stator are applied in the corresponding labeled, outlined
regions. The iteration involves successive solution of the flow
on the three meshes. After each solution, an update of inflow
velocity and outflow pressure profiles (obtained from the
through-flow mesh, Figure 1(a)) and body forces (obtained,
resp., from the rotor and stator meshes, Figure 1(b)) is made.
The iteration is complete when the updated profiles do not
change significantly with successive iterations.

Experimental measurement locations are also roughly
indicated on the through-flow grid, Figure 1(a). In the case
of modeling a tunnel flow, the axisymmetric through-flow
grid is primarily used to obtain realistic inlet velocity profiles
and exit pressure profiles, both as functions of radius, for the
rotor and stator flow domains. In addition, the through-flow
grid is used to obtain integrated performance information
for the waterjet, such as head rise. The rotor and stator flow
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Figure 2: Single-phase flow. Waterjet pump, AxWJ-2, power-
ing iteration integrated results. Dimensionless power [P∗ =
(Power)/(ρn3D5)] and head rise [H∗ = gH/(n2D2)] versus flow rate
[Q∗ = Q/(nD3)].

domains each contain approximately 2 million grid points.
The rotor grid includes the tip-gap region. To accommodate
the close proximity of the rotor and stator blades, it is
necessary that the rotor grid overlap the stator passage
and vice versa. This allows the necessarily axisymmetric
outflow boundary to be located further downstream of the
rotor passage exit, yielding a more proper wake flow and
loading of the rotor blade than the typical mixing plane
boundary condition. Thus the region of the rotor blade grid
overlapping the stator blade region contains the stator blade
body forces and blockages.

In Figure 2, alongside experimental measurements
(EFD) from the NSWCCD 0.9144 m (36 in) water tunnel,
the single-phase computational-fluid-dynamics- (CFD-)
based performance, in terms of power and head-rise
coefficient of the modeled AxWJ-2, is given over a range
of flow coefficients. The performance is presented in
terms of dimensionless flow rate, Q∗ = Q/(nD3), head
rise, H∗ = gH/(n2D2), and power, P∗ = P/(ρn2D5).
The CFD head-rise results are given using three different
measurement locations and integration assumptions. A
maximum head rise, based on integrated total pressure
(at locations indicated in Figure 1) is given using close-
proximity integration surfaces. A fully integrated head rise
based on surfaces at the correct water-tunnel measurement
locations is also given. Finally, a constant velocity profile (i.e.,
slug flow) assumption-based head rise also using the correct
water-tunnel pressure measurement locations is given.
Note that computed performance based on the appropriate
measurement locations, with slug flow assumptions, yields
computed head rise and power both in excellent agreement
with the EFD. Clearly, the non-isentropic effect of mixing
is evident in the CFD and measured water-tunnel results.
The computed head rise was quite sensitive to the chosen
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Figure 3: Waterjet pump, AXWJ-2, cavitating-RANS integrated
results at constant Q∗ = 0.825 into breakdown presented with EFD
of similar conditions (Q∗ = 0.83 prior to breakdown, Q∗ drops
precipitously in breakdown).N∗ = (p0in−pv)/(0.5ρ∞n2D2). Results
from 3D multiphase rotor computations with circumferentially
averaged inflow and outflow boundary conditions. Body forces
derived from 3D stator RANS represent stator forces. Note that
the normalization is with respect to the single-phase flow at the
corresponding Q∗. Q∗ is constant for the CFD but varies in the
experimental data.

CFD measurement locations (indicated in Figure 1). The
quoted physical measurements were based on tunnel-wall
static-pressure taps and slug flow assumptions. Thus, similar
assumptions must be made for purposes of comparison
to the tunnel testing when head rise is estimated from
the CFD. These results and understandings of the water-
tunnel measurement procedures were aided by guidance
from NSWCCD researchers. Finally, note that at low flow
rates and high blade loading conditions, outside the range of
performance reported in Chesnakas et al. [20], the computed
flow appears to break down due to massive suction side flow
separation (stall).

3.3. Cavitation Breakdown. In Figures 3 and 4, the integrated
effects of cavitation breakdown are plotted in terms of H∗

and P∗ as dependent on an inflow cavitation coefficient,
N∗ = [(P0in − Pv)/(ρn2D2)]. CFD is presented with
EFD. Results for nominally two flow coefficients (Q∗ =
0.825 and Q∗ = 0.71) are presented. However, the EFD
results contain a range of flow coefficients as the mass flow
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Figure 4: Waterjet pump, AXWJ-2, cavitating-RANS integrated
results at constant Q∗ = 0.71 into breakdown presented with EFD
of similar conditions (Q∗ = 0.71 prior to breakdown, Q∗ drops
precipitously in breakdown).N∗ = (p0in−pv)/(0.5ρ∞n2D2). Results
from 3D multiphase rotor computations with circumferentially
averaged inflow and outflow boundary conditions. Body forces
derived from 3D stator RANS represent stator forces. Note that
the normalization is with respect to the single-phase flow at the
corresponding Q∗. Q∗ is constant for the CFD but varies in the
experimental data.

through the propulsor is dependent on the resistance and
pumping power of the entirety of the tunnel. Thus, the EFD
data contains dropping flow rates as the tunnel pressure is
decreased and the cavitating flow breaks down. Clearly the
performance and the initial peak in power with decreasing
cavitation number are well captured by the CFD. In Figure 3,
at the higher relative flow rate, Q∗ = 0.825, the complete
picture of power increase and decrease in breakdown is
captured. There is a difference in the absolute peak in power
as the tunnel pressure is decreased, but the overall agreement,
especially considering the differences in flow rate as the
tunnel flow breaks down, is good. However, the computed
solutions at the higher loading condition, Q∗ = 0.71, in
Figure 4 were somewhat more divergent (in torque) from the
EFD data. Subsequent to massive cavitation (as the EFD flow
rates dropped precipitously at breakdown), the computed
power simply increased in value as pressure was reduced.
Further computations at lower tunnel pressures were not
completed. Note that the divergence of EFD and CFD in
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Figure 5: Waterjet pump, AXWJ-2, tip leakage cavitation patterns. Photographs from testing [20] with transparent shroud and results from
RANS-based modeling (shroud not shown). Solutions are colored by pressure on surfaces. Cavitation is illustrated with αv = 0.5 isosurface.

breakdown is also due to the drop in tunnel flow rates (Q∗)
as vapor formation restricts the flow.

In Figure 3, at cavitation numbers lower than approxi-
mately N∗ = 1.03 (indicated by dashed green line in the
figure), the higher flow coefficient (Q∗ = 0.825), lighter
blade loading condition, differences between computations,
and experiment are evident due to differences in flow rate at
the low cavitation number conditions. In the EFD, there is no
data with a Q∗ ≥ 0.825 at N∗ < 1.03. Thus, this is indicative
of a limiting value in the data, as it appears to also be in
the CFD. This limitation is manifested in the CFD results
in which it was not possible to converge a steady solution at
a lower tunnel pressure while still maintaining the flow rate
(Q∗ = 0.825). It is likely that vapor formation is choking the
flow.

Finally, at both the normal and higher loading flow
coefficients (Q∗ in Figures 3 and 4), dimensionless head
rise (equivalent to thrust) appears well captured, even in
breakdown as the CFD and EFD flow rates diverge.

In Figure 5, photographs from Chesnakas et al. [20]
and results from CFD cavitating conditions are presented

together in a way meant to highlight cavitation in the tip-
gap region. It is noted that in the presented comparison
(Figure 5) the agreement of modeled cavitation across the
tip gap including the leakage vortex-influenced cavitation
appears quite good. Note that the photographs were made via
a polycarbonate window contoured to match the pump cas-
ing. In the tip-gap region, approximately 14 computational
cells were applied between tip and casing and 42 were used
to span the blade thickness.

In Figure 6, CFD and EFD rotor suction-surface cavita-
tion patterns are compared at two tunnel-pressure condi-
tions both at roughly the same highly loaded flow coefficient
(Q∗ = 0.71). Again, the EFD photographs are from
Chesnakas et al. [20]. The computed patterns are illustrated
with a constant isosurface of vapor volume fraction equal to
0.5. As was seen in the tip-gap region, the agreement between
computed and EFD suction-surface cavity pattern is quite
good.

3.4. Cavitation Choking. In the case of cavitating flow in the
waterjet, it is suggested that a minimum flow area exists
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Figure 6: Waterjet pump, AXWJ-2, rotor suction-surface cavitation patterns. Photographs from testing [20] and results from RANS-based
modeling. Cavitation is illustrated with αv = 0.5 isosurface.
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Figure 7: Experimental results [20]. Three different nozzle con-
strictions were set downstream of the waterjet. 100% nozzle, 90%
nozzle, and 80% nozzle. Each of the nozzle settings resulted in a
different single-phase Q∗ condition.

near the rotor passage exit resulting in a vena contracta
effect. The minimum flow area is then a simple curved
surface, a hypothetical boundary spanning the rotor passage
at the vena contracta location. Due to the fact that real
turbomachine flow is unsteady and three-dimensional, it will
be difficult to precisely define this surface. However, it is
a useful, applicable model. Considering the flow through
the rotor passage, the mean (area averaged) static pressure
will be a minimum at this vena contracta. Thus if operating
(rotor inlet total) pressure is gradually reduced, the location
of minimum flow area must (eventually) contain an area of
cavitation that will grow. Due to local differences in flow
turning within the rotor passage, such as at the suction
peak of the rotor blade, cavitation may exist in other

regions prior to developing at the vena contracta. However,
when significant cavitation reaches the vena contracta, this
coincides with cavitation choking.

Figure 7 contains experimentally obtained results from
Chesnakas et al. [20]. Results were obtained with three
different downstream nozzle openings, resulting in three
different nominal flow rates (for single-phase flow). Thus
prior to vapor formation, the limiting flow feature occurs at
the downstream nozzle constriction, labeled in Figure 7, as
100% (no constriction), 90%, and 80% nozzles. Nondimen-
sional flow rate, Q∗, is plotted against N∗, a form of inlet
cavitation number, or tunnel inlet pressure. At the limiting
(minimumN∗) inlet pressure condition, these results appear
to illustrate the choking phenomenon as observed in the
test data. Note that, as N∗ is reduced below a value near
1.1, measured flow rate drops precipitously. At higher values
of N∗, three distinct flow conditions (Q∗) exist, but the
results collapse to a near vertical grouping as N∗ (inlet total
pressure) is reduced. This suggests that as the pump is run
and pressure is dropped, vapor forms at a critical location.
Thus the limiting flow condition exists within the rotor and
stator blade sections rather than at the downstream nozzle
constriction. This is consistent with cavitation choking.

Figure 8 contains computational and experimental
results at a nominal flow rate, Q∗ = 0.825. Those results
are presented in terms of power coefficient as it varies with
inlet total pressure, that is, N∗. Computational results reach
a limit at N∗ ≈ 1.05. Converged solutions could not be
obtained at lower values of N∗ for the given flow coefficient.
This coincides with cavitation choking in the computational
domain. The experimental results do include flow at lower
values of N∗. However, as noted and seen in Figure 7, the
experimental Q∗ drops precipitously at N∗ < 1.1 essentially
running up against the choked condition.
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Computational results illustrating the cavity size and
shape along the suction surface of the rotor blade are also
shown in Figure 8. Four conditions spanning the breakdown
are presented. Condition (a) corresponds to N∗ = 1.1149
and is prior to breakdown. (b) is at N∗ = 1.0699 and
exhibits the power rise due to significant cavitation but
does not appear to be choked. (c) is at N∗ = 1.0392
and (d) is at N∗ = 1.0497. The conditions at (c) and
(d) are both apparently choked, and in breakdown. Based
on the unsteady nature of real flow at this condition, both
(c) and (d) approximate the limiting value of N∗ (using
a steady-RANS method) for a given inlet total pressure
and the specified rotation and flow rate. Note, in Figure 8,
the size of the vapor region along the rotor surface. It is
denoted by the 50% vapor volume fraction isosurface. At
condition (a), the region of vapor is close to the rotor
suction surface, has little thickness, and terminates between
1/2 and 3/4 of the blade chord. Although there is significant
cavitation, there is little change in performance (considering
power, i.e., torque) from the single-phase conditions. The
lack of thickness to the cavity region suggests that there
is little change (from single phase) in mean flow turning
and hence little change in torque or power. At condition
(b) the cavity thickness seems more significant resulting
in an increase in torque. However, the cavity terminates
prior to reaching the end of the blade suction surface. At
conditions (c) and (d) the cavity has significant thickness

and there is significant cavitation reaching the trailing edge of
the rotor blade. These conditions correspond to breakdown
and cavitation choking. It is suggested that the cavitation
reaching the trailing edge represents a flow blockage or
constriction at the vena contracta (minimum rotor flow
area). Hence, a further reduction in inlet total pressure
at the given conditions of rotation and flow rate is not
sustainable.

Several more figures are included to support the assertion
that at conditions (c) and (d) of Figure 8, cavitation choking
appears to exist, and it is manifested due to conditions at
the exit of the rotor passage. In Figures 9–11, results from
operating conditions (a)–(d) are presented in terms of vapor
volume fraction and local cavitation number, σN = (p −
pv)/(ρn2D2). The results are given on constant radius cuts
through the rotor passage. In Figure 9, a cut at 53% of the
shroud radius, close to the hub (at least at the rotor passage
exit), is presented. The upper part of the figure contains
the vapor volume fraction plot. Note that at the highest
N∗ condition, (a), in this plot, no cavitation is evident.
At condition (b), cavitation is evident up to approximately
mid chord. At conditions (c) and (d), cavitation reaches
the trailing edge of the blade. The lower part of the figure
contains the local cavitation number plots. Note that the
purpose of plotting this quantity is to indicate when the exit
region of the rotor passage is at a saturated pressure; that is,
at that point, the flow is choked.
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This conclusion is further supported in Figures 10–12.
In Figure 10, a constant radius cut at r/Rshroud = 0.698, is
plotted. In Figure 11, a constant radius cut near the shroud,
at r/Rshroud = 0.866, is plotted. In Figure 12 another view of
this comparison is presented. Here, local cavitation number
colors a constant axial cut, near the exit of the rotor, that is,
close to the hypothesized contraction. Note again that blue
indicates a local saturated vapor flow. Again consider that
the flow in Figure 12 has moved through a rotor at fixed
rotation rate fed by a reservoir at fixed total pressure. Further
consider the two conditions presented where saturated flow
is evident at the rotor exit, the throat in this choked flow.

By conservation of energy, it is not possible to accelerate the
flow without further increasing the region of saturated vapor,
decreasing the effective flow area. Furthermore, given that
the upstream total pressure and the absolute vapor pressure
are fixed, the present flow rate cannot be maintained if the
upstream total pressure is reduced. In each of these cases
it is seen that the conditions coinciding with the presence
of significant vapor at the trailing edge of the rotor blade
(a saturated condition at the exit of the rotor passage), the
waterjet flow is choked. Taken together Figures 8–12 present
a clear picture of cavitation choking in the waterjet rotor,
choking due to saturated conditions at the rotor passage exit.
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4. Conclusions

An axial flow waterjet in water-tunnel test configuration
has been modeled using a powering iteration methodol-
ogy. The flow was modeled over a range of conditions
including cavitation breakdown. The single- and multiphase
flow solutions appear to accurately capture the integrated
performance at all conditions. In addition, the overall

cavitation patterns, on rotor blade suction surface and due to
tip-gap flows, were well captured at a range of cavitation con-
ditions. For ducted devices, such as waterjets, it is suspected
that flow breakdown will coincide with cavitation choking in
the rotor passage. This is suspected in the experimental data
and has been demonstrated in the computational results. As
has been previously shown for unducted propulsors [4, 21],
it appears that the present computational approach is useful
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Figure 12: Computational results, local cavitation number, plotted on constant axial cut-through rotor solution at approximate rotor exit,
Q∗ = 0.825. Results at each of three conditions of interest, N∗ = 1.0497 and 1.0392 in breakdown and 1.0699 prior to breakdown.
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and accurate when properly applied to the modeling of blade
cavitation patterns and cavitation-driven thrust breakdown
for axial flow waterjets.
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The present paper deals with propeller ventilation in full scale. The paper is based on full scale monitoring data from an offshore
supply ship during normal operation. The data was collected by the on-line monitoring system HeMoS, developed by Rolls Royce
Marine. The data covering one year and a half of ship operations were made available within the framework of the Era-Net Martec
project PropSeas. The ventilation events are identified by means of an analysis procedure based on fuzzy logic. The paper contains
both a basic introduction to fuzzy logic and a detailed description of the analysis procedure. The analysis procedure is then adopted
to process the available data, find ventilation events, and form a set which is further analyzed including weather observations.

1. Introduction

Propeller ventilation is the process of a ship propeller draw-
ing air from the free surface while working. It is known that
ventilation can lead to propeller racing and possibly to large
loads on the blades and on the propeller drive shaft. Both
of the mentioned effects of ventilation can cause failure of
the propulsive system. For this reason ventilation has been
intensively studied throughout the years by means of differ-
ent methods.

Pioneer studies have been carried out by Kempf [1],
Shiba [2], Gutsche [3], and Fleischer [4] analysing the effect
of both the propeller geometry and the operational con-
ditions on the ventilation phenomenon. However, these
works were not taking fully into account the environmental
condition the propeller is operating in, since the propeller
was considered to have a static submergence. A more
dynamic scenario has been reproduced by Koushan [5] and
Koushan et al. [6] where the propeller was subjected to
forced sinusoidal heave motion from completely submerged
to completely out of water and to regular sinusoidal waves,
respectively. The problem has been tackled also by means of
CFD as presented in Califano [7] where he points out that
also the compressibility of air, which is negligible in model

scale, might influence ventilation in full scale. Finally the
different ventilation types and inception mechanisms have
been classified by Kozlowska et al. [8]. All these studies rely
on some kind of approximations which aim to simplify the
problem, so that it is possible to classify them under the
category of ventilation in a controlled scenario. This kind of
studies is important to understand the mechanism beyond
ventilation and its effects, but does not take fully into account
its link with the ship system. On the contrary the relation of
ventilation with the ship system is the basis of this paper. The
occurrence of ventilation is detected through its effects on the
propulsive system of a ship during its normal operations.

This paper uses data provided by the Health and
Monitoring System (HeMoS hereafter) which is currently
under development by Rolls Royce Marine. The HeMoS
system is an in-service monitoring system aiming to early
assess possible failure of propulsive system components. The
system is installed on a supply vessel, which is equipped
with two pulling azimuthing thrusters for the propulsion.
The system monitors many different subsystems, but in the
present analysis only the two main propulsion units are
considered. The system continuously logs at a sampling rate
of 0.5 Hz, the propulsive system status, and the ship dynamic
positioning system at 1 Hz. Such an advanced system has
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many possible benefits, among which is the possibility of
helping the ship owner to better manage the ship. It was also
found in an analysis carried out by Rolls Royce Marine that
ventilation events can be detected. However the proposed
procedure, though being effective, was mainly manual and
hence not easily applicable to large amounts of data. In the
present paper the method proposed by Rolls Royce Marine
is extended and made suitable to analysis of long time-series
by means of fuzzy logic. Moreover the data from almost one
year and a half of ship operation are analyzed and compared
with meteorological observations for the stretch of sea the
ship is operating in.

The paper is divided into three sections. The first
section includes a simple introduction to fuzzy logic and the
development of the fuzzy logic toolbox. In the second the
in-service data are analyzed. Finally in the last section the
analysis is extended including the weather observations.

The data are made available by Rolls Royce Marine within
the framework of the cooperative research project PropSeas.

2. The Analysis Toolbox

2.1. Concepts behind the Analysis Toolbox. The data analysis
toolbox for the full scale recordings was necessary due to
the huge amount of data to be analyzed. The data collected
by the onboard acquisition system HeMoS are of two types:
the propulsive system data and the ship environmental
data from the dynamic positioning system. The sampling
frequencies are 0.5 Hz and 1 Hz, respectively. Though the
sampling frequencies are rather low, the time span covered
by the acquisition is quite large, leading to long time series
to be analyzed. This huge amount of data means that if the
data had to be analyzed by a human, the work would have
been long and tedious. Moreover the analyses performed
by humans are subjected to the arbitrary interpretation
of the single human looking at the data. However the
human thinking, and its capability to easily incorporate new
input and criteria, is necessary in such an analysis. It was
necessary, therefore, to create a framework in which the
human could analyze data, formulate hypotheses, and check
if the hypotheses were correct in a rigorous, but at the same
time flexible way. A solution to this twofold necessity was
found to be fuzzy logic.

It has also to be remarked that the low frequency sam-
pling does not allow for adopting other common time series
analysis techniques. Early attempt to adopt cross correlation
between signals or pattern recognition techniques proved to
be unsuccessful due to the very low sampling frequency.

2.2. Crisp versus Fuzzy Logic. Fuzzy logic or more precisely
fuzzy sets were first introduced by Zadeh in 1965 [9].
From that time on fuzzy logic has been increasingly applied
to different fields which include control, decision making,
and approximate reasoning. Although fuzzy logic can be
presented in a formal way, we prefer here to introduce it
through an example. For a formal introduction to fuzzy logic
and approximate reasoning the reader can refer to Zadeh
[10]. The background idea of fuzzy logic is that in the human

way of classifying things there are many sets which have a
blurry boundary. For this reason when introducing fuzzy
logic, it is useful to compare it with crisp logic, which is the
one we are all familiar with.

The main difference between crisp and fuzzy logic is that
the first one assigns a binary number [0, 1] to the truth
value (value indicating the relation of a proposition to truth),
while fuzzy assigns a truth value which is a real number
that ranges from 0 to 1. This blurry definition of the truth
value is what makes fuzzy logic suitable for representing the
human thinking in mathematical terms. We humans are used
to express concepts in a smooth way. If we consider, for
instance, air temperature in a region where it might span
from 0 to 30◦ degrees and today is 14 degrees, then the
question is to decide if today is hot or cold. The crisp logic
approach would be to set a threshold at 15 degrees, and
since today the temperature is 1 degree below the threshold
state, then today is cold. But if the temperature was 16
degrees then today would have been hot. Probably most of
us would have said that today is a warm day. However in
a two-value logic this is not possible. Fuzzy logic on the
contrary assigns a membership to today’s temperature, which
is to what degree a sample belong to a set (in this example
how much today’s temperature belongs to the set of hot
days). So if the temperature range from 0 to 30 degrees is
linearly spaced, then the membership of today’s temperature
to the set of the hot days is 14/30 = 0.467. However this
might still be considered to be somewhat rough. Humans
do not feel the temperature on a linear scale, thus the
linear mapping from temperature to membership should
be changed in favor of a more suitable one. This mapping
between a sample and its membership (μ) to a given set
is carried out through the so-called membership function.
Selecting a suitable membership function is crucial in fuzzy
logic. The membership function is an arbitrary mathematical
expression which maps from measured value to membership.
Although the function is arbitrary, there is a set of functions
which have been extensively used in fuzzy logic. In this case
a suitable one might be the sigmoid right, which has the
following expression:

μ = 1
(
1 + eα·(x−β)

) , (1)

where μ denotes the membership, x a parameter of the
sample under examination, α controls the steepness of the
curve and β the center of the curve (in the sense that a
membership equal to 0.5 is given to a sample whose x equals
β). The parameter α acts as a gain while the β as an offset,
since the first controls the steepness of the curve whereas the
second is where the curve is centered.

The sigmoid right has the general shape (a smooth step)
shown in Figure 1.

The sigmoid right can be tuned for the temperature
example so that a membership equal to 0.5 is assigned to 15
degrees and that below 5 degrees is cold and above 25 degrees
is hot by choosing β equal to 15 and α equal to −0.5. The
crisp logic and the two fuzzy approaches are compared in
Figure 2.
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Figure 1: Sigmoid right membership function.
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Figure 2: Comparison of membership functions: green-crisp logic
approach, red-fuzzy linear, and blue-fuzzy sigmoid right.

What has been presented above is just the basic tool of the
fuzzy logic: the membership function. The great advantage
of fuzzy logic comes when more than one criterion is used
to make a decision. If one wants to add additional criteria
in order to establish if today is hot or not, this can be
handled easily by fuzzy logic. For example, one might think
to add information related to air humidity, wind speed,
cloud cover creating new membership functions, suitable for
representing how the newly added parameter is mapped to
the set of hot days (for instance high humidity increases the
chances for today to be hot). Dealing with many criteria with
crisp logic results generally in very complicated systems

which have to consider every single combination of the
parameters taken into account in order to get to a conclusion.
The fuzzy logic approach on the contrary is to define criteria
and then express them through membership functions.
However, calculating the membership functions does not
lead directly to a final conclusion. Once all the memberships
of a given sample have been calculated, the so-called fuzzy set
is formed. The next step, which corresponds to finally assign
the value 1 or 0 to a given sample, is called defuzzy. Although
the de-fuzzy step can be carried out in many different ways,
here just one approach is presented. In this approach a weight
is given to each of the membership functions and then a
threshold is set to the sum of the membership functions.
Samples below the threshold are left outside the set. When
fuzzy logic is applied the way that has been described, it is
common to refer to the procedure as fuzzy inference. There-
fore the developed toolbox belongs to the category of fuzzy
logic inference systems.

2.3. Available Data from the Propulsive and the Dynamic Posi-
tioning Systems. As already mentioned this analysis is based
on a set of data from two different systems installed onboard,
the propulsive apparatus monitoring and the dynamic
positioning systems. The HeMoS system is a monitoring
system of the health of the entire propulsive system and just
a subset of the collected data refers to the main propulsion
system. The list of all the channels available for this analysis
is reported in Table 1.

Along with the above-listed channels, some derived
channels are calculated with the aim of making the analysis
simpler. In particular the usual torque KQ and advance J
coefficients have been introduced:

KQ = Q

ρn2D5
,

J = V

nD
,

(2)

where Q is propeller torque, ρ the water density, D the
propeller diameter, n the propeller number of revolutions,
andV the vessel speed. The convention for the azimuth angle
is that it is positive when the unit is rotated in clockwise
direction, when the unit is seen from above. When the port
unit has a positive azimuth, the port propeller is closer to the
ship center line (we refer to this condition as inward). The
starboard propeller is closer to the ship center line when the
starboard unit azimuth angle is negative. The convention for
the pitch angle is that it is positive when the bow moves up.

In addition to the standard propeller coefficient and in
consideration of the fact that ventilation is involved in the
analysis, a parameter representing the propeller submergence
has been included. It is not possible from the data available
to calculate the propeller submergence exactly, since no
information is available for the actual wave elevation at the
propeller location. However a parameter linked to the static
submergence, due to the instantaneous ship roll and pitch
angle, was deemed important. It is important to remark that
in a fuzzy logic approach it is not necessary to precisely
calculate the static submergence, and it is sufficient to define
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Table 1: List of available channels.

System Channel name Notes

Propulsive Azimuth feedback Thruster azimuth angle, positive clockwise seen from above

Propulsive Load feedback Not used by the toolbox

Propulsive Pitch feedback
Propeller pitch as a percentage of the maximum pitch (which depends on the ship
operating mode)

Propulsive Rpm feedback
Propeller speed as a percentage of the maximum speed (which depends on the ship
operating mode)

Propulsive
Torque feedback
Drive of motor

Propeller torque as a percentage of the maximum torque

Propulsive Vessel speed

Dynamic positioning Latitude Not directly used by the toolbox

Dynamic positioning Longitude Not directly used by the toolbox

Dynamic positioning GPS speed Not used by the toolbox

Dynamic positioning Heading of the ship Not directly used in the toolbox

Dynamic positioning Ship pitch Used in the submergence index

Dynamic positioning Ship roll Used in the submergence index

Dynamic positioning Wind direction Not used

Dynamic positioning Wind speed Not used

an index which is linked to it. Therefore the submergence
index was defined as follows:

submergence index = −3∗ tan
(
pitch

)
+ sign∗ tan(roll),

(3)

where pitch and roll are ship pitch and roll angles, respec-
tively, and sign is equal to one if the port side unit is
considered, otherwise it is −1. A More accurate estimate of
the static submergence can be obtained by substituting the
weights 3 and 1 to the pitch and roll motions, respectively,
by the actual position of the propeller centers with respect to
the center of gravity and using the nonlinear Euler rotation.
Unfortunately, when the toolbox was developed, neither the
exact position of the propellers nor the center of gravity of
the ship was known.

2.4. Development of the Fuzzy Logic Toolbox. The first step in
developing a fuzzy inference system is to express criteria in
linguistic terms. This step, with reference to the temperature
example, would correspond to state that “if today is a hot day,
then the temperature must be high.” In the case of the HeMoS
system for each sample more than one parameter is available,
so more than one criterion can be defined. The criteria used
for the present analysis are the following.

(1) If propeller revolutions show a sudden increase that
is probably due to ventilation.

(2) If the torque (or more precisely KQ) shows a sudden
drop, this is likely an interesting event.

(3) If the submergence index is high the propeller is likely
to be close to the free surface, increasing the chances
of ventilation to occur.

(4) On the contrary if the propeller pitch is suddenly
reduced, the corresponding KQ reduction might not
be caused by ventilation.

(5) If the thruster is pointing inwards (azimuth angle),
the hull shelters the propeller and hence ventilation
is less probable.

These criteria have been defined based on the thruster
designers experience and the observation of the data col-
lected so far. The first two criteria are also supported by
what is reported to be consequences of ventilation on the
ship propulsive system by other authors. For a summary of
the effects of ventilation on the propulsion of the ships the
reader can refer to Smogeli and Sørensen [11]. The third
criterion is meant to add a rough estimate of the likelihood
that the propeller is close enough to the free surface to draw
air. The fourth criterion is related to the specific application
presented here. The propeller is a controllable pitch propeller
and hence the control system acts also on the propeller pitch.
It was found that when the ship is subject to rough sea states,
the control system acts from time to time on the propeller
pitch, reducing it, probably to limit the torque. The pitch is
decreased rapidly and this results in a sudden torque drop
which can be easily misinterpreted as a ventilation event
according to criterion 2. The fifth criterion is somewhat
related to the third. The ship is equipped with two pulling
azimuthing thrusters. The two units are installed underneath
the ship stern and hence the air cannot be drawn from right
above the propeller. When one of the units is rotated so that
the propeller is closer to the ship center line, the path the
air has to travel through to get to the propeller is longer,
reducing the probability that ventilation develops.

It has to be pointed out that this set of criteria was
selected in order to detect ventilation events during transit
mode. For instance, as it will be shown later the dynamic
positioning condition cannot be handled with these criteria.

In Table 2 the adopted membership functions are pre-
sented, after being loosely tuned on a first set of available
data. It was chosen to loosely tune the membership function
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Table 2: Membership function definition.

Parameter Membership function Expression

Propeller number of revolution (rps) Sigmoid right μn = 1/(1 + e−1.4·(n−(
−
n+σn)))

Torque coefficient KQ Sigmoid left μKQ = 1/(1 + e(0.8/σKQ )·(KQ−(
−
KQ−2·σKQ )))

Submergence index Sigmoid right μsub idx = 1/(1 + e−30·(sub idx−0.2))

Propeller pitch Bell shaped μpitch = 1/(1 + |(p − p)/0.05|3)

Azimuth Sigmoid right or left μaz = 1/(1 + esign ·1.8·(az−sign ·10))

in order not to focus too much on events like those used for
the tuning. It has to be pointed out that the entire toolbox
was developed and tuned having as goal to automatically
recognize ventilation events, based on a set of events which
have been already recognized by human operators.

The overbar denotes the median value of a variable taken
over a sliding window of 61 samples (≈2 minutes). The
standard deviation σ is calculated over the same window.
The available data include only feedback signal and hence the
median value is taken as representative of the value ordered
by the control system.

The five membership functions can be divided into two
groups by their nature. The propeller revolutions and the
torque coefficient form the first group. Their aim is to detect
outliers, in other words samples which do not fit with
the statistics of the signal in the observation window. The
standard deviation is therefore included in the relative
membership function. Ideally the first group membership
functions should output a membership value as close as pos-
sible to zero for most of the samples and assign a membership
equal to one for the few outliers. The selected membership
function is a sigmoid, which assigns a membership equal to
0.5 to a sample which makes the exponential argument equal
to zero. In order to consider a sample of the propeller rps
to be an outlier, that sample has to be higher than the mean
value plus the standard deviation. For the torque coefficient
the requirement is stricter. The torque coefficient has to
be lower than the mean torque coefficient minus twice the
relative standard deviation. To which degree a sample is then
considered to be an outlier is controlled by the “gain factor”
which is fixed for the propeller rps and a function of the
torque coefficient standard deviation for the torque. The gain
is fixed for the propeller rps since the signal shows rather
constant statistical properties, whereas the gain is variable
and related to the standard deviation for the torque coeffi-
cient since the signal varies significantly with the sea state.

The second group includes the pitch, the azimuth angle,
and the submergence index membership functions and aims
to check that the conditions are suitable for ventilation to
happen. For the propeller pitch a different membership func-
tion was used due to the fact that the pitch feedback signal is
rather different from the others. When the ship is not in a
transient between two operating conditions, the pitch is kept
constant by the control system and reduced just to avoid
overloads. However due to the low resolution of the pitch
feedback signal, the logged value of the pitch is found to
jump back and forth between two levels during conditions

where no change of pitch should happen. This effect is called
quantization. Moreover when the control system acts, the
reductions are rather limited. It was therefore necessary to
select a membership function which is both not affected by
the signal quantization and still capable of detecting rather
small pitch changes. For this last signal the bell-shaped
membership function was adopted. The general form of the
bell-shaped function is

μ = 1

1 + |(x − a)/c|2b . (4)

The function is centred in a, where the membership for x
equal to a is 1. The function is flat about a over a region
which is controlled by the parameter c and falls outside
that region according to the parameter b. The flat region
eliminates the problems related to the quantization of the
signal. The curve can be made extremely steep outside the flat
region acting on the b parameter. The azimuth angle mem-
bership is calculated through a standard sigmoid function
and it is tuned so that when the unit is pointing inwards for
angles larger than 20 degrees, the membership is zero.

The submergence index represents a simple application
of the sigmoid membership function. It was noticed that the
ventilation events, which were already identified when the
toolbox was developed, had a submergence index exceeding
0.2 with a rather high concentration around 0.25. The
submergence index sigmoid therefore has an offset equal to
0.2 and is rapidly increasing for indexes larger than 0.2.

As described in the introduction to fuzzy logic, calcu-
lating the membership functions contributes to create the
fuzzy set, which still needs to be defuzzified in order to get
to the final conclusion that at a given time the propeller was
ventilating. A simple way of defuzzifying is to set a threshold
to the sum of the weighted membership functions above
which a sample is considered to be ventilation. The choice of
the weights reflects the relevance that is assigned to each cri-
terion and the threshold level the degree of certainty required
to include a sample in the set of the ventilation events.
In this analysis the fuzzy set F, which is the sum of weighted
membership functions, is calculated as follows:

F = 0.1μn + 0.4μKQ + 0.15μsub idx + 0.15μpitch + 0.2μaz.
(5)

The threshold has been set to 0.85. If the threshold is set
to 0.85, then the weights can be divided into two groups.
The first group includes parameters which are thought to be
key factors to define a ventilation event and hence if their
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Figure 3: Time series of the training set.
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Figure 4: Torque coefficient against advance ratio.

membership is equal to zero, then that sample cannot be
considered to be a ventilation event. To this group belong
the torque coefficient and the azimuth angle. The torque
coefficient lies in this group since the interest is on events
which cause significant effects on the propulsive system. The
azimuth angle belongs to this group because there are no
clear evidences that any ventilation events happened when
the units were pointing inwards. The second group includes

the remaining three parameters; if their membership is zero,
a sample can be still recognized as a ventilation event pro-
vided that the other memberships are equal to 1. The lowest
weight has been assigned to the propeller revolutions since it
was noticed that not all the ventilation events caused a pro-
peller racing event (probably the control system is preventing
some of them). The submergence index cannot be considered
to be a key factor of ventilation since the actual surface ele-
vation is unknown. The same applies for the propeller pitch,
since ventilation can also happen when the pitch has been
already reduced by the control system.

It has to be remarked that the toolbox was tuned in order
to avoid as much as false positives. The training set was too
small to set up a detailed tuning procedure for the fuzzy logic
parameters. It was instead decided to loosely tune the toolbox
on a small training set, and then check on the available data
if that was already a good tool to analyze long time series.

The application of the fuzzy toolbox will be shown first
on the training set and then on another time series.

2.5. The Training Set. The toolbox was developed starting
from an analysis performed on the HeMoS data by Rolls-
Royce Marine. The data used as the training set are reported
in Figure 3 in the form of time series.

The time span over which the data have been acquired
is around two days. Though the sampling frequency is rather
low, the continuous logging led to a huge amount of data also
in a rather short period of time as it is shown by plotting the
torque coefficient against the advance coefficient. This plot is
reported in Figure 4, where the red lines refer to the open
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water characteristics of a standard B-Series propeller of
different pitch values, ranging from 0.5 to 1.4. It is clear that
the ship undergoes different operational conditions, which
form the groups of points somewhat visible in the plot.

The strategy initially proposed in the analysis performed
by Rolls Royce Marine was to identify a particular group of
points representing an operational condition and then ana-
lyze the outliers. In the original analysis it was chosen to focus
on points whose propeller pitch was larger than the 95% of
the maximum one. The points that might relate to ventila-
tion are those lying under the main group approximately at
J = 0.8 in Figure 5. However some of those points lying in

that region might not be related to ventilation. It was then
necessary to find in the time series other parameters con-
firming that those points were actually ventilation events, for
example, large ship motions or sudden propeller rps increase.
Although this is good, analysis strategy is impractical for long
time series, since it requires a huge human effort.

At a first stage of the development of the toolbox these
points which were flagged by this analysis were used to select
and tune the membership functions. In Figure 6 the marked
points are shown as colored dots, and then in Figure 7
presented also in the time series.

The calculated membership functions are presented in
Figure 8.

The time histories of the five membership functions are
shown in Figure 8. The membership functions can be divided
into two groups: the first group includes the first three whose
aim is to mark outliers and the second group includes the
remaining two whose aim is to eliminate false events. The
goal for the first three would be to have a zero or very low
membership for all the samples apart from those related
to ventilation. On the contrary the last two check that the
outlier samples possibly identified by the first three are not
related to a sudden change in the blade pitch or that the pro-
peller is sheltered by the hull. Based on the calculated mem-
bership function, it is possible to calculate the fuzzy set F,
which is reported in Figure 9. The training set already offers
two good examples of advantages and disadvantages of the
fuzzy approach. If the threshold is set to 0.85, all the flagged
points would have been included apart from two. It is
interesting to understand the difference between these two
points circled in red and green. If the point circled in red in
Figure 9 is considered, the toolbox would have correctly left
it out, since the large torque drop was caused by a sudden
reduction of the propeller pitch. Moreover the membership
function relative to the submergence index for that point is
zero. The probability that this point was related to ventilation
is very low, as correctly predicted by the toolbox. The point
marked in green is erroneously not included in the set of
the ventilation events, because its fuzzy set value is rather
low. However this event was probably a minor ventilation
event which created rather limited effect on the propulsive
system, which could have been included by selecting a
lower threshold level. The chosen level of 0.85 is a rather
conservative value and hence only major events can be
detected.

It should also be noted that the toolbox is not capable
of detecting events during dynamic positioning operation of
the ship. Although this last point is clearly a limitation of
the tool, it has to be noticed that there is clear evidence that
ventilation is occurring during dynamic positioning opera-
tions. The limitation arises from the fact that the ordered
values are not available. The control system changes propul-
sive parameter often during the 2 minutes time span used for
approximating the ordered value, and hence the mean value,
as above defined, has little to do with the actual ordered
value. In Figure 10 an example of typical time series for the
propulsive system, while the ship was in dynamic positioning
condition, is presented. From the figure it is clear that the
control system acts continuously on the system to keep
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Figure 7: Time series showing HEMOS data (a) and ship environmental data (b) with the marked points.

the desired position, rather than aiming to a steady condition
like in the transit case. The corresponding membership
functions are reported in Figure 11. It has to be pointed
out that during dynamic positioning the units are pointing
inwards and hence the azimuth angle membership drops to
zero. The resulting fuzzy set presents values which are well
below the 0.85 threshold (Figure 12). The toolbox cannot be
used during dynamic positioning, but at least it does not
introduce false positives.

2.6. Test of the Toolbox. The data from the test ship are made
available by Rolls Royce Marine in the form of time series

covering one month. Therefore in this section the toolbox is
adopted to scan through the data for ventilation events of
a typical one month dataset. The ship is not operated con-
tinuously during one month, and trips to the platforms are
alternated with time spent at the harbor. The noncontinuous
operation of the ship is clear shown from both the propulsive
system data and the ship motion presented in Figures 13 and
14, respectively.

Although it is possible to analyze only the portion of
the time series when the ship motions are large, the entire
dataset is scanned with the toolbox. The resulting fuzzy set,
with the point exceeding the 0.85 threshold marked by
colored dots, is shown in Figure 15.
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Figure 8: Calculated membership function for the analyzed time series, showing the marked points.
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Figure 9: Time series of the Fuzzy set F.

Ventilation events have been identified in three different
trips; those relative to second trip in which ventilation was
identified are going to be further addressed. In Figure 16 the
fuzzy set is plotted for the selected trip.

The identified events are also reported in the times series
relative to the propulsive unit parameters and to the ship
motions.

From both Figures 17 and 18 it is evident that the iden-
tified events occur in completely different ship operational
modes. The first group was identified while the ship was
in transit mode, whereas the second refers to a lower speed
operation. The ship motions are also different; the last two
events were recorded while the ship had a very limited roll

motion. This marked difference is due to the different ship
speed, but also to the fact that the ship changed course in
between the two set of events as shown in Figure 19.

The toolbox proved to work also on a dataset different
from the training one and to be able also to identify inter-
esting events also in operational condition different from
the transit.

3. Application of the Toolbox

The toolbox was applied to the data collected by both
units installed on the test ship in the period January 2010–
June 2011. Data for the starboard unit are not usable for
the month of January 2010, because the torque gauge was
not fully operational. The analyzed period covers therefore
almost one year and a half of ship operations. Using the fuzzy
logic toolbox, 45 and 27 events have been identified for the
port and the starboard units, respectively. It has to be
remarked that 8 of the 45 events for the port unit were
identified in the month of January 2010 when the other unit
did not have usable data. Even without considering these 8
events, a difference of 10 events remains between the two
units. This difference will be addressed in a specific section,
while in this section the identified events are analyzed. The
port unit is presented first.
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Figure 10: Time series of the propulsive system during dynamic positioning.
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Figure 11: Membership functions during dynamic positioning operation.
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In Figure 20 the vessel speed when the events were col-
lected is presented. The graph shows that most of the events
occurred while the ship was in transit mode (ship speed
around 10 Knots), although 4 events were recorded when
the ship was operating at a lower speed. These last low speed
events show that the toolbox is capable of detecting events
also when the ship is not in transit condition, as it was in
the training set. Most of the events were recorded when the
azimuth angle was negative (Figure 21), which for the port
thruster means that the unit was pointing outwards with
respect to the ship centerline. However events with the unit
pointing inwards were also detected.

The pitch and the rpm feedbacks are consistent with the
assumption that most of the events occurred while the ship
was in transit mode (Figure 22). Since the toolbox cannot
handle the dynamic positioning condition, it follows that the
events are mainly collected for the other most common ship
operational mode, which is the transit.

The fact that the ship motions were large is not sur-
prising. However it is interesting to notice that some events
occurred when the ship did not have any significant roll angle
but a large pitch angle (Figure 3).

The analysis of the starboard unit, in addition of the fact
that fewer events were detected, shows some similarities with
port unit, but also some relevant differences. The ship speed
during the events is more scattered, showing more events
at the lower speeds, although similarly to the other unit the
transit mode seems to give more events (Figure 24).

The sign of the azimuth angle, being this the starboard
unit, has a different meaning. In this case the unit is pointing
outwards when the azimuth is positive.

If azimuth angles of the ports events are compared with
the starboard ones, there are two main differences. The first
difference is that the port unit shows events also for rather
large inwards angles, whereas the starboard unit (Figure 25)
does not show any events for large inwards angles. The
second difference is in the magnitude of the angles. Although
more events are available for the port unit, none of them
shows an outwards angle larger than approximately 10
degrees.

The propeller pitch and rpm feedback graph (Figure 26)
confirm that the starboard unit experienced more ventilation
events in nontransit condition than the other unit.

The ship motion plot (Figure 27) does not show any
particular difference with the port side. It has to be remarked
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Figure 13: Propulsive parameters during the month of March 2011.
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Figure 14: Ship motions during the analyzed period.
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Figure 15: Fuzzy set for the month of March 2011.

that for the starboard unit negative roll angles lead to lower
propeller submergences.

All the above-underlined differences led to the conclu-
sion that there was some other parameter not taken into
account that explained the discrepancies between the units.
This idea was enforced when the cumulative sum of the
events of the units was plotted against the number of months
from the beginning of the analysis. The graph starts from the
month of February 2010.

Figure 28 shows that the difference in the number
of events collected up to June 2011 is probably due to
the statistically short period of time considered. However
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Figure 16: Time series of the membership function.

the statistics of the events collected so far show somewhat
different trends.

3.1. Analysis of the Sea State during the Events. The test ship
is a supply vessel which shuttles between platforms in the
Norwegian Sea. The ship operates most of the time close to
the Troll A platform. Figure 29 shows the track of the ship
for the month of January 2010 and the position of the Troll
A platform. This platform has a weather station and the
collected data are freely available through the eKlima website,
a service of the Norwegian Meteorological Service. Wave
statistics are collected every 6 hours including wave spectral
significant height, period, and direction. Assuming that the
Troll A readings are representative of the sea state where the
ship operates, it is possible to have a rough estimate of the
wave statistics the ship was experiencing during the events.
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Figure 17: Propulsive system parameters during the analyzed period.
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Figure 18: Ship motions during the analyzed period.
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Figure 22: Propeller pitch and rpm feedback during the events—
port unit.
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Figure 23: Ship Motions during the events—port unit.

In Figure 30 the wave first peak period is plotted against
the wave significant spectral height for the identified events
during the entire analyzed period of 18 months. By first peak
period we refer to the largest peak in the wave spectrum. In
the figure the blue and the red dots refer to the port and the
starboard unit, respectively. The predominant wave first peak
period during the events is around 8.5 seconds, which is
a fairly common wave period for the Norwegian Sea. The
significant height ranges from 2 meters up to 5.5 meters, with
a concentration around 4 meters. One possible interpretation
of the plot is outlined here. The lack of events at wave
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Figure 25: Unit azimuth angle during the events—starboard unit.

significant height larger than 5.5 meters is probably due to
the fact that the ship is not operated in rough sea states.
The fact that fewer events have been identified at the smaller
significant wave heights, although this is a more common sea
state, is probably due to the fact that just the largest waves
relative to this significant height might trigger a ventilation
event. The number of events increases with the increasing
significant height, up to the point where either the significant
height is so large that it is infrequent or the ship is not
operated in such large sea state. The last hypothesis is
confirmed by comparing the distribution of relative
frequency of occurrence of different wave heights at the Troll
A platform for the entire period with the recordings when
the ship was operating. These two distributions are presented
in Figure 31 by a blue and a red curve, respectively. It seems
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Figure 26: Propeller pitch and rpm feedback during the events—
starboard unit.
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Figure 27: Ship Motions during the events—starboard unit.

clear from the plot that the ship owner avoids operating the
ship in heavy seas. The plot also confirms that the significant
heights larger than 6 meters are rather infrequent at the Troll
A location in the analyzed period.

In Figure 30 it can be noticed that also for the wave
period distribution the two units show differences. The two
distributions look very similar, but with the starboard unit
slightly shifted towards longer periods.

This small statistical difference, combined with what
already pointed out from the analysis of the time series, led
to the idea that there was still something missing in the anal-
ysis. In other words the two units consistently show rather
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small, but noticeable differences which did not have a clear
explanation in the parameters taken into account so far.

3.2. Estimation and Analysis of the Wave Encounter Angle. In
order to explain the differences which have been pointed out
in the previous paragraph, the wave encounter angle was
added to the analysis. The wave encounter angle is defined as
the angle between the wave direction and the ship course. It
is zero when the ship course and the wave direction coincide
(following seas), whereas it is 180 when two directions
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are opposite (head seas). It is positive in counterclockwise
direction, if the ship is seen from above.

If both the ship course and the wave direction have
dominating values in the operation area, then it is likely that
also the wave encounter angle of the ship will have some
dominating directions. From Figure 29 it can be seen that
the test ship steams prevalently on an east-west course. The
Norwegian Sea, due to the presence of the mainland and
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due to the local atmospheric circulation, shows a relative
frequency of occurrence of the wave direction (number of
samples for a given wave direction divided by the total
number of samples) which is not evenly distributed over
the compass rose. This noneven distribution is shown in
Figure 32, where the relative frequency of occurrence of the
wave direction for the period 2004–2010 at the platform
Troll A is reported (in the graph the atmospheric convention
for the direction has been used and hence the direction
represents the direction the waves are coming from).

Under the same assumptions used for the estimation of
the wave height and period, it is possible to calculate the
wave encounter angle for the relevant sea state and ship
position. Once again the wave data available for the Troll A
platform will be assumed to be representative of the wave
data at the actual ship location. This assumption also means
that, since the wave direction is updated just every 6 hours,
the ship is supposed to experience the wave statistics of the
observation closest in time. Therefore in the three hours
preceding and the three hour following the observation the
only parameter changing in the encounter angle calculation
is the ship heading.

The calculated encounter angles are then divided in
10 degrees slots and their relative frequency of occurrence
calculated. A filter is then applied to leave out of the statistics
samples relative to significant heights smaller than 2 meters.
The samples which have been acquired when the ship was
sailing in sheltered areas have been left out as well. For this
reason all the samples acquired east of 4.5◦ in longitude,
which is located approximately 15 miles offshore of the fjord
where the ship is based, were not taken into account. Finally,
only points with a ship speed greater than 2 knots have
been taken into account, in order not to include dynamic
positioning and low speed maneuvering. In other words the
calculated relative frequency of occurrence represents the
distribution of encounter angles of the waves which were
deemed to potentially generate ventilation events while in
transit mode.

The result of this analysis is presented in Figure 33. It
is evident from the plot that the encounter angles are not
evenly distributed over the 0–360 degrees range. This uneven
distribution of the wave encounter angle might explain the
differences in the events statistics, which were found from the
analysis of the detected events. In particular the ship during
the transit experiences most of the time port bow quartering
seas and starboard stern quartering seas.

In Figure 34 the wave encounter angle during the events
is plotted against the vessel speed for the port and the
starboard unit. It has to be noted that the port unit is
the windward one for encounter angles between 180 and
360 degrees, whereas the starboard one is the windward
one for angles between 0 and 180. Not surprisingly the
units experienced more ventilation events when they were
the windward one, which in this case means that the ship
was experiencing bow quartering seas during most of the
port events and stern quartering seas during the starboard
ones, consistently with the distribution in Figure 33. The
differences in the ship response between bow quartering and
stern quartering seas might be the cause for the differences

between the two units in the event statistics that have been
found so far. Figure 34 shows also that both bow and stern
quartering seas can trigger ventilation on the windward unit.
Ventilation on the leeward unit seems to be possible only
during bow quartering seas. However this has to be checked
against a larger number of events.

4. Conclusions

In this paper an analysis technique for the data collected
by the HeMoS system is presented. The analysis adopts
an ad-hoc developed fuzzy logic inference system toolbox,
which proved to be useful in analyzing the data collected
while the ship was in transit mode. Although the toolbox is
not capable of handling the dynamic positioning mode, it
proved to work also at low speeds, which was not expected
in the development phase.

The toolbox was used to scan through the 18 months
recording available in order to identify ventilation events.
The toolbox identified a total number of 45 events for the
port unit and 27 for the starboard unit. However 8 of the 45
events identified for the port unit were collected while the
starboard unit acquisition system was not fully operational.
It was shown that the different number of detected events
between the two units seems to be due to the limited time
span considered rather than to other causes.

The events were then analyzed from a statistical point of
view with the aim of finding patterns in the events data. It
was found that starboard unit shows a larger scatter in data
when compared with the port unit. Including information
about the sea state it was found that the majority of the events
recorded for the port unit happened when the ship was
experiencing port bow quartering seas, whereas the majority
of the events for the starboard unit were recorded when the
ship was experiencing stern quartering seas. This difference
seems to be caused by the combination of the ship operation
pattern and the dominating wave directions in the area of
operation. However, more data is required to confirm this.

Although the time span covered in the present analysis
seems rather long, the total number of events, considering
both units, is just 72. Therefore the trends which have been
outlined still miss a large number of samples to be confirmed
and other might not be noted due to the lack of samples. It
is then advisable to repeat this analysis when more data is
available. It is demonstrated that in this kind of analysis it
is important to include information about the sea state. In
this case this was possible because the ship was operating in
a stretch of sea where these data were available. However this
is not the most common situation. It is advisable to try to
develop methods to estimate the sea state from data which
are more commonly available, such as the ship motions.
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In the present paper an experimental and numerical analysis of an unconventional CLT propeller is carried out. Two different
numerical approaches, a potential panel method and an RANSE solver, are employed. Cavitation tunnel experiments are carried
out in order to measure, as usual, thrust, torque, and cavity extension for different propeller working points. Moreover, LDV
measurements are performed to have a deep insight into the complex wake behind the propeller and to analyze the dynamics of
generated tip vortexes. The numerical/experimental analysis and comparison of results highlight the peculiarities of this kind of
propellers, the possibility to increase efficiency and reduce cavitation risk, in order to exploit the design approaches already well
proven for conventional propellers also in the case of these unconventional geometries.

1. Introduction

Energy saving is a primary objective, historically the first,
and, probably still now, the most important one, in the
design of marine propellers. The constant increase of oil
price, the more strict regulations in terms of air pollution,
and the limits for NOX and SOX emissions require more and
more efficient designs. Modern design approaches, like fully
numerical lifting line/lifting surface codes and optimization
applied to potential panel methods satisfy this objective
and allow to design conventional propellers with maximum
efficiency for a given operating point. On the other hand,
nonconventional propellers, like Contracted and Loaded
Tip CLT and Kappel like geometries, represent a further
opportunity to increase efficiency and reduce the risk of
cavitation, without the employment of completely different
propulsive solutions, like contra- and corotating propellers
or by the adoption of ducts, stators or wake regularizers.

At the same time, also requirements in terms of radiated
noise and vibration emissions became more strict: avoidance
of negative effects on marine life and reduction of the risk
of hydroacoustic signature are the primary aims of new
commercial and navy constructions. CLT propellers may
represent a valid answer to these demands, even if the effects

of some peculiar phenomena, such as the cavitating vortices
at tip, need further investigation.

The first concept of tip-loaded propellers goes back
to late seventies: Tip Vortex Free propellers were the first
application of the Loaded Tip concept, that quickly evolved
toward the CLT solution when also contraction of the fluid
vein has been taken into account for the definition of the
optimal geometry (http://www.sistemar.com/).

CLT propellers are characterized by a monotonic increase
of pitch from blade root to tip, a finite chord at tip,
moderate values of skew, and an endplate at the outermost
radial edge of the blade towards the pressure side. Full-
scale installations and observations, together with model
scale measures and theoretical studies, as reported by SIS-
TEMAR (http://www.sistemar.com/) identified, as the main
advantages of CLT propellers, higher values of efficiency
(thus lower fuel consumption, air polluting lower emissions),
higher value of thrust per unit area (thus higher ship speed
and lower optimum diameter), lower noise, and vibration
levels with better margin for face cavitation and cavitation
inception speed.

The gain in efficiency is obtained by the displacement of
the maximum load towards the tip, that is made possible,
without high noise and energy losses (typical of tip loaded
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conventional propellers) by the presence of the endplate. In
fact, the outer radial sections of the blade contribute more
efficiently to the generation of thrust: velocities are higher
and, geometrically, local pitch angle is lower, that is, the local
lift is more “aligned” with the axial propeller direction. A way
to achieve high efficiency is, thus, to produce the most part
of the required propeller thrust in this region of the blade.
The additional span (not in the radial direction) provided
by the endplate allows to locate the maximum load near the
blade tip with a gradual and smooth reduction of the loading
curve. In this way, it is possible to avoid the presence of a
strong tip vortex and the higher values of induced velocities
on the propeller plane, whose effect on the hydrodynamic
pitch is fundamental in achieving high values of efficiency.

The presence of the endplate itself, that increases the
pressure difference on the tip region and allows to adopt a
finite chord at tip, produces higher value of thrust per unit
area and a local unload of the sections. The resulting smaller
optimum diameter allows the propeller to operate in a more
uniform hull wake, with wider propeller sections passing
through areas where the change in local wake can be strong,
achieving more stable cavity bubbles and less cavity induced
vibrations (but higher fluctuations of delivered thrust).

However, several problems, connected with the peculiar-
ities of this kind of propellers, still need to be investigated.
The shape and position of the endplate poses some issues
regarding local strength, the overall influence on propeller
mechanical characteristics and the higher risk of “double” tip
vortex cavitation. Tip vortexes are, in fact, the main sources
of energy loss, propagated noise, and induced vibrations.
Also, optimal unconventional propellers, of course, like
conventional ones, have to deal with the interactions between
incoming flow and generated vortical structures to achieve
high efficiency. If the hydroacoustic noise and the fluctuating
pressures on the hull have to be minimized (or, at least,
monitored), as today more frequently requested directly
during the preliminary propeller design, the knowledge
of the tip vortexes dynamics becomes a key aspect for
the noise characterization of these kind of unconventional
propellers, with respect of which few literature is available
for designers. The peculiarity of the propeller geometry,
moreover, is expected to produce very complex wake fields:
blade trailing wake is subjected to large deformations as
a combination between skew distribution and interaction
between tip vortexes at the endplate. Strength and position
of vortex cores, that in general is a matter of interest for
conventional propellers and, during the design phase, a key
aspect for the accurate evaluation of load distribution (see,
e.g., the wake alignment issues in [1–3]), requires further
analyses, for which extensive experimental campaigns and
accurate viscous computations are expected to provide
valuable results. Scale effects, in addition, represent another
challenging task for this kind of unconventional propellers,
for which a deeper investigation is needed [4].

From a numerical point of view, a lot of interest
has been dedicated to the analysis and development of
new propulsion concepts [5] involving CLT propellers. The
TRIPOD European Project, for instance, is an example of
the application of numerical tools, like potential-flow based

methods and RANSE codes, in order to reduce the number
of propeller design iterations for new propulsive solutions, in
which unconventional Contracted and Loaded Tip propellers
are adopted in contrarotating and POD configurations. More
recently, panel and RANSE solver have been adopted for the
analysis of open water performances of CLT propellers, with
satisfactory preliminary results [6].

In the present work, both the numerical approaches,
a potential panel method and a RANSE code, are applied
for the analysis of open water CLT propeller performances,
including prediction of steady cavitation extent and propeller
wake. While the former approach can be considered the best
compromise between accuracy and computational time in
the initial design stage (suitable to have an initial estimation
of forces and cavitation extent), the latter represents a reliable
tool to analyze the effects of viscosity that, especially in
off-design conditions, where potential approaches generally
fails, are the leading aspects. The reliability of both the
approaches are investigated and their application limits for
unconventional geometries highlighted through a dedicated
experimental campaign carried out at the Cavitation Tunnel
of the University of Genoa and comparing with previous
results obtained during tests carried out at CEHIPAR towing
tank. In particular, after some preliminary tests in order
to evaluate mechanical characteristics to be compared with
CEHIPAR results, LDV measurements in steady condi-
tions have been conducted. Measurements include veloc-
ity/vorticity fields characterization on a series of transversal
planes at different distances from the propeller disc, for a
given operating condition. Results are compared with the
numerical computations and the location and evolution of
the tip vortexes are highlighted. Finally, cavity extension, are
investigated at different load and cavitation index conditions.
Also, in this case, comparison with computations provides
useful information about the reliability of the numerical
methodologies adopted.

The experimental facilities are described in Section 2;
Section 3 summarizes the theoretical aspects of the numer-
ical approaches employed for the computations while in
Section 4 the convergence of the numerical codes is checked.
Section 5 presents the results (measured and computed),
with an extensive comparison between numerical and exper-
imental results and the evaluation of the main aspects of the
phenomena under investigation.

2. Experimental Setup

Experiments were carried out at Cavitation Tunnel facility
of the Department of Naval Architecture and Electrical
Engineering of the University of Genoa (DINAEL), whose
layout is schematically represented in Figure 1. The facility
is a Kempf and Remmers closed water circuit tunnel with
a squared testing section of 0.57 m × 0.57 m, having a total
length of 2 m. The nozzle contraction ratio is 4.6 : 1, and the
maximum flow speed in the testing section is 8.5 m/s. Vertical
distance between horizontal ducts is 4.54 m, while horizontal
distance between vertical ducts is 8.15 m. Flow speed in
the testing section is measured by means of a differential
venturimeter with two pressure plugs immediately upstream
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and downstream of the converging part. A depressurization
system allows to obtain an atmospheric pressure in the circuit
near to vacuum, in order to simulate the correct cavitation
index for propellers and profiles (2D and 3D). The tunnel
is equipped with a Kempf and Remmers H39 dynamometer,
which measures propeller thrust, torque and RPM. As usual,
a mobile stroboscopic system allows to visualize cavitation
phenomena on the propeller blades. Moreover, cavitation
phenomena visualization in the testing section is also made
with a certain number (usually two/three) of cameras.
Optical access to the testing section is possible through large
windows: two Allied Vision Tech Marlin F145B2 Firewire
Cameras, with a resolution of 1392× 1040 pixels and a frame
rate up to 10 fps were adopted.

The Cavitation Tunnel is also equipped with instrumen-
tation for nonintrusive measurement of velocity field, that is,
Laser Doppler Velocimeter (Figure 2).

Measurements of the three velocity components of the
flow upstream and downstream of the propeller have been
performed by means of a four-beam two-color fibre optic

LDV system with back-scatter collection optics (Dantec Fiber
Flow). The light source is a 5 W argon ion laser operating
at 514.5 nm (green), 488 nm (blue). In order to solve the
zero velocity ambiguity and to reduce angle bias, a 40 MHz
Bragg cell has been used. The probe consists of an optical
transducer head of 60 mm diameter, with a focal length of
400 mm and a beam separation of 38 mm, connected to the
emitting optics and to the photomultipliers by means of
optic fibres. Typical probe volume dimensions were 190 μm
diameter and 4 mm length. The signal from the photomul-
tipliers has been processed by two Dantec Burst Spectrum
Analysers. Probe assembly is stiffly mounted on a three-
axis computer-controlled probe traversing mechanism. The
motion is transmitted to the carriages by stepping motors
through a preloaded ball-screw assembly with a minimum
linear translation step of 8 μm [7].

In the present experiment, an ensemble averaging tech-
nique suitable for LDV data processing has been applied. A
reference signal has been derived directly from the propeller
shaft encoder, and hence can be considered in phase with
the relevant periodic phenomenon. To obtain statistically
accurate ensemble averages, a total of 100000 validated data
for each velocity component have been sampled at each
measuring position. Instantaneous velocities are sorted into
360 phase bins, each representing a particular phase of
the cycle. Taking into account the direct relation between
period of the cycle and propeller rotational speed, each bin
represents a particular angular position among a total of 360.

A comprehensive review of errors in laser-Doppler
velocimetry measurements and guidelines to evaluate them
is given in Min [8], Lakshminarayana [9], Boutier [10],
Strazisar [11] and Modarress et al. [12]. Statistical uncer-
tainty in mean and rms velocities depends on the number
of sampled data, turbulence intensity, and confidence level.
For the present experiment, considering a confidence level of
95 per cent, a local turbulence intensity of 20 per cent and
a minimum number of samples of 150 for bin, uncertainties
of ±3 and ±7 per cent are expected for the mean and rms
velocities, respectively.

A generic instantaneous quantity (i.e., velocity compo-
nent) is a function of time (t j) or rotor circumferential
coordinate, of the data record (n).

The equations defining the ensemble average procedure
are as follows:

(i) instantaneous quantity:

q(ti,n) = q̃(ti) + q′(ti,n) (1)

(ii) ensemble averaged quantity:

q̃
(
t j
)
= 1
N

N∑

n=1

q
(
t j ,n

)
, (2)

(iii) root mean square of the random unsteady fluctua-
tions:
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Figure 3: Effective measurement points.

Table 1: Measurements stations.

Station

1 2 3 4 5 6 7 8 9 10

Axial position (x/R) −0.25 0.2375 0.4875 0.5125 0.6 0.7 0.8 0.9 0.9875 1.0125

In order to survey all the three velocity components using
a 2D LDV it has been necessary to perform measurements in
two different configurations: the first one through the upper
window of the cavitation tunnel, the second one through a
lateral window. Special attention has been dedicated to the
selection of the most appropriate measurement configura-
tion in order to maximize spatial measurement resolution
and limit the smoothing of velocity gradient.

Measurements have been performed for ten axial
stations, described in details in Table 1. Effective measured
points (along the radial direction) are highlighted in
Figure 3: for the first four stations and for the last two,
measures cover the complete radial extension (from r/R =
0.35 to r/R = 1.1) of the propeller wake, while for the
stations between x/R = 0.6 and x/R = 0.9, only points in
the tip region have been investigated, because the main
interest of the measurements was to analyze the evolution
of tip vortices. Stations 3/4 and 9/10 have been measured
at small axial distance, in order to evaluate vorticity at the
intermediate section.

The reference coordinate system adopted for the presen-
tation of results and the conventions on the sign of axial,
radial and tangential velocities are summarized in Figure 4.

3. Numerical Methods

The numerical modeling of Contracted and Tip Loaded Pro-
pellers, from and hydrodynamic point of view is equivalent
to the conventional propellers case. Once the geometry has
been defined, paying special attention to the modeling of the
endplate, the hydrodynamic characteristics of CLT propellers
can be computed straightforward applying both potential
and RANSE solvers.

z

y

x

VR

VT

VAθ

ω

Figure 4: Coordinate reference system and velocity convention.

3.1. Panel Method. Panel/boundary elements methods
model the flowfield around a solid body by means of a scalar
function, the perturbation potential φ(x), whose spatial
derivatives represent the component of the perturbation
velocity vector. Irrotationality, incompressibility, an absence
of viscosity are the hypothesis needed in order to write
the more general continuity and momentum equations
as a Laplace equation for the perturbation potential
itself:

∇2φ(x) = 0. (4)
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For the more general problem of cavitating flow, Green’s
third identity allows to solve the three dimensional differ-
ential problem as a simpler integral problem written for
the surfaces that bound the domain. The solution is found
as the intensity of a series of mathematical singularities
(sources and dipoles) whose superposition models the
inviscid cavitating flow on and around the body:

2πφ
(

xp
)
=
∫

SB+SCB

φ
(

xq
) ∂

∂nq

1
rpq

dS−
∫

SB+SCB

∂φ
(

xq
)

∂nq

1
rpq

dS

+
∫

SW
Δφ
(

xq
) ∂

∂nq

1
rpq

dS.

(5)

Neglecting the supercavitating case (computation is
stopped when the cavity bubble reaches the blade trailing
edge) and assuming that the cavity bubble thickness is
small with respect to the profile chord, [13] singularities
that model cavity bubble can be placed on the blade
surface other than on the real cavity surface, leading to an
integral equation in which the subscript q corresponds to
the variable point in the integration, n is the unit normal
to the boundary surfaces, and rpq is the distance between
points p and q, SB is the fully wetted surface, SW is the
wake surface, and SCB is the projected cavitating surface
on the solid boundaries. This approach can be considered
as a partial nonlinear approach that takes into account
the weakly nonlinearity of the boundary conditions (the
dynamic boundary condition on the cavitating part of the
blade and the closure condition at its trailing edge) without
the need to collocate the singularities on the effective cavity
surface. The set of required boundary conditions for the
steady problem is as follow.

(i) Kinematic boundary condition on the wetted solid
boundaries:

∂φ(x)
∂n

= −Vinflow(x) · n. (6)

(ii) Kutta condition at blade trailing edge (iteratively
solved as a stagnation pressure condition):

∇∣∣φ∣∣T.E. <∞. (7)

(iii) Dynamic boundary condition on the cavitating sur-
faces:

p = pvap on SCB. (8)

(iv) Kinematic boundary condition on the sheet cavity
surface, where n is the surface normal vector and th
is the local cavity bubble thickness evaluated on a
l, m, n local nonorthogonal reference system:

D

Dt
(n− th(l, m)) = 0. (9)

(v) Cavity closure condition at cavity bubble trailing
edge.

Arbitrary detachment line, on the back and/or on the face
sides of the blade can be found, iteratively, applying a criteria
equivalent, in two dimensions, to the Villat-Brillouin cavity
detachment lines, as in Mueller and Kinnas [14]. Starting
from a detachment line obtained from the initial wetted
solution (and identified as the line that separates zones with
pressures higher than the vapor tension from zones subjected
to pressure equal or lower pressures) or an imposed one
(typically the leading edge), the detachment line is iteratively
moved according to the following.

(i) If the cavity at that position has negative thickness,
the detachment location is moved toward the trailing
edge of the blade.

(ii) If the pressure at a position upstream the actual
detachment line is below vapor pressure, then the
detachment location is moved toward the leading
edge of the blade.

The numerical solution consists in an iterative scheme
delegated to solve the nonlinearities connected with the
Kutta, the dynamic, and the kinematic boundary conditions
on the unknown cavity surfaces until the cavity closure
condition has been satisfied.

Viscous forces, neglected by the potential flow method,
can be added in general with two different approaches. In
the first case, as proposed by Hufford [15] and Gaggero
[2], a thin boundary layer solver can be coupled, through
transpiration velocities, to the inviscid solution, in order to
obtain a local estimation of the frictional coefficient com-
puted in accordance to the integral approach of Curle [16]
(for the laminar boundary layer) and Nash and Hicks [17]
(for the turbulent boundary layer). This approach, though
being applied successfully for the analysis of conventional
propellers, poses some problems of convergence in very
off-design conditions and suffers from the tip influence
on streamlines on which the boundary layer calculation is
performed. As a consequence in the present work, a local esti-
mation of frictional coefficient has been carried out applying
a standard frictional line. In particular, a formulation, based
on local Reynolds number and thickness/chord ratio, has
been employed:

CD(r) = 1
2
a
(

1 + b
t(r)
c(r)

)
RekN (r). (10)

3.2. RANSE Solver. Viscous analysis of open water and
cavitating propeller characteristics has been carried out
through StarCCM+, a commercial finite volume RANSE
solver [18]. The hypothesis of incompressible fluid, if also
vapor due to cavitation is taken into account, holds only
in an approximate way. However, if the acoustic problem is
not under investigation, the assumption of incompressible
flow lets to solve a more computationally efficient numerical
model, in which both the phases, water and vapor, are
incompressible and interact only through the continuity
equation. Only one “mixed” fluid needs to be solved, which
proprieties are a weighted mean between the fraction (α) of
liquid (l) and the fraction (α−1) of vapor (v) characteristics:
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Figure 5: Mesh refinements close to the blade. Finer mesh (1.6
million cells).

ρmix = ρl(α) + ρv(1− α),

μmix = μl(α) + μv(1− α).
(11)

The governing equations (continuity, momentum and
an additional transport equation for the fraction α) for the
mixture can be written as:

∇ ·U = 0

ρmixU̇ = −∇p + μmix∇2U +∇ · TRe + SM

∂α

∂t
+∇ · (αU) = ṁc + ṁr

ρl
,

(12)

in which U is the averaged velocity vector, p is the averaged
pressure field, μmix and ρmix are the mixed dynamic viscosity
and the mixed density, SM is the momentum sources vector,
TRe is the tensor of Reynolds stresses computed according to
the Realizable k− ε turbulence closure equations, and (ṁc +
ṁr)/ρl is the cavitation source term.

The StarCCM+ computational domain, by means of the
symmetries, is represented by an angular sector of amplitude
2π/Z around a single blade, discretized with an appropriate
unstructured mesh of polyhedral cells chosen at the light
of the convergence analysis carried for all the addressed
problem (Figure 5). Simulations for the computation of open
water propeller characteristics and propeller wake have been
carried out as steady, using the Moving Reference Frame
approach, whit SIMPLE algorithm to link pressure with
velocity fields. Cavitation has been evaluated, instead, with
an implicit unsteady approach, with a fixed time step of
5 · 10−5 seconds.

4. Convergence of the Numerical Approaches

Before proceeding with the analysis of the computed results
through the comparison with the experimental measures,
a preliminary analysis of the convergence of the numerical
solution for both the selected solvers has been carried

out. Open water performances, propeller wake, and cavity
extension, the main aspects of interest for which the numer-
ical and experimental investigations have been performed,
have been considered for the evaluation of the convergence
behavior of the numerical solutions. In open water and
in cavitating condition, both the approaches have been
investigated. Instead, convergence of the propeller wake
has been verified only for the RANSE solver (the panel
method, in fact, has not been employed for these kind of
computations).

Figure 6 shows open water thrust and torque coefficients
as a function of the number of panels on the blade surface
(panel method) and of the number of cells on the fluid
domain (RANSE). Computations have been carried out at
an advance coefficient equal to 0.8 at 18 Hz, for which
a thrust coefficient of 0.1839 (towing tank) and a torque
coefficient (10KQ) of 0.3659 (towing tank) are expected.
Number of panels for each blade plus its relative hub varies
from about 900 (15 radial sections and 30 points along the
profile) to about 2400 (30 sections and 60 points along
the profile), with a trailing vortical wake, discretized with
an equivalent angular spacing of 6 degree, extended for
six complete revolutions aft the trailing edge. Calculations
were carried out with a fixed wake model in which the
pitch is the mean between the geometrical propeller pitch
and the hydrodynamic pitch, since this approach already
proved to be reliable and robust, as shown in Gaggero,
[2]. The maximum number of cells (1.6 million/blade)
for the viscous computations has been achieved through
successive refinement of the initial mesh (460 thousands
elements/blade) close to the propeller, as shown in Figure 5.
In any case, an appropriate prism layer (five layer with
growing factor of 1.25), fitted on the wall boundaries, has
been realized with a thickness evaluated from empirical
boundary layer formulations.

An overall good convergence has been achieved for both
the solvers, but with opposite tendencies. Predicted thrust
and torque by panel method, in fact, tends to increase
with the number of panels (extrapolated values are 0.1859
and 0.3768 resp., for the thrust and the torque coefficient)
while RANSE computations have a decreasing behavior, with
extrapolated values of 0.1764, and 0.3551 respectively.

The computations of open water performances, as
reported in next section, have been finally performed with
the medium grid (25 × 50 for the panel method, 1 Million
cell for the RANSE) as a compromise between accuracy
(with respect to the finer grid differences are, in both cases,
lower than 1%) and available computational resources. A
similar analysis is required when the evaluation of propeller
wake is addressed. In this case a finer mesh is mandatory in
order to capture the peculiar vortex structures at the blade
tip produced by the endplate and to avoid the numerical
dissipation that tends to smooth the flow quantities, velocity,
and vorticity distributions first of all.

The convergence of the numerical solution, also for this
kind of computation, has been verified on three different
meshes, obtained by refining the tip region where the
higher gradients are expected. Figure 7 shows the base mesh
(Figure 7(a)), of about 1.5 Millions cells refined close to
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Figure 6: Convergence of open water thrust and torque coefficient with the number of panels and the number of cells for the potential and
the RANSE solution.

(a) (b) (c)

Figure 7: Mesh arrangements for propeller wake analysis. (a) Base mesh. (b) Medium mesh. (c) Finer mesh.

the blade, and the medium (Figure 7(b)) and the very
fine (Figure 7(c)) meshes, respectively, of about 3.5 and 8
Millions cells, with a higher cell density in the tip region.
An overview of the results is presented in Figure 8, in which
nondimensional tangential and radial velocity distributions,
computed on a section placed 0.56R aft the propeller plane.
More in detail, Figure 9 compares tangential and radial
velocity on the same plane but for a section at constant radius
equal to 0.9R.

Qualitatively the convergence of the solution is achieved
directly from the comparison of the velocity field aft the
propeller. If with the coarse mesh, it is almost impossible
to identify the details of the double tip vortex structure

experimentally observed (as in Figure 21, e.g., in which the
tip vortexes are tracked by the cavitation phenomena) at the
cavitation tunnel, the medium, and, definitely, the fine mesh
grants a sufficient resolution to capture velocity peaks due
to the interactions of the trailed vortical structures aft the
propeller.

As better noted from Figure 9, the coarser mesh results
in a considerable numerical smoothing of the velocity.
Considering tangential velocity, it is possible, also with the
coarser mesh, to identify the two velocity peaks (also if highly
underpredicted with respect to the computations carried out
by the medium and the fine resolution); regarding radial
velocity distribution, it is clear that the coarse mesh is
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Figure 8: Convergence of radial and tangential nondimensional velocity distribution at x/R = 0.56 aft the propeller plane. ((a) and (d)) Base
mesh. ((b) and (e)) Medium mesh. ((c) and (f)) Finer mesh.
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Figure 9: Convergence of radial and tangential nondimensional velocity distribution at x/R = 0.56, r/R = 0.90 aft the propeller plane.
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Figure 10: Convergence of cavity extension with the number of panels. Open water thrust coefficient equal to 0.213 at cavitation index of
1.625.
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Figure 11: Convergence of cavity extension (fraction of vapor equal to 0.5) with the number of cells. Open water thrust coefficient equal to
0.213 at cavitation index of 1.625.

inadequate to resolve the local flow behavior for which,
instead, both the medium and the fine resolution captures
the double peak and the shifting toward lower angles of the
minimum values of the radial velocity.

The dependency of the solution on the discretization
level, finally, has been verified in cavitating condition. Also,
in this case, three different meshes, for the potential solver
and for the viscous solution, have been investigated. As usual
for the potential solution, the parameters under investigation
(from which the whole discretization depends) are the
number of radial sections (between 15 and 25) and the
number of points along the chord (between 30 and 50),
as evidenced in Figure 10. For the RANSE computations,
instead, meshes have been realized changing the global base
size, the number of prism layers, and the local minimum size
of surface discretization on the blade. Resulting meshes have
a number of cells between 500 thousands (coarse) and 1.5
Million (fine) for each blade, with discretization parameters
summarized in Table 2.

Results, computed for a cavitation index equal to 1.625
and for an advance coefficient for which the corresponding
open water thrust coefficient is equal to 0.213, are compared,
in terms of cavity extension, in Figure 10 (panel method,
nondimensionalized cavity thickness with respect to the
diameter) and in Figure 11 (RANSE, isosurface of volume
fraction of vapor equal to 0.5). The increased number of
panels smoothes the potential solution, with a clear decrease
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Figure 12: Open water propeller characteristics. RANSE and
panel method in model scale compared with experimental towing
tank/cavitation tunnel measures.

of the radial extension of the cavity bubble at the blade
leading edge. Higher number of cells, instead, produces a
slightly extended cavity region within the viscous approach.
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Table 2: Discretization parameters for RANSE meshes—cavitating case.

Coarse mesh Medium mesh Fine mesh

Base size 1.8 times prop. diam. 1.8 times prop. diam. 1.8 times prop. diam.

Prism layer thickness 2 mm 2 mm 2 mm

Number of prism Layers 8 10 15

Minimum mesh surface size 0.04% of base size 0.02% of base size 0.02% of base size

Target mesh surface size 5% of base size 2.5% of base size 2.5% of base size

Total number of cells/blade ∼500 k ∼1 M ∼1.5 M
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Figure 13: Tangential nondimensional velocity distribution at x/R = 0.2500 fore the propeller plane. (a) Experimental LDV measurements.
(b) RANSE computations on the finer mesh.

In particular, the influence of the discretization level is higher
at the tip. Smaller cells reduce the numerical dissipation
and a sharpen solution is obtained at endplate tip with
an outline of cavitating tip vortex, for the computation of
which a sensibly higher number of cells (comparable with
that adopted for propeller wake evaluation) is required.
The finer resolution for both the solvers, despite the higher
computational effort required for the viscous computations,
has been finally chosen for all the further calculations as a
reliable level of discretization.

5. Results

As already discussed, CLT propellers are claimed to be
unconventional propellers able to grant some advantages
with respect to conventional solutions. In particular, espe-
cially at full scale, main advantages are higher efficiency,
reduced cavitation, and tip vortex strengthand, in general,
smaller propeller optimum diameter due to the high deliv-
ered thrust. The numerical analyses and the experimental
measures, consequently, have been carried out having in
mind these primary aspects: prediction/measure of propeller
performances in open water, including the analysis of the
propeller wake, and the prediction/measure of the steady
cavity extension in design and off-design conditions. From
the experimental point of view, the attention has been

primarily focused on the characterization of the peculiar
wake field downstream the propeller and of the steady
cavity behavior as a function of load and cavitation index.
Objectives of the analyses are the validation of the numerical
codes both in non cavitating and in cavitating conditions
and the evaluation of the capabilities of the panel method in
predicting performances and the main features of the cavity
bubble also for unconventional propellers.

5.1. Open Water. Model scale open water computations,
compared with measures carried out at CEHIPAR towing
tank [19] and at the University of Genoa Cavitation tunnel
are reported in Figure 12. In all cases, tests have been carried
out with 0◦ shaft inclination and uniform flow (no wake)
at 20 Hz in order to achieve a sufficiently high Reynolds
number. Both the numerical predictions (Panel Method and
RANSE solver) are very close to the experimental values for a
wide range of advance coefficients. In mean, the difference
between computed and measured values is less than 3%
around the design point: panel method tends to overestimate
both thrust and torque, while RANSE results are slightly
underpredicted. Numerical results are provided in a wider
range than the available experimental measures. These
results show a common trend, with slightly higher values
for KT and KQ at lower advance coefficients and a lower
zero thrust point in case of panel method. Nevertheless,
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Figure 14: Axial, tangential, and radial nondimensional velocity distributions at x/R = 0.4875 aft the propeller plane. ((a), (c), and (e))
Experimental LDV measurements. ((b), (d), and (f)) RANSE computations on the finer mesh.
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Figure 15: Axial, tangential, and radial vorticity distributions at x/R = 0.4875, r/R = 0.60, and r/R = 0.80. Comparison between LDV and
RANSE (single-blade angular sector).

a dedicated experimental campaign would be necessary to
analyze possible limitations of the numerical approaches in
this range. Cavitation tunnel results show, as usual, a slight
shift with respect to open water tests at towing tank (the ratio
between advance coefficients at sameKT is about 0.985). This
discrepancy is deemed acceptable considering differences
between towing tank and cavitation tunnel environment;
reference curves for comparison with numerical result in
open water condition are those obtained at towing tank. LDV
measurements and cavitation tests at the cavitation tunnel
were carried out at fixed KT (thrust identity).

5.2. Propeller Wake. The complex flow structures generated
by the endplate at the tip of the CLT propeller have been
investigated by means of Laser Doppler Velocimetry, and

measures have been compared with RANSE computations
carried with the 8 million cells per blade mesh (to minimize
numerical damping, as in Figure 7). Axial, tangential, and
radial velocity distributions on ten planes (Table 1) were
measured, but only four stations (−0.25, 0.4875, 0.7, and
0.9875 nondimensional position with respect to the pro-
peller plane) are reported, together with the corresponding
numerical computations. Vorticity results are compared with
the numerical computations for the station at x/R = 0.5.
Differences between experimental measures and numeri-
cal computations, highlighted for the open water case of
Figure 12, have been minimized performing the comparison
with the thrust identity approach, therefore, assuming that
the propeller wake field (within the cavitation tunnel during
experiments or unbounded for the numerical calculations)
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Figure 16: Axial, tangential, and radial vorticity distributions at x/R = 0.4875, r/R = 0.85, and r/R = 0.90. Comparison between LDV and
RANSE (single blade angular sector).

behaves in the same way if the propeller delivers the same
thrust. All the measures and the numerical computations,
consequently, are referred to a thrust coefficient of 0.213.
Tests were carried out with propeller running at 18 Hz, in
order to avoid cavitation. All values presented are made
nondimensional with respect to the undisturbed flow speed.

All the used representations of velocity distributions
will be organized in the way to show the experimental
results in the left column and the computational ones in
the right one, in order to allow a constant comparison
between measures and CFD results. The incoming flow in
section x/R = 0.25 (upstream of the propeller) is depicted
in Figure 13, and for the sake of brevity, only the tangential
component has been shown. The flow in this section is
accelerating and slightly turning in order to enter the blade

passage. As it can be observed, computed values still show
a certain smoothing effect, even adopting the finest mesh;
particularly, slightly lower values of the local maxima and
minima are obtained. This aspect, joined with a larger
perturbed area, leads to velocity gradients less defined in
the CFD results. Nevertheless, it is important to point out
that these differences are rather small, while in the plot, the
adopted velocity scale has been reduced in order to sort out
these small discrepancies. In Figure 14, results for the section
at x/R 0.4875 aft the propeller plane are reported and can
be used to define the typical features of the downstream
flow. In all the three velocity components, blade wakes and
tip vortices are clearly visible and, in particular, the wakes
can be identified in radial strips where the axial component
is reduced, if compared to the passage areas, while the
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Figure 17: Axial, tangential, and radial vorticity distributions at x/R = 0.5000 aft the propeller plane. ((a), (c), and (e)) Experimental LDV
measurements. ((b), (d), and (f)) RANSE computations on the finer mesh.
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Figure 18: Axial, tangential, and radial nondimensional velocity distributions at x/R = 0.7000 aft the propeller plane. ((a), (c), and (e))
Experimental LDV measurements. ((b), (d), and (f)) RANSE computations on the finer mesh.
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Figure 19: Axial, tangential, and radial nondimensional velocity distributions at x/R = 0.9875 aft the propeller plane. ((a), (c), and (e))
Experimental LDV measurements. ((b), (d), and (f)) RANSE computations on the finer mesh.
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tangential one increases. Contemporarily, in the wakes, the
radial component shows large values which are due to the
stronger centrifugal force induced by the large tangential
velocity component. It is interesting to underline the change
in sign of the radial component through the wake which
is present all along the blade span. Causes of this behavior
can be found in the loading variations along the blade and
in the presence of the tip vortices clearly visible at r/R =
0.9. The presence of two vortical structures, which induce
the largest velocity fluctuations in all the flow field, can
be indifferently identified from the analysis of any of the
velocity component distributions. In particular, one vortex
is generated at endplate leading edge, where a geometrical
discontinuity is present (successively named leading edge
vortex), and propagates at a higher radius, while the second
one (successively named blade tip vortex) is similar to the
more usual tip vortex and propagates at a lower radius.
Other remarkable flow characteristics are the reduced values
of the axial and tangential components present in the outer
flow, that is, the flow which has not passed through the
propeller. The flow in this region has to slow down due to
mass flow rate conservation and typically it is affected by
slightly negative radial velocity. Differently in this section,
the radial component distribution is largely perturbed by
the presence of the strong vortical structures whose effects
overcome the flow contraction. Even the inner flow region
(r/R = 0.35) is affect, by low values of the axial velocity
which are related to the presence of the hub boundary.
Looking more in detail, the three velocity components, it
is clear that the axial velocity presents a slightly higher
acceleration in RANSE calculations (about 0.05–0.1 V), as it
is also presented in Figure 15 for a series of radial sections.
This difference may be partially due to the different operating
conditions (in tunnel and in open water) even if no specific
analysis/calculation has been carried out to confirm this. In
addition to this, it is again evident that a certain degree of
smoothing is present in RANSE calculations, clearly visible
in the more diffused accelerated and decelerated flow areas
in vortices region, and in less visible blade wake.

Similar considerations arise when tangential and radial
velocities are considered. In this case, however, mean values
of both velocities are correctly captured, with mean tan-
gential velocity equal to about 0.2 V and a negative radial
velocity indicating flow contraction. Local variations due
to blade passage and to vortices are also captured, even if
differences due to numerical smoothing are visible in the
blade wake, which appears larger in space and slightly less
pronounced in terms of absolute values (see also Figure 15
with values at 0.8R and 0.85R). Regarding vortices, both
strength (in terms of absolute velocities) and relative angular
position seem correctly captured, as evidenced, qualitatively,
in Figure 14 and, quantitatively, in Figure 16 with computed
values at 0.9R. From this figure, the reasonable result of the
computation of the successive peaks in velocities is evident,
even if a slight angular shift and in some cases lower absolute
values are present.

From all figures, it is evident that leading edge vortex
has a higher strength, while blade tip vortex is weaker. Same

5.500

4.400

3.300

2.200

1.100

0

Axial velocity (m/s)

Figure 20: Vortical structures at the propeller tip. Q-factor visuali-
zation.

consideration arises also when propeller cavitating behavior
is analyzed (Figure 21).

In Figure 17, axial, tangential, and circumferential vortic-
ities, at nearly same longitudinal position (evaluated using
measurements at 0.4875R and 0.5125R), are reported. In
this case, it is clear that, considering the most important
case of tangential vorticity (tangential direction is the most
similar to vortex propagation direction), computed values
are very similar to measured ones, especially for the stronger
leading edge vortex, with slightly higher values for the
blade tip vortex. Other vorticity components show again
a good agreement, with slightly higher computed values.
An interesting aspect can be seen in the radial vorticity
distribution in blade wake area, where a change of sign
is present, due to the presence of the wake shear layer.
Looking at sections more downstream the propeller (Figures
18 and 19), considerations similar to those already presented
for section at 0.4875R may be made. In particular, RANSE
calculations tendency to smooth sharp variations in the flow
field is clear again, with larger blade wakes and vortices area,
and lower maximum and minimum values. Nevertheless,
differences still appear acceptable, and numerical calcula-
tions allow to capture some interesting phenomena which
are typical of this propeller functioning, such as the different
pitch of the two vortices, evidenced by the different relative
angular positions of vortex cores at different longitudinal
positions. In particular, leading edge vortex presents a lower
pitch, as visible in Figure 20 and in cavitation observations.
This allows to consider the adopted calculation setup an
acceptable compromise between calculation accuracy and
computational effort (current calculations took about 20
hours on a 12 cores CPU).

In Figure 20, that shows the Q-factor isosurfaces, vortical
structures captured with the RANSE approach are, once
more, clearly evidenced. The Q-factor, defined as the sum
of the symmetric and antisymmetric part of the velocity
gradient tensor, is a common scalar quantity usually adopted
in order to visualize vortical structures. From the figure, both
different vortices pitches and strengths (in terms of diameter
of the isosurface plots obtained for a Q-factor value equal to
30000) are visible.
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Figure 21: Cavity extension for open water KT equal to 0.213, at cavitation index of 1.625. Comparison with panel and RANSE numerical
computations.

5.3. Cavitating Condition. The prediction of cavity extension
is another key aspect for CLT unconventional propellers. The
higher load near the tip, if cavitation cannot be avoided,
could stabilize cavitation itself, especially when the propeller
operates in a spatial non uniform wake behind the hull. On
the contrary, the longer chord at the propeller tip could
locally reduce the load per unit area, reducing the risk of
cavitation and the bubble extension. Moreover, the influence
on the pressure field of the endplate, that, with respect
to a conventional geometry, increases the overpressure on
the pressure side and reduces the pressure drop on the
suction side, helps to reduce the back cavity extension.
Anyhow, the presence of the endplate increases the risk of
cavity inception (at its root and tip), and this potential
problem should be taken into account for a better propeller
design.

Prediction of cavity extension is, therefore, a necessary
step in understanding the flow dynamics around CLT pro-
pellers. A steady analysis performed with the panel method,
that has already proven to be a reliable and sufficiently

accurate approach to compute steady and unsteady cavitating
flow on conventional geometries [2, 13], can provide a
preliminary insight into these phenomena. Moreover, a
RANSE analysis can further deepen the knowledge, from
a computational point of view, of the phenomena, giving
additional details in the preliminary design stage of uncon-
ventional propellers.

Five different operating points have been considered
for the analysis of the cavitating performances of the CLT
propeller. As for the evaluation of propeller wake, all the
computations have been carried out with the thrust identity.
The first analyzed point (Figure 21) is the design point, that
corresponds to an open water thrust coefficient of 0.213
at a cavitation index of 1.625. Second and third points
(Figure 22) have been measured at the same thrust coefficient
but at lower (1.5) and higher (3.3) cavitation indexes. The
last two points (Figure 23), instead, are characterized by the
design cavitation index (1.625) at lower (0.173) and higher
(0.253) thrust coefficient. All tests at cavitation tunnel were
carried out at 25 Hz.
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Figure 22: Cavity extension for open water KT equal to 0.213, at cavitation index of 1.5 (a) and 3.3 (b). Comparison with panel and RANSE
numerical computations.

From the experimental point of view it is possible to
identify, first of all, the complexity of the vortical structures
generated by the endplate. Both vortices cavitate, letting
their visualization more immediate than the analysis of the
velocity field downstream the propeller. The two vortexes, as
previously highlighted, have different pitches, with the blade
tip vortex having the higher one, causing a relative rotation
of one vortex with respect to the other.

From a numerical point of view, the main features of the
sheet cavity, identified at the cavitation tunnel, are captured
quite well by the two solvers. In addition to the sheet
cavitation on the suction side of the blade, the numerical
computations predict the development of a sheet cavity
bubble (from the leading edge) on the external side of
the endplate, which results in a good qualitative agreement
with the experimental evidence. Prediction of tip cavitating
vortexes is beyond the capabilities of the developed panel
method, that is, limited to the analysis of supercavitating

sections. However, the thicker sheet cavity bubble at the blade
trailing edge can be considered as a symptom of probable tip
vortex cavitation. Especially at the lower advance coefficient
(higher open water equivalent thrust) the prediction of
sheet cavitation up to the trailing edge agrees well with the
observed cavitating vortexes. RANSE computation could,
in principle, take into account these phenomena. However,
the numerical damping and dissipation, due mainly to
an inadequate mesh for the computation of this kind of
phenomena, drastically reduce the resolution at blade tip and
only a thick sheet cavity is predicted at the endplate root,
together with the sheet cavity at the endplate leading edge,
well in agreement with the experimental observations.

The numerical predictions, anyway, can be considered
satisfactory for assessing the cavitation properties of the
propeller. Both the approaches well predict the influence
of the cavitation index and of the advance/thrust coeffi-
cient. For almost all the considered conditions, the panel
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Figure 23: Cavity extension for open water KT equal to 0.173 (a) and 0.253 (b), at cavitation index of 1.625. Comparison with panel and
RANSE numerical computations.

method, seems to overestimate the suction side cavity
bubble extension, with respect to the RANSE solver, in
chordwise directions, especially at the tip, while sheet cavity
lengths predicted by RANSE are more extended in the
radial direction. On the endplate predicted panel method
sheet cavity bubble is longer, especially at the endplate
root, and overlap all the outer endplate surface for higher
thrust coefficients/lower cavitation indexes, while RANSE
computations are, in general, more conservative (and more
similar to observations). Altogether, panel method and
RANSE are very close each other.

With respect to the observed cavity extensions, and
except the cavitating vortexes, both the numerical pre-
dictions are a bit overestimated, mainly along the radial
direction. This difference is probably due to the observed
streak cavitation [20] starting atleading edge, and to the
impossibility of differentiating it from sheet cavitation in

both numerical methods. At the design point (Figure 21),
for instance, sheet cavity bubble is observed starting from
about r/R equal to 0.8. Numerical computations, instead,
predict a very chordwisely short sheet bubble even around
r/R equal to 0.67, where experimental observations highlight
only streak cavitation with a more pronounced chordwise
extension. Same considerations hold for lower cavitation
indexes (Figure 22(a)) and higher loads (Figure 23(b)), with
a predicted sheet cavity from r/R = 0.55 versus r/R =
0.70 experimentally observed. At sheet cavity inception
(cavitation index of 3.3 for the thrust coefficient of 0.213)
and for lower thrust coefficient (resp. Figure 22(b), and
Figure 23(a)) only a slightly overestimated back sheet cavity
bubble is predicted and also the different thickness/extension
of the cavity bubble at endplate root and tip is representative
of the less strong blade tip vortex with respect to the leading
edge one.
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6. Conclusions

An extensive campaign at cavitation tunnel has been carried
to measure equivalent open water performances, propeller
wake characteristics, and cavitation of a nonconventional
CLT propeller. At the same time, two numerical approaches,
a potential panel method and a RANSE solver, have
been successfully applied for the correspondent numerical
analysis. Numerical computations of open water model
scale characteristics at the design advance coefficient are in
good agreement with experimental results, with negligible
differences (thrust underestimated by 1.45% in the case of
the panel method, 4.3% in the case of RANSE while torque
coefficient is underestimated by 1.4% and overestimated by
1.5% in case of RANSE solver and panel method resp.). In
off-design conditions, an overall good agreement has been
achieved, with panel method results very close to towing tank
measurements in the case of thrust (with a mean difference
of −1% in the considered range) and presenting a slight
overestimation (about 1.3% as a mean) in the case of torque.
Similarly, RANSE computations are satisfactory, with only
weak underestimation of both coefficients (about 4% and
1.6% for thrust and torque coefficients resp.) for all the
advance coefficients under investigation.

The LDV analysis highlighted the particular vortical
wake structures associated with the endplate. The interaction
between two vortical structures has been emphasized: the
leading edge vortex and the blade tip vortex propagate
downstream with different pitches. Also, in this case, the
comparison with measures reveals that numerical com-
putations are in good agreement for what regard the
location, pitch, and, in general, the strength of the propeller
wake. The sharp flow features are captured with sufficient
reliability only with the finer mesh. Additional refinements
seem to be necessary in the whole wake region (not
only at the tip) to further minimize artificial smoothing
(especially far from the propeller) and better identify flow
features.

Finally, preliminary, steady, computations of the cavitat-
ing flow demonstrate that both panel method and RANSE
solver can be employed, in a preliminary phase, and with
sufficient accuracy, for the analysis of the cavitating behavior
of these unconventional Tip Loaded Propellers. The main
pattern of sheet cavitation (of sheet type at the endplate
leading edge, cavitating vortexes at its edges) are predicted
qualitatively and quantitatively quite well. A fine resolution
of the RANSE discrete volume mesh is required for a
good resolution at the tip and root of the endplate, in
order to avoid smoothed solutions and to let the cavity
bubble evolve also downstream into the fluid. These results
allow to conclude, in any way, that the application of the
potential panel method (which computational time is a
fraction of that required by a viscous RANSE solver for the
same flow conditions), in conjunction with a parametric
geometry description and optimization algorithms may be
used in an inverse design approach already demonstrated
with success in case of conventional propellers [21, 22].
Further studies are planned in this directions by the
authors.
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The paper reports the development of coupling strategies between an inviscid direct panel method and a viscous RANS method
and their application to complex propeller ows. The work is motivated by the prohibitive computational cost associated to unsteady
viscous flow simulations using geometrically resolved propellers to analyse the dynamics of ships in seaways. The present effort
aims to combine the advantages of the two baseline methods in order to reduce the numerical effort without compromising the
predictive accuracy. Accordingly, the viscous method is used to calculate the global flow field, while the inviscid method predicts
the forces acting on the propeller. The corresponding reaction forces are employed as body forces to mimic the propeller influence
on the viscous flow field. Examples included refer to simple verification cases for an isolated propeller blade, open-water validation
simulations for a complete propeller, and more challenging investigations of a manoeuvring vessel in seaways. Reported results
reveal a fair predictive agreement between the coupled approach and fully viscous simulations and display the efficiency of the
coupled approach.

1. Introduction

The design of propellers is usually confined to the analysis of
open-water, deeply submerged, and steady-state conditions.
When attention is directed to the dynamics of ships operating
in harsh conditions, for example, offshore supply vessels,
a more sophisticated investigation might be necessary to
adequately determine the propeller loads. Offshore supply
vessels are frequently employed with pod propulsors and
feature a pronounced influence of the ship, the pod housing,
and the free surface on the blade loads when the ship is
exposed to heavy seas. Such complex phenomena can only
be addressed by (at least) Reynolds-averaged Navier-Stokes
(RANS) simulation methods for turbulent flows, which are
fairly expensive due to the wide range of involved time
scales. Hence, only few examples associated to propeller
operations behind a ship (e.g., Carrica et al. [1]) or off-
design conditions (e.g., Sileo and Steen [2]) were reported
for viscous flow simulations. Furthermore, multiple domain
approaches using sliding or overlapping grid techniques (see,

e.g., Muscari and Di Mascio [3]) are necessary to simulate
the relative motions between propeller and the hull. On the
contrary, methods based on the potential-flow theory are not
able to predict the frictional contributions to the wake flow
and cannot therefore be used for the simulation of propeller
flows in behind conditions.

A viable solution to reduce the computational effort
without compromising the predictive accuracy is to couple
a potential-flow method for the analysis of the propeller with
a RANS method for the simulation of the flow around the
vessel in seaways.

The basic coupling principle is fairly mature, thus
only few examples are mentioned here. First approaches
to model propeller effects by means of a force field in
an inviscid flow have been described as early as 1972 by
Sparenberg [4, 5], who aimed to find the optimum actuator
disc for a given thrust. Schetz and Favin [6, 7] reported
attempts to model propeller forces in an axisymmetric flow
field employing a one-way coupling to the Navier-Stokes
equations in a stream-function formulation. A more general
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two-way coupling was firstly reported by Stern et al. in 1988
[8]. Computations were performed in steady-state based
on circumferential averages of the propeller forces. The
propeller forces were determined by a vortex-lattice lifting-
surface method and adjusted to the flow field upstreaming
the propeller in an iterative procedure.

Several two-way coupling approaches with different
levels of complexity have recently been developed. Typically
the ship and the appendages are resolved (i.e., geometrically
modeled) by the RANS mesh, and the effect of the propeller
is computed externally to limit the computational and
mesh generation effort. In most cases, steady potential-flow
methods or even more simple assumptions, for example,
prescribed force parameterisations [9] are used to determine
the propeller influence.

An example for such an approach was presented by
Phillips et al. [10]. The authors describe a coupling proce-
dure using the blade element momentum theory (BEMT)
to model the propeller forces. These forces are applied in a
RANS domain with a ship hull and a rudder included. An
averaged RANS-calculated nominal wake fraction evaluated
at prescribed radial positions serves as input to the BEMT.
The calculated thrust and torque values obtained from the
BEMT are transformed into radius-averaged momentum
source terms acting in a cylindrical region at the propeller
position inside the RANS domain. With these body forces,
the steady RANS simulation is iterated to convergence. The
authors employ the method to compute the forces acting on
a rudder with fair accuracy.

Another possibility to model the propeller forces in
a RANS computation is described by Müller et al. [11].
The authors compare the performance of a coefficient-
based force model with a geometrically resolved propeller.
The propeller influence is not computed from an inviscid
numerical analysis but modeled based on established force
coefficients evaluated in different sections of the blade. They
studied the influence of the propeller representation on
the velocity distribution in the aft ship region as well as
the associated computational and grid-generation efforts.
Good accuracy was observed for the velocity distributions
in conjunction with a significantly smaller computational
effort for the simulations with the propeller model due to
the smaller and nonsliding grids. In the approach of Müller,
a simplified velocity distribution located at a short-distance
upstream, the propeller serves as input for the coefficient
model. The thrust and torque contributions are determined
for prescribed radial blade sections. The propeller model thus
considers the variation of the thrust and torque in radial and
circumferential direction but not the actual blade positions.

The present paper reports the development and appli-
cation of a coupling procedure between a RANS method
and a boundary element method (BEM) with respect to
pronounced unsteady behavior of the propeller thrust and
torque due to large amplitude ship motions. To achieve
this the time-accurate propeller loads computed by the
inviscid method are applied to the RANS method without
any circumferential or radial averaging. Additionally, no
rotating meshes are required to simulate the propeller and
significantly smaller grids for the RANS simulation can be

used—a feature which is of particular relevance for unsteady
simulations involving multiple time scales.

The remainder of the paper is structured as follows. The
second and third sections are devoted to the viscous and
inviscid baseline methods. The fourth section outlines the
rationale of the coupling strategy, while Section 5 refers to
grid studies for both involved solvers and to a verification
study based on a comparison of the propeller-induced
velocities. Subsequently, a validation of the coupling method
for a free-running propeller and the application for an
investigation of propeller-hull interaction effects in seaways
is described. The objective of this study is to compute the
speed losses and the additional resistance for a maneuvering
vessel in waves. The paper ends with an outline of the
conclusions and future aims in Section 7.

2. Viscous Method

The coupling approach introduced in the present paper
uses the finite-volume Navier-Stokes procedure FreSCo+ as
viscous baseline method. The tool is a spin-off of the FreSCo
suite [12], a joint development of Hamburg University
of Technology (TUHH), the Hamburg ship model basin
(HSVA), and the Maritime Research Institute Netherlands
(MARIN), which was developed under the aegis of the FP6
EU-initiative VIRTUE [13]. The simulation package is sup-
plemented by an adjoint flow solver AD-FreSCo+, dedicated
to shape optimization [14], an overset-grid technique OVER-
FreSCo+ [15] and a dynamic grid-adaptation approach [16].
The algorithm solves the Navier-Stokes equations for an
incompressible fluid composed of two (or more) immiscible
phases (i.e., air and water), namely,

ρ
DUi

Dt
= − ∂p

∂xi
+

∂

∂xj

[
(
μ + μt

)
(
∂Ui

∂xj
+
∂Uj

∂xi

)]

+ fi,

∂ρ

∂t
+
∂
(
ρUi

)

∂xi
= 0,

(1)

with

ρ = cρA + (1− c)ρW , μ = μA + (1− c)μW , (2)

where Ui, xi, and fi represent the Cartesian coordinates of
the velocity vector, the spatial coordinates and the body-
force vector, and t, p, ρ, μ, μt denote to the time, pressure,
fluid density, molecular and turbulent dynamic viscosity. The
property c refers to the local volumetric air concentration
(a.k.a. mixture fraction), the suffix A refers to air, and the
suffix W refers to water.

The segregated algorithm is based on the strong con-
servation form of the momentum equations and employs
a cell-centered, colocated storage arrangement for all trans-
port properties. Structured and unstructured grids with
arbitrary polyhedral cells or hanging nodes can be used.
The implicit numerical approximation is of second-order
accuracy in space and time. Integrals are approximated using
the conventional mid-point rule. The solution is iterated
to convergence using a SIMPLE-type pressure-correction
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scheme. Various turbulence-closure models using statisti-
cal (RANS) or scale-resolving (LES and DES) approaches
are available. Two-phase flows are modeled by interface-
capturing methods based upon the level-set or volume-of-
fluid (VOF) technique. To obtain the solution for the linear
equation systems, methods offered by the PETSc library are
employed. The algorithm is parallelized using a domain-
decomposition technique based on a single program mul-
tiple data (SPMD) message-passing model. Interprocessor
communication employs the MPI communications protocol.
Load balancing is achieved using the ParMETIS partitioning
software.

3. Inviscid Method

The potential-flow method panMARE [17] is developed at
the Hamburg University of Technology. It uses a BEM to
solve Laplace’s equation: ∇Φ∗ = 0, describing a potential
flow field. The total velocity potential Φ∗ = Φ∞ + Φ
consists of the potential due to the inflow velocity Φ∞ and
the perturbation potential Φ due to the presence of the
body. The latter is modeled using a linear combination of
sources and doublets distributed on the surface of all physical
boundaries present in the simulated fluid domain. When
applying Green’s third identity to Laplace’s equation, the
velocity potential at a point x in the fluid domain becomes

φ(x) = − 1
4Π

⎛

⎝
NB∑

j=1

σj

∫

Aj

1
r j(x)

ds

+
NB+NW∑

j=1

μj

∫

Aj

n j∇ 1
r j(x)

ds

⎞

⎠,

(3)

where NB denotes the number of quadrilateral panels on the
body surface and NW the number of panels on the trailing
wake surface of the propeller blade. The source strength of
panel j is σj , and the dipole strength is μj . Aj is the panels
area, and n j is its normal vector pointing into the flow. The
distance from the evaluation point x to the panel j is r j(x).

The Neumann boundary condition requires the velocity
normal to a boundary surface to be equal to zero (∇Φ∗ ·
n = 0). The source strength is calculated based on the inflow
velocity:

σ = −nv∞. (4)

Further, the dipole strength of the trailing wake panels
is defined by the linear Kutta condition. It is applied on the
panels directly connected to the trailing edge and the dipole
strength of the first panel in the trailing wake of the blade
(μTE) becomes

μTE = μupper − μlower, (5)

with the dipole strengths of the directly attached panels of
the body surface on the suction (“upper”) and pressure side
(“lower”) of the propeller blade. The panels in the propeller
wake sheet are deformed to align with the local flow.

R

R

R R0.5R 0.5R 

0.5R 

0.5R 

0

0

Figure 1: Exemplary distribution of locations used to transfer
velocities from the viscous to the inviscid method.

Using the above-described boundary conditions the
equation system with the unknown dipole strengths can
be solved. The panel pressure is determined by evaluating
Bernoulli’s equation at the collocation point x:

− p(x)
ρ

= ∇Φ(x)2 +∇Φ∞∇Φ(x) +
∂μ(x)
∂t

. (6)

To take into account viscous effects, an empirical friction-
correction formulation is implemented. For calculating
the forces acting on a propeller behind a ship arbitrary
distributions of inflow velocities (e.g., nonaxisymmetric) can
be used as inflow condition.

4. Coupling Strategy

The present approach models the propeller by a set of
equivalent body forces embedded in the viscous flow. The
body forces are derived from the propeller loads computed
by the inviscid method which in turn requires a prescribed
velocity distribution upstream the propeller. The strategy
is based on the exchange of two properties, that is, the
transfer of inviscid propeller-induced body forces to the
viscous solver and the transfer of the wake velocities to the
inviscid solver. As regards the implementation, two details
of the coupling procedure related to the (a) spatial and
(b) temporal transfer of information are of specific interest.
The former issue is associated to mapping techniques
between two grids of substantially different nature. For the
velocity transfer a plane which is typically located 0.5R–1.0R
upstream of the propeller—where R denotes the propeller
radius—is defined. Inside this plane, the velocities computed
by the RANS method are mapped onto a predefined set of
locations in a circular domain (specified by corresponding
angular and radial positions) as depicted in Figure 1.
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Figure 2: Illustration of RANS mesh cells containing propeller
blade body forces (approximately 2500 cells are involved).

The spatial transfer of body forces from the potential
flow solver to the viscous solver follows a different route.
Since one force per BEM panel is transferred, the forces of
the pressure- and suction-side of the blade are transferred
separately. These forces are then distributed on the adjacent
fluid cell centers of the RANS mesh as volumetric body
forces (Figure 2). Although the grids of the viscous and the
inviscid method are significantly different, in particular with
respect to the grid density, the mapping procedure maintains
force conservation. It utilizes a cell-search algorithm [15]
that connects each panel to the closest cell center and the
corresponding neighboring cells in a conservative way.

For the temporal transfer of information, three different
techniques are developed. The first refers to an explicit
strategy, where one data transfer per time-step is performed,
while in the implicit mode, the respective data is transferred
several times per time-step as illustrated in the flowchart in
Figure 3.

At the beginning of each coupling cycle, the viscous
velocity distribution upstream of the propeller plane is
transferred to the inviscid method. In the explicit mode,
these viscous wake velocities are based on the informations
of the previous time-step. The wake field computed by the
viscous solver inheres the influence of the propeller by means
of the induced velocities. As the inviscid solver requires the
effective wake as inflow condition, the propeller induced
velocities have to be subtracted from the viscous wake.
Hence, in each coupling cycle the inviscid method starts with
a calculation of these induced velocities to obtain the effective
wake. The algorithm then proceeds with the solution of the
equation system inside panMARE to determine the propeller
forces. The force distribution is transferred to the viscous
method, and in the explicit mode the time-step is finalized
by the solution of the governing equations in FreSCo+.

In the implicit mode, multiple coupling cycles are
performed in each time-step. Here, the inviscid solution is
embedded into the outer iteration process of the segregated

Start Viscous solution
w/o propeller

End

t = t + dt

t < maxtime
No

No

No Yes

Yes

Yes

Transfer of velocities

Subtraction of
induced velocities

Rotation of
blades

First iteration
in time step

Inviscid flow solution

Transfer of forces

Coupling
scheme

One iteration of
viscous flow solver

Convergence

Explicit

Implicit

Figure 3: Flowchart of the employed coupling algorithm.

viscous solver. For each time-step, a sequence of outer
iterations is performed in line with the description for the
explicit mode. An updated time-accurate viscous velocity
distribution is transferred to the BEM in every outer iteration
of FreSCo+. The effective and induced wake velocities
employed by panMARE are, therefore, also determined in a
time-accurate manner. The solution advances in time after a
converged solution is achieved in both solvers.

The third mode refers to a semiexplicit technique, where
the global coupling procedure follows the explicit mode, but
the propeller induced velocities are iterated to convergence
in each coupling cycle. Using the inviscid solution of the
previous time-step as an initial guess for the induced
velocities, the latter are updated for a sequence of new
inviscid solutions. The respective effective wake field is thus
composed from the former viscous wake field and the present
induced velocities.

5. Verification

This section is devoted to a comparison between the
implicit, explicit, and semi-implicit coupling approach as
described in Section 4. Emphasis is given to the attainable
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Figure 4: Geometry of investigated propeller.

Table 1: Deviation of kt to value of finest grid for the BEM grid
study.

J 8× 18 16× 36 24× 54 32× 72 40× 90

0.5 +4.7% +2.0% +0.8% +0.2% 0.351

0.7 +2.2% +0.8% +0.0% +0.0% 0.290

0.9 −1.5% −0.8% −0.6% −0.2% 0.220

computational efficiency by means of the time-step size
and the upstream position of the velocity transfer plane.
The results are primarily analyzed in terms of the induced
velocities computed for an exemplary one-blade propeller.
Comparison is made between the induced velocities derived
from the velocity field in the RANS-domain and the induced
velocities computed by panMARE. Both are obtained from
one coupled simulation for a deeply submerged propeller.
For this case, two grid studies are conducted beforehand,
where the first refers to open water calculations using only
the BEM and the second to different RANS-grids in a coupled
open-water simulation. Finally, results for the corresponding
four-blade propeller and a comparison between a coupled
and a viscous simulation with a geometrically modelled
propeller are presented. The investigated propeller and the
applied coordinate system can be found in Figure 4. More
details about the test case can be found in Section 6.1.

5.1. Grid Study

5.1.1. BEM Grid. Inside the BEM, the blade geometry is
discretised with n ×m panels, where n refers to the number
of panels in radial direction and m to the number in
circumferential direction of the blade section. The hub
geometry is not modeled. Five different grids are used, and
the deviation of the calculated kt value to the value for the
finest grid is shown in Table 1.

With increasing number of panels in the radial direction,
the shape of the trailing wake surfaces especially the blades
tip vortex shape can be determined more accurately. The grid
with 16× 36 panels is chosen for further investigations.

Table 2: Deviation of blade thrust to value of finest grid for the
RANS grid study (J = 0.5).

grid 27 k 65 k 152 k 300 k 662 k

Thrust (N) 71.94 71.92 72.48 72.56 72.55

Deviation (%) −0.9 −0.9 −0.1 0.0 —

5.1.2. RANSE Grid. With the above-selected BEM-grid a
grid study for the RANS mesh in a coupled simulation is
conducted. The box-shaped grid used for the open-water
coupling process does not inherit any geometry. Different
refinement areas are generated inside the domain, and the
grid consists of unstructured hexahedral volume cells. One
refinement box encloses the propeller area and two others
the propeller wake area. The plane, where the velocity field is
passed to the BEM, is also within the refinement boxes. Due
to the discretisation, the propeller forces are distributed on a
different number of grid cells resulting in dissimilar propeller
force distribution and thus also dissimilar propeller inflow.
Therefor, the calculated thrust and torque values differ
between the grids. The grids generated and the predicted kt
values for the advance ratio J = 0.5 are given in Table 2.

The value range for the computed thrust is only about
1% between the coarsest and the finest grid. This result is
encouraging because a coarse grid is sufficient to capture the
relevant effects related to transferring the velocities to the
BEM and distributing the forces in the RANS grid. Of course,
when the focus lies on determining the transient forces on
any kind of structure (e.g., a ship or a thruster) the grid
density will have to be investigated further.

For the following calculations, the 300 k cells grid is
chosen because the computed thrust values match perfectly
with the finest grid, and the calculation time is still short.

5.2. Investigation of Induced Velocities. The subsequent anal-
ysis is based on the induced velocities at a fixed evaluation
radius r = 0.7R. The propeller mostly operates at an
advance ratio of J = 0.5. When the blade is at the topmost
position, the values of the induced velocities are depicted
for all angular positions θ between 0◦ and 360◦. At the
evaluation radius, the leading edge of the blade is located at
approximately 340◦ and the trailing edge at approximately
20◦ as indicated by vertical lines in Figure 5. The induced
velocities are evaluated in a plane at a distance dx = 0.5R
in front of the propeller. The employed time-step refers to
an angular rotation of 3.78◦. Results are displayed by means
of axial, radial, and tangential velocity components. The
values of the induced velocities are nondimensionalised by
the inflow velocity.

According to the coordinate system, negative axial-
induced velocities denote for an acceleration of the flow.
In Figure 5, the axial velocity values computed by the BEM
show a steep increase until they reach a maximum in
the region directly affected by the blade’s trailing edge at
approximately 30◦. After this position, the induced axial
velocity decreases gradually until reaching a minimum near
the position of the leading edge. The induced radial velocity
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Figure 5: Normalised induced velocities in cylindrical coordinates
for a single-blade propeller (explicit coupling: r/R = 0.7, J = 0.5,
dt · n = 3.78◦, and dx = 0.5R).

is directed inwards and shows a small variation over the
circumferential direction. The pronounced maximum of the
tangentially induced velocities is directed in the direction
of rotation and is found at approximately one-third of
the chord length. For the following analysis, only the axial
component of the induced velocity vector is used.

When comparing the different coupling algorithms in
Figures 6 and 7, only the results for the upper half of
the angular positions are displayed for the sake of more
clearance. It is obvious that the results of the different cou-
pling modes are quite similar. Dissimilarities can be found
with respect to the steep increase of induced axial velocities
between the leading and the trailing edge. The implicit
algorithm shows a slightly earlier and more accentuated
increase of the velocities. This can also be found for the semi-
implicit algorithm but less distinctly visible. The finding
is in line with the small inherent time lag of nonimplicit
couplings. Both baseline methods display a good agreement
of the predicted maxima, while more pronounced minima
are predicted by the inviscid BEM. Apart from this, the values
do not differ significantly between the coupling approaches.
For this quite simple case, the explicit approach seems to
be sufficient to capture the relevant effects. Henceforth, this
variant of the coupling algorithm is used for the following
analysis and the simulations in Section 6, where due to the
pulling pod arrangement no significant ship wakefield can
be observed.

In Figure 8, a comparison between the normalised
induced velocities in the axial direction for three different
time-step sizes is given. The medium time-step was also
applied in the previous investigations. Again attention is
restricted to the upper half of the angular positions. It can
be observed that the steepness of the increase in front of the
maximum value is enhanced with decreasing time-step size.
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Figure 6: Comparison of the normalised induced axial velocities
obtained from the explicit and the implicit coupling approach
(r/R = 0.7, J = 0.5, dt · n = 3.78◦, and dx = 0.5R).
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Figure 7: Comparison of the normalised induced axial velocities
obtained from the explicit and the semi-implicit coupling approach
(r/R = 0.7, J = 0.5, dt · n = 3.78◦, and dx = 0.5R).

Because the overall agreement is fair, the medium time-step
is chosen for further investigations.

When analysing the induced velocities for different
upstream distances between the blade and the transfer plane
of the velocity field, a clear dependency becomes obvious.
The upstream influence of the propeller is locally limited
and the transfer plane should be as close to the propeller as
possible (Figure 9). For the larger distances the correlation
between the solvers is still sufficient, but the total value of
induced axial velocity decreases significantly and reduces
to about one-third when evaluating at a distance of dx =
1R. This implies that the induced velocities should be
determined as close to the propeller position as possible.
However, when the distance is reduced to dx ≤ 0.5R,
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Figure 8: Comparison of the normalised induced axial velocities
for different time-step sizes (explicit coupling: r/R = 0.7, J = 0.5,
and dx = 0.5R).
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Figure 9: Comparison of the normalised induced axial velocities for
different axial distances between the velocity transfer plane and the
propeller (explicit coupling: r/R = 0.7, J = 0.5, and dt · n = 3.78◦).

the plane collides with the leading edge of the blade inside
the BEM. The smallest distance shown in Figure 9 is thus
employed for the other investigations presented here. The
induced velocities computed by the BEM are slightly smaller
than the ones computed by RANS, which results in an
overpredicted inflow velocity to the propeller. This also
accounts for the induced velocities at radii other than r/R =
0.7 and depends on the local distance to the blade and the
hydrodynamic angle of attack of the profile section (see
Figures 9 and 10).
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Figure 10: Comparison of the normalised induced axial velocities
for different propeller advance ratios explicit coupling: (r/R = 0.7,
dt · n = 3.78◦, and dx = 0.5R).

An investigation of the induced velocities for different
propeller loadings can be found in Figure 10. The charac-
teristics of the curves are similar, but the absolute difference
between the viscous and inviscid computed induced veloc-
ities is larger for lower advance ratios. Under consideration
of the difficulties in simulating highly loaded propellers with
inviscid methods, this result still seems to be sufficient for the
purpose of the coupling algorithm.

Figure 11 shows the three components of the induced
velocities for a four-blade propeller at J = 0.5. Also the
correlation between the solvers for the radial and tangential
components is very good and illustrates that the propeller
faces equivalent working conditions in the involved baseline
methods. Finally, the induced velocities computed during
a coupled simulation and a RANS simulation with geo-
metrically modelled propeller are compared for J = 0.5
in Figure 12. Therein, the values predicted by the coupling
approach are derived from the viscous computed velocity
field. Although the grid size differs significantly between the
simulations, the characteristics of the curves are quite similar,
but the peak values of the RANS simulation cannot be fully
captured by the coupled simulation.

6. Validation and Application

6.1. Propeller in Open-Water Condition. The first application
example refers to open-water calculations of a propeller,
where model-scale experiments are performed by MARIN-
TEK under the aegis of PROPSEAS (Kozlowska et al. [18]).
The investigated propeller has a diameter of D = 0.2 m and
operates with n = 18 rps. Different advance coefficients are
achieved by a variation of the inflow velocity. The numerical
grid of the propeller used in the BEM consists of 576
panels per blade (cf. Figure 13(a)). Figure 13(b) displays the
propeller regime of the viscous grid. About 2.500 of 15.000
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Figure 11: Comparison of normalised induced velocities for a four-
bladed propeller (explicit coupling: r/R = 0.7, J = 0.5, dt · n =
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Figure 12: Comparison between the normalised induced velocities
obtained from a coupled (explicit mode) and a RANS simulation
with a geometrically modeled propeller (r/R = 0.7, J = 0.5, dt ·n =
3.78◦, and dx = 0.5R).

control volumes in the propeller disc are subjected to body
forces. The Reynolds number based on the chord length at
r/R = 0.7, and the resulting velocity at the propeller blade
reads Re = 0.5 · 106. The flow is considered fully turbulent,
and the standard k-ω turbulence model is applied.

The resulting open-water diagram of the test case can
be found in Figure 14. Results of the coupling procedure
are shown with dashed lines, while the results obtained
from the BEM-solver panMARE are shown with dotted lines.
Comparison is made to the measurements of MARINTEK
indicated by the solid curves and to RANS simulations
with a geometrically modelled propeller (marked with

closed circles). A fair agreement is seen for the predicted
thrust values, while larger deviations occur for the torque
values. A possible reason for this deterioration can be the
empirical determination of the surface-friction losses inside
panMARE, which have a larger influence on the torque than
on the thrust. Furthermore, small deviations between the
coupled results and panMARE can be obtained. This might
be influenced by different resolutions of the pressure peak at
the leading edge between the involved methods.

6.2. Investigation of a Self-Propelled Ship in Regular Waves.
As a second application of the coupling procedure a ship-
propeller configuration in model scale is investigated. The
ship is self-propelled and operates in calm water and in
regular head waves with a wave length of λ = Lpp and a wave

amplitude of ζ̂ = 0.0124 ·Lpp. When maneuvering in regular
waves, the vessel is free to move in the vertical plane (surge,
pitch, and heave). Aim of this test case is to investigate the
ships behavior in head waves with special attention to the
added resistance. The geometry of the vessel is depicted in
Figure 15. The picture illustrates the hull shape of the vessel
as well as the geometry of the pod housing and outlines the
main dimensions of the vessel.

The employed computational grid consists of 1.6 million
control volumes and is depicted in Figure 16.

About 80% of the cells are located around the ship and in
the free-surface region. The vessel refers to an offshore supply
vessel equipped with two pods in pulling configuration. A
symmetry condition is applied at the center plane and the
propeller is not geometrically resolved in the viscous domain.
This simplifies the grid generation inside the RANS method
significantly because a relatively coarse and cartesian grid can
be used in the propeller plane as displayed in Figure 17. The
panel grid employed in the inviscid method to model the
propeller, which is the same as in Section 6.1, has 576 panels
per blade.

The propeller operates at a constant number of revo-
lutions of n = 9 rps. In order to be able to simulate many
wave periods, a relatively large timestep corresponding to
an angular rotation of 22.5◦ of the propeller is chosen. The
speed of the vessel is initialized with an estimated forward
speed of Fn = 0.22 in both cases. The evolution in time of
the ship speed is depicted in Figure 18. Therein, the solid
line displays the results of the calm water case, while the
dashed line illustrates the time series of the forward velocity
in waves. In calm water, a steady velocity corresponding to
Fn = 0.214 is reached at the end of the simulation. The
predicted target speed of the vessel in waves is considerably
smaller. In this case, the added resistance leads to a velocity
reduction of almost 12.5% compared to the calm water case.
Furthermore, larger fluctuations in the target velocity are
observed. Thus, this result illustrates how even moderate
wave heights can lead to a significant reduction of forward
speed.

The corresponding resistance values for both cases are
plotted in Figure 19 for a time interval of 10 wave periods.

Again, the calm water results are illustrated with the solid
line, while the dashed line displays the ship resistance in
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(a) (b)

Figure 13: Numerical grid and resulting pressure distribution for the BEM simulation (a). FV grid in the propeller disc (b). Only cells at the
actual blade positions contain body forces (colored).
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Figure 14: Comparison of predicted and measured open-water
results for the investigated propeller.

Figure 15: Geometry of the investigated vessel and the aft body of
the ship including the pod housing.

waves. Large fluctuations are observed during the simulation
in head waves. In total, the increase in the time averaged
resistance value can be estimated to 23% compared to the
calm water resistance.

Figure 16: Computational grid of the investigated vessel.

Figure 17: Details of the computational grid in the aft ship region
with the local refinements in the propeller plane.

This additional resistance in head waves is mainly
influenced by the pitch motion of the vessel. The time history
of the pitch angle for a corresponding time frame of the
simulation is depicted in Figure 20. Mind that the vessel
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Figure 19: Time history of the computed resistance coefficient
(RT/(ρn2D4)).

trims down by the stern in calm water, which results in a
negative averaged pitch angle in head waves.

In addition to the previous results, Figure 21 displays
the time history of the computed thrust values. Due to the
smaller forward velocity in waves, the propeller operates at a
decreased advance coefficient, which leads to larger values of
the thrust coefficient.

In Figure 22, the computed free surface elevation is
shown for the time instant, when the wave crest is at the
midship section. At that time the propulsor is effected by
a trough and orbital velocities in the axial direction are
pointing forward. The mean value of the axial velocities in
the RANS solver for a slice of the wakefield between r/R = 0.5
and r/R = 0.7 is 8.5% smaller than for the calm water case.
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Figure 20: Pitch angle (θλ/ζ̂) of the vessel during the last 10 wave
periods. The solid line displays the dynamic trim of the vessel in
calm water, while the dashed line depicts the pitch motions due to
head waves.
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Figure 21: Comparison of the computed thrust coefficient
(T/(ρn2D4)) during the last part of the simulation.

When the ships midsection lies in the area of a trough and
the propeller therefor beneath a crest, the axial velocities are
doubled. These large values are induced by the actual pitch
motion of the ship. When looking at inner or outer radii,
the differences are smaller as they are superposed either by
the ships boundary layer or by the stagnation pressure of the
hub.

In the Figures 23 and 24, a longitudinal and a transverse
slice of the velocity field in the propeller region for the
same time instant of the simulation is given. Also the grid
with its refinement regions can be seen. The imprints of
the four single blades are visible and also the imprints from
the last timestep which are less accentuated. Due to the
above-mentioned time-step size of 22.5◦, they are in between
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Figure 22: Isolines for free surface elevation of the ship in head
waves.

Figure 23: Normalised velocities in a transverse cut aft of the
propeller region.

the actual imprints. Although the grid is coarse a distinct
representation of the single blades is feasible. In Figure 24 the
position of the propeller in front of the pod housing and the
slip stream of the propeller is clearly visible.

The simulation included the ship model encountering 80
wave periods accounting for a real time of approximately 70
seconds. The simulation time was about two weeks on two
eight-core computers.

Although no validation data exists for this case, the
presented results demonstrate the capabilities of the coupling
procedure for the investigation of ship-propeller interaction.

7. Conclusions

The paper reports the development of a close-coupling
algorithm between an inviscid boundary element method
dedicated to propeller flows and a RANS method. The
procedure uses the propeller forces computed by the inviscid
method to mimic the propeller inside the viscous-flow solver,
while the inflow condition for the propeller code is provided
by the RANS method.

A critical aspect in terms of the accuracy of the pro-
cedure is the determination of the induced velocity field.
Here, the presented verification study reveals a sufficient
accuracy, which assures equivalent working conditions for
the propeller in both solvers. Encouraging results are
obtained for the two application examples. Furthermore,

Figure 24: Normalised velocities in a longitudinal cut through the
pod housing.

the computational effort is reduced significantly compared
to simulations with a geometrically resolved propeller. The
grid generation for the RANS solver is simplified as coarse
and simple hexahedral grids can be used in the propeller
plane. Moreover, the coupling algorithm is robust and shows
a favorable convergence behavior.
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Propulsor crashback is an off-design operating condition where a propulsor rotates in the reverse direction to yield negative
thrust. Crashback is characterized by the interaction of the free stream with the reverse flow generated by propulsor rotation. This
causes a highly unsteady vortex ring which leads to flow separation and unsteady forces and moments on the blades. Large eddy
simulation (LES) is performed for marine propulsors in crashback for various configurations and advance ratios and validated
against experiments. The predictive capability of LES as a tool for propulsor crashback is demonstrated on an open propulsor,
open propulsor with a submarine hull, and ducted propulsor with and without stator blades. LES is in good agreement with
experiments for the mean and RMS levels, and spectra of the unsteady loads on the propulsors.

1. Introduction

The advent of supercomputers has enabled the routine use
of computational fluid dynamics for the development of
engineering devices. Various methodologies exist for the
numerical simulations of fluid flows, each with their inherent
approximations and models. Reynolds-Averaged Navier-
Stokes (RANS) is the most commonly used tool for engineer-
ing applications. RANS equations with a turbulence model
are based on time average or ensemble average, and they
model the Reynolds average of the turbulent fluctuations
(Reynolds stresses). In Direct numerical simulation (DNS),
all the scales of motion are resolved accurately in space and
time, and no model is used. However, the computational cost
associated with DNS has limited its use to study turbulent
flows in simple geometries [1]. Large eddy simulation (LES)
is an unsteady, three-dimensional simulation methodology
intermediate between RANS and DNS. There is increasing
interest in applying LES to complex turbulent flows because
of more reliability over RANS in massively separated flows
and relaxed computational requirements over DNS.

RANS typically uses upwind biased schemes which pro-
vide numerical dissipation and make the solution procedure
robust. Upwind schemes compromise on accuracy since the

numerical dissipation often overwhelms the effect of the
subgrid model. On the other hand, standard nondissipa-
tive central-difference schemes have numerical instabilities
related to aliasing errors. Mahesh et al. [2] developed a
nondissipative but robust finite volume method for LES
by satisfying discrete kinetic energy conservation. This
numerical method provides the capability to perform LES
of complex turbulent flows. LES is performed on marine
propulsors in the crashback mode of operation in this paper.

The “four-quadrant” performance test evaluates pro-
peller performance in the four operational quadrants of the
vessel velocity (U)-propulsor rotational speed (ω) plane as
shown in Figure 1(a). The design operating condition is
forward (U > 0, ω > 0) while the off-design conditions
are crashback (U > 0, ω < 0), backing (U < 0, ω <
0), and crashahead (U < 0, ω > 0). Crashback is the
operating condition where the vessel moves in the forward
direction while the propulsor rotates in the reverse direction
to decelerate the forward moving vessel.

Flow around a propulsor in crashback is characterized
by large scale unsteadiness and separation. Low frequency,
high amplitude off-axis forces and moments produced by
the unsteadiness are transmitted to the vessel, inhibiting the
ability to maneuver efficiently. The crashback condition is
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Figure 1: (a) Four-quadrant plot of propeller operating conditions, (b) schematic of flow in crashback condition.

dominated by the interaction of the free stream flow with the
strong reverse flow from reverse propulsor rotation as shown
in Figure 1(b). This interaction forms a highly unsteady
vortex ring around the propulsor. Crashback displays
unsteady massively separated flow over the propulsor blades.
LES is therefore a suitable simulation methodology for
crashback.

Traditionally, crashback has been studied experimentally.
Four-quadrant evaluations for a series of propellers were
conducted by Hecker and Remmers [6] using open water
(OW) experiments. Thrust and torque coefficients were
measured over a wide range of advance ratios. Jiang et al.
[7] studied the structure of the unsteady vortex ring using
particle image velocimetry (PIV) measurements for propeller
P4381 in water tunnel (WT). Jessup et al. [4] presented more
detailed measurements of flow around the same propeller
using PIV and laser Doppler velocimetry (LDV). Bridges et
al.’s experiment [5] documented the effect of hull on an open
propulsor. The effect of a duct was studied experimentally by
Jessup et al. [8] and Donnelly et al. [9].

Simulations of the flow around open propulsors have
been performed using unsteady Reynolds-Averaged Navier-
Stokes equations (RANS) [10, 11]. These studies showed
that RANS yielded good results for forward and backing
modes (attached flow regime) but produced significant
discrepancies in crashback and crashahead modes (separated
flow regime). Vyšsohld and Mahesh [12] performed LES
of flow around P4381 in crashback at an advance ratio of
J = −0.7. They showed that LES yields good agreement
for mean and RMS of unsteady loads as well as spectra.
Jang and Mahesh [13] investigated the effect of the duct in
crashback for the same propeller. Chang et al. [3] performed
LES at other advance ratios, J = −0.5 and J = −1.0, and
used the LES-generated surface forces to predict the struc-
tural response of the blades. That demonstrated the fluid-
structure interaction (FSI) capability of LES when coupled
with a finite-element structural solver. Jang and Mahesh
[14] introduced two quantities for pressure contributions
to forces to understand the origin of thrust and side force
and used conditional averaging to study extreme amplitude
events. Verma et al. [15] performed LES of the flow past a

propulsor in crashback attached to an upstream submarine
hull.

The objective of the present paper is to (1) summarize
the use of LES at the University of Minnesota to predict
unsteady loads on marine propulsors in crashback and (2)
demonstrate the utility of LES in isolating the physical effects
of the hull, duct, and stator. The paper is organized as
follows. Section 2 introduces the governing equations and
numerical method for crashback simulations. LES for open
propulsor is performed in Section 3.1. The effect of a hull
is investigated in Section 3.2. Simulations are performed for
a ducted propulsor without stator blades in Section 3.3 and
with stator blades in Section 3.4.

2. Governing Equations

Since all stationary parts are axisymmetric, the open propul-
sor in Section 3.1, the open propulsor with an axi-symmetric
hull in Section 3.2, and the ducted propulsor without stator
blades in Section 3.3 can be solved in a rotating frame of
reference. On the other hand, the ducted propulsor with
stator blades in Section 3.4 requires a moving grid technique,
called the sliding interface method.

2.1. Navier-Stokes Equations in a Rotating Reference Frame.
The simulations are performed in a noninertial frame of
reference that rotates with the propulsor. The incompressible
Navier-Stokes equations in the rotating frame of reference are
written in terms of the absolute velocity. In LES, large scales
are directly solved from the spatially filtered N-S equations,
while small scales are accounted for by modeling the subgrid
stress. The filtered N-S equations in the rotating frame of
reference are as follows:

∂ui
∂t

+
∂

∂xj

(
uiuj − uiε jklωkxl

)

= − ∂p
∂xi

− εi jkωjuk + ν
∂2ui
∂xj∂xj

− ∂τi j
∂xj

,

∂ui
∂xi

= 0,

(1)
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where ui is the absolute velocity in the fixed frame, p is the
pressure, xi are coordinates in the rotating frame, ωj is the
angular velocity of the rotating frame, ν is the kinematic
viscosity, εi jk is the permutation symbol, the overbar denotes
the spatial filter, and τi j = uiuj − uiuj is the subgrid stress.
Note that (1) has two additional terms which account for
the system rotation (ε jklωkxl and εi jkωjuk). The dynamic
Smagorinsky model proposed by Germano et al. [16] and
modified by Lilly [17] is used to model the subgrid stress in
the paper.

Equation (1) is solved using a numerical method devel-
oped by Mahesh et al. [2] for incompressible flows on
unstructured grids. The algorithm is derived to be robust
without numerical dissipation. It is a finite-volume approach
which stores the Cartesian velocities and the pressure at the
centroids of the cells, and the face normal velocities are stored
independently at the centroids of the faces. A predictor-
corrector approach is used. The predicted velocities at the
control volume centroids are first obtained and then interpo-
lated to obtain the face normal velocities. The predicted face
normal velocity is projected so that the continuity equation
is discretely satisfied. This yields a Poisson equation for pres-
sure which is solved iteratively using a algebraic multigrid
method. The pressure field is used to update the Cartesian
velocities using a least-squared approach for minimizing the
conservation error. Implicit time advancement is performed
using the Crank-Nicholson scheme. The algorithm has been
validated for a variety of problems over a range of Reynolds
numbers [2].

2.2. ALE Formulation for a Sliding Interface Method. The
sliding interface method is used to handle relatively rotating
grid systems. Relatively rotating grids do not have to overlap
since the movement of the grid is a rigid rotation. The only
intersection is an interface between the grids, which is called
the sliding interface. Data exchange between the grids can be
performed only at the sliding interface so that no remeshing,
deformation, or hole cutting is required. The sliding interface
method has been developed on multiblock structured grids
[18, 19] and on unstructured grids [20, 21], and is popular to
handle relatively rotationg grid systems and on unstructured
grids.

The sliding interface method developed for this study is
capable of being applied on arbitrarily shaped unstructured
grids on massively parallel computing platforms. Figure 2
shows a schematic for the sliding interface method on an
unstructured grid. Sliding elements of a sub-domain are
created by extrusion to the adjacent sub-domain. However,
sliding elements of the subdomain and boundary cells of
the adjacent sub-domain do not match due to the relative
rotation between the sub-domains. As shown in Figure 2, a
sliding element (black dashed) is extruded from a boundary
control volume (black shaded) in the left sub-domain. Since
the grids of the two sub-domains do not align, the control
volume containing the sliding element is not known without
a search process. The control volume is named the host
element and shaded in blue.

Sliding interface

Given 
 c.v.

Sliding element

Host element

Figure 2: Schematic of the sliding interface method.

The governing equations for the sliding interface method
are expressed in the Arbitrary Eulerian-Lagrangian (ALE)
formulation [22] as follows:

∂ui
∂t

+
∂

∂xj

(
uiuj − uiVj

)
= − ∂p

∂xi
+ ν

∂2ui
∂xj∂xj

,

∂ui
∂xi

= 0,

(2)

where Vj is the grid velocity, which is given by Vj = ε jklωkxl
in this study due to the rigid rotation of the grid. Since there
is no mesh deformation, the geometric conservation law is
automatically satisfied so that no spurious mass sources or
sinks are created.

3. Results

Large eddy simulations are performed under the crashback
condition at negative advance ratios and Reynolds number
Re = 480, 000. The advance ratio J and Reynolds number Re
are defined as

J = U

nD
, Re = DU

ν
, (3)

where U is the free-stream velocity, D is the diameter of the
propeller disk, n = ω/2π, and ν is the kinematic viscosity.
The thrust T is defined as the axial component of the force,
and torque Q is the axial component of moment of the force.
FH and FV denote horizontal and vertical components of the
force whose vector sum yields side-force S. Nondimensional
thrust coefficient KT , torque coefficient KQ, and side force
coefficient KS are defined as

KT = T

ρn2D4
, KQ = Q

ρn2D5
, KS =

√
FH

2 + FV
2

ρn2D4
,

(4)

where a rotational velocity nD is used as the reference
velocity, and D2 is used as the reference area in this
normalization. Hereafter, 〈K〉 denotes mean value, and σ(K)
denotes standard deviation.
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3.1. Open Propulsor

3.1.1. Problem Description. The simulations are performed
for marine propeller P4381, which is five bladed, right
handed with variable pitch, and has no skew and no rake.
The propeller has been used in various experiments [4, 7, 8]
and computations [3, 10–12, 14]. Details of the blade and
hub geometry are given in Jessup et al. [4]. The present
simulation is compared to Jessup et al.’s [4] water tunnel
(WT) experiment. Statistics of unsteady loads are also
compared to open water (OW) experiments conducted at
David Taylor Model Basin.

The computational domain is a cylinder with the diame-
ter of 7.0D and the length of 14.0D where D is the diameter
of the propeller disk. The computational domain is based on
the WT geometry. Free-stream velocity boundary conditions
are specified at the inlet and the lateral boundaries. Con-
vective boundary conditions are prescribed at the exit. Since
velocities in the governing equations are prescribed in the
fixed frame of reference, boundary conditions on solid walls
are also prescribed in the fixed frame. A schematic of the
computational domain and boundary conditions is shown
in Figure 3(a).

The computational grid is shown in Figure 3(b). The
whole grid system is composed of two components: a
cylindrical subdomain including blades and hub surface,
and the outer region of the sub-domain. The cylindrical
sub-domain is filled with tetrahedral elements to match the
complex geometry of the propeller, and the outer region
consists of hexahedral elements. Prism layers are extruded
from the blade surface in order to improve resolution
near the wall at the first height of 0.0017D. Recall that
propulsor crashback is inherently a massively separated
flow regime. Hence, resolution of the near-wall flow is not
as strict a requirement as it is for attached flows (such
as forward/backward condition). The computational grid
consists of 19.3 million control volumes.

3.1.2. Time History of Unsteady Loads. A time history of KT
in Figure 4(a) shows large fluctuations and low frequency
oscillations in the blade loading. Table 1 compares statistics
of the unsteady loads to experimental results at three advance
ratios (J = −0.5, J = −0.7, and J = −1.0). Good
agreement is observed, and the computed mean values of
KT and KQ are between results from WT and OW exper-
iments. The agreement with experimental data is within
the scatter observed between the experiments. Similarly,
standard deviations and side-force magnitude show good
agreement with the WT experiment. The power spectral
density also shows similar agreement. Overall, power spectral
density in Figure 4(b) shows good agreement except for the
high-frequency region ( f > 10 rev−1) where experimental
uncertainty is large. According to Jessup (private communi-
cation), the differences at high-frequency region could occur
due to blade bending and vibrations, or other shaft-related
resonances affecting the measured data. The most noticeable
peak is found at f = 5 rev−1, the blade passage frequency.
Figure 4(c) shows the presence of a highly unsteady vortex

Table 1: Statistics of unsteady loads for open propulsor at three
advance ratios.

〈KT〉 σ (KT) 〈KQ〉 σ (KQ) 〈KS〉

J = −0.5
LES −0.30 0.051 −0.061 0.0099 0.025

WT [3] −0.27 0.056 −0.057 0.011 0.031

OW −0.33 — −0.070 — —

J = −0.7
LES −0.38 0.055 −0.074 0.010 0.027

WT [4] −0.33 0.060 −0.065 0.011 0.030

OW −0.41 — −0.078 — —

J = −1.0
LES −0.61 0.053 −0.012 0.010 0.054

WT [3] −0.53 0.059 −0.097 0.010 0.042

OW −0.65 — −0.012 — —

ring with an isosurface of constant low pressure in the LES
results.

3.1.3. Flow Field. The computed results are averaged in
time over a period of 135.7 revolutions. Since time-averaged
flow field in the WT experiment was measured in the
x − r plane of the fixed frame, prior to comparison the
time-averaged field from the LES is further averaged over
the circumferential direction. Profiles from circumferentially
averaged axial velocity are extracted from five x-locations and
compared to experimental data in Figure 5. The profiles show
good agreement at all locations.

In order to describe the distribution of thrust and side
force on the blade surface, a blade surface is divided into
ten constant-radius sections on both pressure and suctions
sides, mean thrust and side force are computed in each radial
section and compared in Figure 6. 〈KT〉 on the suction side
linearly increases as the radius increases except for the blade
tip. This exception is due to the smaller area in the section
at the blade tip. The suction side generates more 〈KT〉 and
〈KS〉 than the pressure side. 〈KS〉 on the suction side does
not show radial dependency, unlike thrust.

Circumferentially averaged streamlines at three advance
ratios are compared in Figure 7. Note that the vortex ring
core is located right above the blade top at J = −0.5. This
behavior may be explained by stronger reverse flow induced
by the faster propeller rotation at J = −0.5 overcoming
the free stream momentum so that the vortex ring moves
closer to the propeller. On the other hand, the reverse flow
at J = −1.0 is weaker due to the slower rotation. The vortex
ring moves downstream at high negative J .

3.2. Open Propulsor with Hull

3.2.1. Problem Description. The objective of this section is
to evaluate the ability of LES to predict the interaction
of an upstream hull with the propulsor during crashback.
Bridges et al.’s experiment [5] on an open propulsor with an
upstream submarine hull in the Large Cavitation Channel
(LCC) noted that the side force increased dramatically
below an advance ratio of J = −0.7 compared to Jessup’s
experiment [8] without the hull in the WT. A standard
axisymmetric hull (DTMB Model 5495–3) is used for the hull
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geometry. Details of the hull geometry are given in [5]. In the
simulations, half of the hull body is used and stabilizing fins
are ignored. The size of the computational domain is exactly
the same as the open propulsor and boundary conditions are
similarly specified. The computational grid is created using a
similar strategy as in Section 3.1.1. The unstructured grids
for both the cases (with and without hull) are shown in
Figure 8.

3.2.2. Time History of Unsteady Loads. Simulations are
performed for the propulsor with and without hull at
J = −1.0 and J = −0.5. J = −1.0 is lower than the
critical advance ratio of J = −0.7, and J = −0.5 is
higher than the critical advance ratio. Table 2 shows that
computed side-force magnitude are in good agreement with
the experimental results for propulsor with and without hull
at both advance ratios. The side-force magnitude at J = −0.5
is slightly lower than experiment with hull, but importantly
the LES predicts the experimentally observed increase in side
force with hull at J = −1.0. On the other hand, the hull
does not significantly change the side-force magnitude at
J = −0.5.

The power spectral density is shown for horizontal force
KH with and without hull in Figure 9 at J = −1.0. The
most important peak is at f = 5 rev−1 which has also been
observed in [3, 12, 14]. This corresponds to the passage of
the blades of the five-bladed propulsor. A low frequency,
high amplitude modulation of the side-force has important
ramifications for the maneuverability of the vehicle. For
the KH spectra, there is a peak at a lower frequency of
f = 0.12 rev−1 with the hull which agrees very well with
that observed by Bridges et al. [5] at f = 0.11 rev−1. The
comparison with experiments is summarized in Table 3.

3.2.3. Flow Field. Time-averaged statistics of the flow field
are computed over 170 propulsor rotations for the propulsor
with hull and 172 rotations without hull at J = −1.0.
Circumferentially averaged streamlines in Figure 10 reveal a
recirculation zone upstream of the blades in the presence of
the hull. No such recirculation zone appears near the shaft

Table 2: Statistics of unsteady loads for open propulsor w/ and w/o
hull.

〈KS〉 (J = −1.0) 〈KS〉 (J = −0.5)

Hull
LES 0.128 0.023

Experiment [5] 0.105–0.126 0.040–0.043

Without
hull

LES 0.063 0.020

Experiment [3] 0.036–0.052 0.025–0.033

Table 3: Computed and experimental values of peak frequencies of
KH w/ and w/o hull at J = −1.0.

frot rev−1 flow rev−1

Hull
LES 5 0.12

Experiment [5] 5 0.11

Without hull
LES 5 —

Experiment [3] 5 —

Table 4: Distance of the center of the vortex ring relative to the
propulsor center with hull at J = −1.0.

Hull dcen/R

LES 1.04

Experiment [5] 1.10

without hull. In the presence of the hull, the vortex ring
appears to be more compact and its center is closer to the
blades compared to the more elongated and stretched out
vortex ring without the hull. Note that the vortex ring is
much closer to the tip of the blade when the hull is present.
Table 4 shows good agreement for the distance of the center
of the vortex ring relative to the propulsor center between
LES and experiment [5].

In order to compare side-force distributions with and
without hull, side-force magnitudes are computed in ten
radial sections in Figure 11. Note that higher side force
magnitude is observed with hull than without hull. For both
cases, the suction side generates more side-force than the
pressure side. Most of the side force is generated from the
blade root area in both cases.

3.3. Ducted Propulsor without Stator Blades

3.3.1. Problem Description. To investigate the effect of a
duct on crashback performance, a neutrally loaded duct was
added to fit around propeller 4381 in Jessup et al. [8]. The
duct was designed to not yield additional propulsor loading
at the design advance ratio of J = 0.899. The designed
ducted propulsor also had 13 stator blades upstream of rotor
blades. Simulations are performed at the same Reynolds
number Re = 480, 000 and the same advance ratio J =
−0.7 as in the open propulsor of Section 3.1. The flow
around the open propulsor has been solved in a rotating
frame of reference. However, the ducted propulsor with
stator blades cannot be solved in the rotating frame since
the stator blades are not axisymmetric. In this section, stator
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blades are ignored as shown in Figure 12(a) to simulate the
ducted propulsor in the rotating reference frame and to
isolate the effect of the duct and the stator blades. The stator
blades are considered using the sliding interface method in
Section 3.4.

The size of the computational domain is exactly the
same as the open propulsor and boundary conditions are
similarly specified. The computational grid is created using
a similar strategy as in Section 3.1.1. The computational grid
in the propeller neighborhood is shown in Figure 12(b). The
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Figure 8: Computational grid with hull.
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total number of the computational c.v.’s is approximately 19
million.

3.3.2. Time History of Unsteady Loads. Statistics of KT , KQ,
and KS are computed and compared with experimental
results of Jessup et al. [8] and Donnelly et al. [9]. Since duct
forces were not measured in Jessup et al.’s [8] experiment,
statistical values on the blade surface are compared with
the experimental data. Donnelly et al. [9] measured side-
force magnitude on the duct surface. Table 5 compares
computed means and standard deviations of unsteady loads
to the experimental results. The computed results show good
agreement with the experimental results. Recall that 〈KT〉
and 〈KQ〉 from the LES are located between the WT and
the OW results in the open propulsor case. Even though
the computational 〈KT〉 and 〈KQ〉 are larger than the WT
experiment, the geometric assumptions are likely a source of
error, nevertheless, the LES results are expected to be close

Table 5: Statistics of unsteady loads for the ducted propulsor at J =
−0.7.

〈KT〉 σ (KT) 〈KQ〉 σ (KT) 〈KS〉
LES (on blade) −0.45 0.052 −0.087 0.010 0.027

WT (on blade) [8] −0.38 — −0.078 — 0.024

LES (on duct) −0.058 0.012 0.0013 1.6× 10−4 0.086

WT (on duct) [9] — — — — 0.098

to the experimental results. Also, 〈KS〉 on the blade and
duct surfaces are quite close to the WT data. The effect of
the duct for the thrust is relatively small and that for the
torque is negligible. However, the side force shows totally
different behavior. 〈KS〉 on the duct is about 4 times larger
than 〈KS〉 on the blade. This indicates that the duct surface is
the primary contributor to side force.

3.3.3. Flow Field. The computed results are averaged in
time over a period of 93.8 revolutions. Figure 13 compares
the circumferentially averaged flow field for the ducted
propulsor (left figure) with that for the open propulsor (right
figure). The vortex ring core is located outside the duct in
Figure 13(a). The pressure difference between pressure and
suction sides are much higher for the ducted propulsor. A
high pressure region is located near the tip gap of the duct,
which can cause tip leakage flow.

To investigate where the majority of the side force is
generated on the duct, contours of RMS pressure are plotted
on the duct surface in Figure 14. The duct surface is divided
into inner surface and outer surface and unfolded on the x−θ
plane. The slanted lines in Figure 14(a) represent locations
of the blade tips. Note that the levels of RMS pressure on
the inner surface are much higher than those on the outer
surface, especially in the vicinity of blade tips. This behavior
indicates that the side force on duct mostly originates from
blade-duct interaction.

3.4. Ducted Propulsor with Stator Blades

3.4.1. Problem Description. In the previous section, the stator
blades were ignored when computing the ducted propulsor
in the rotating frame of reference. Even though the stator
blades are designed to contribute no additional loading at
the design advance ratio, their performance in crashback
is unknown. Thus, the stator blades are considered with
the sliding interface method introduced in Section 2.2. The
computed rotor-stator problem with a relatively rotating grid
system is shown in Figure 15(a).

The size of the computational domain is exactly the
same as the open and ducted propulsors. Since veloci-
ties in the governing equations are specified in the fixed
frame of reference similar to the rotating reference frame
method, boundary conditions are similarly specified. The
computational grid is created using a similar strategy as
in Section 3.1.1, but hexahedral elements are used near
the sliding interface to obtain better accuracy from the
interpolation at the nonmatching boundary. Figure 15(b)
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shows the computational grid for the ducted propulsor with
the stator blades. In the figure, the red-colored line represents
the sliding interface. The total number of the computational
c.v.’s is approximately 27 million.

3.4.2. Preliminary Results. A preliminary simulation with
the sliding interface method is performed for the ducted
propulsor with stator blades. The simulation is performed
at the same Reynolds number and advance ratio of J =
−0.7. It is performed for 34.7 revs, and statistics of the
unsteady loads are computed over 18.9 revs. Time history
of of KT is shown in Figure 16. Table 6 compares computed
means and standard deviations of unsteady loads with the

experimental results. The computed results show reasonable
agreement with the experimental results. Since the stator
blades are attached on the duct surface, the duct force
can be considered as the sum of loads on duct and stator
blades. 〈KS〉 computed on the duct and stator surfaces are
in favorable agreement. The effect of the duct on thrust
is relatively small, and that on the torque is significantly
large. Also, the duct still is the major contributor to side
force.

Instantaneous flow fields are shown in Figure 17. The
highly unsteady flow interaction is observed, and pressure
contours are smoothly connected at the sliding interface
in Figure 17(a). The pressure distribution is plotted in
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Figure 17(b). High-pressure regions are observed at the lead-
ing edge of the stator blades near the inner surface of the
duct.

4. Summary

The predictive capability of LES as a tool for highly complex
flow over marine propulsors is demonstrated. LES has been
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Figure 17: Instantaneous flow fields over ducted propulsor with
stator blades at J = −0.7: (a) pressure in x − z plane, (b) pressure
on propulsor surface.

Table 6: Statistics of unsteady loads for ducted propulsor with
stator blades at J = −0.7.

〈KT〉 σ (KT) 〈KQ〉 σ (KT) 〈KS〉
LES (on blade) −0.40 0.046 −0.078 0.0089 0.023

WT (on blade) [8] −0.38 — −0.078 — 0.024

LES (on duct) −0.069 0.0077 3.7× 10−4 7.3× 10−5 0.071

LES (on stator) 0.0060 0.0024 0.050 0.0053 0.016

LES −0.063 0.0068 0.050 0.0053 0.087
(on duct + stator)

WT (on duct) [9] — — — — 0.098

performed at an off-design condition of marine propulsors,
called crashback, which is well known as one of the most
challenging propeller operations to analyze. The interaction
of the free stream with reverse flow due to reverse propulsor
rotation causes a highly unsteady vortex ring which leads to
flow separation and unsteady forces and moments on the
blades. LES has been performed for an open propulsor, open
propulsor on a hull, and ducted propulsor with and without
stator blades in crashback. The LES uses a discretely kinetic
energy conserving algorithm developed by Mahesh et al. [2]
for unstructured grids.
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For the open propulsor, the simulations are validated
against experiments performed by Jessup et al. [4], and the
results show good agreement with the experiments. LES is
able to reproduce the experimentally observed increase of
side force for an open propulsor with hull below an advance
ratio of J = −0.7. The mean, RMS, and spectra of unsteady
loads are in good agreement with the experiments of Jessup
et al. [4] and Bridges et al. [5]. For a ducted propulsor, most
of the thrust is still due to the blades, but the blade-duct
interaction causes side force to be generated from the duct
surface. A sliding interface method is developed to enable
simulations of rotor-stator propulsors on parallel computing
platforms. Preliminary results from the application of the
sliding interface method to a ducted propulsor with stator
blades show good agreement with experiment.
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One of the key issues at early design stage of a high-speed craft is the selection and the performance prediction of the propulsion
system because at this stage only few information about the vessel are available. The objective of this work is precisely to provide
the designer, in the case of waterjet propelled craft, with a simple and reliable calculation tool, able to predict the waterjet working
points in design and off-design conditions, allowing to investigate several propulsive options during the ship design process. In the
paper two original dimensionless numerical procedures, one referred to jet units for naval applications and the other more suitable
for planing boats, are presented. The first procedure is based on a generalized performance map for mixed flow pumps, derived
from the analysis of several waterjet pumps by applying similitude principles of the hydraulic machines. The second approach,
validated by some comparisons with current waterjet installations, is based on a complete physical approach, from which a set of
non-dimensional waterjet characteristics has been drawn by the authors. The presented application examples show the validity
and the degree of accuracy of the proposed methodologies for the performance evaluation of waterjet propulsion systems.

1. Introduction

The last technological advances in marine waterjets have put
them ahead of conventional propeller systems for many types
of high-speed marine applications, including naval vessels,
ferries, workboats, and pleasure craft. Modern waterjet
propulsion systems offer, for these applications, several
advantages, such as high efficiency, rapid acceleration, and an
excellent maneuverability, in addition to minimum possible
draft with no protruding underwater appendages. This latter
aspect allows operation in shallow waters and in water with
floating debris that may foul or damage a typical marine
propeller. This means also an increasing safety for persons
and animals swimming near the vessel.

In the marine jet propulsion, a water mass is drawn
into the waterjet unit through an intake screen at the base
of the intake, which is mostly mounted flush with the hull
bottom. The pumping unit, consisting of impeller and stator,
increases the pressure of the flow, which is then discharged
at high velocity at the nozzle. The reaction to this high
speed jet stream provides the net thrust force, which is fully

transmitted to the hull by the thrust bearing. The steering
nozzle directs the jet stream as commanded by the helm,
providing high turning forces to either port or starboard. An
independent reverse deflector, usually hydraulically actuated,
directs the jet stream back under the hull to provide powerful
astern thrust.

Although the waterjet plants are nowadays more and
more used for the propulsion of fast ships, there is not yet
a consolidated theory or methodology able to help the naval
architect or the marine engineer in an early design stage. On
the contrary, in the pertinent literature, it is possible to find
out specialized studies concerning different aspects of the
waterjet propulsion.

A brief analysis of the papers presented at several
international conferences [1–14] shows that the developed
researches follow, in general, two different approaches, as
noted in [15]:

(i) the detailed prediction of hydrodynamic behavior
and

(ii) the use of numerical modeling strategies for the inte-
gration of waterjets into propulsion system designs.
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The first approach has recently received a major boost from
the use of computational fluid dynamics (CFD) to optimize
specific components of the waterjet system, such as pump
impeller or inlet duct [1–6]. Moreover CFD calculations
are claimed a reliable tool in predicting both noncavitating
and cavitating conditions. However the main drawback of
the method is that it does not allow the system designer to
explore the full range of design options for different numbers
of waterjets of different sizes [15]. In other words, CFD
methods are useful to optimize propulsive solutions already
defined for specific applications.

On the other hand, the second approach is more useful
to carry out the propulsion system studies necessary in order
to assess the feasibility of different powering solutions and
especially to allow the power and propulsion system to be
matched to the ship operating profile. In this context, it
is worthy to mention the significant contributions of Van
Terwisga [7, 8], MacPherson [9], and Allison [10], directed
to develop parametric models able to take into account the
effect of waterjet-hull interaction on thrust and propulsive
efficiency. Obviously the reliability of these methods is con-
ditioned by the availability of design information. Another
limitation of the approach proposed by [9] is its poor ability
to predict the onset of pump cavitation.

In addition to those mentioned before, there are also
other methods developed to analyze the maneuvering capa-
bilities of the vessels. Virtual simulation of ship propelled
with waterjets became important for the optimization of
the dynamic characteristics of the propulsion and to set the
propulsion controller strategies [11–14]. Also this technique
requires the knowledge of design information concerning the
waterjet system.

Returning now to the aims and motivations of this work,
as stated before, there is not yet a consolidated methodology
able to help the naval architect or the marine engineer to
solve the practical problem of selecting the most appropriate
waterjet for a specific application. Very often indeed the ship
designer does not have other chance than to rely on the
experience of the waterjet manufacturers.

In general, for the selection of the proper waterjet unit in
combination with a certain hull, the waterjet manufacturers
usually provide a diagram showing the effective thrust, as
function of craft speed and engine brake power; the term
“effective thrust” means the jet thrust which can be directly
compared with the hull resistance of the ship (interesting
information about the correlation factor between jet thrust
and hull resistance can be found in [16]). Therefore, on the
same diagram, jet thrust and hull resistance are superim-
posed, and cavitation limit is also reported. On this basis the
naval architect is able to check if the available jet thrust is
adequate to meet the ship resistance demand and to avoid
the risk of cavitation.

The present study aims to satisfy the aforementioned
requirement to offer the designer a tool to evaluate, in a
preliminary way but with sufficient accuracy, the type of
waterjet to be used and its performance, without the help of
the manufacturers, usually available to give only very limited
information, because of obvious market reasons.

In order to reach this objective, two nondimensional
numerical approaches, one referred to jet units for naval
applications and the other more suitable for planing boats,
are presented and discussed in the following sections.

The developed procedures, prepared on the basis of an
extensive collection of information about the performance of
current waterjets, can represent, in authors’ opinion, a useful
tool for the ship designer in order to predict the waterjet
working points in design and off-design conditions and to
investigate several propulsive options during the ship design
process.

2. Waterjet Performance Maps

Waterjet cavitation information is traditionally provided in
accordance with two typical design strategies, followed by
the main jets manufactures and based on the possibility
for the naval architect to select the best impeller for a
certain jet model. For instance, in Figure 1, a jet performance
prediction, referred to a particular impeller, is shown in
terms of thrust (on the left of the figure) and rotational
speed (on the right); in this kind of representation, the
two cavitation lines show two cavitation levels, that is, the
lower limit, which is referred to the cavitation inception of
the pump, and the heavier cavitation limit. In fact, these
two lines subdivide the jet working area in three zones, as
illustrated in Figure 1 on the basis of the scheme adopted by
Kamewa-Roll Royce; the first zone (indicated as “unlimited”)
is free from cavitation, the second one is characterized by a
time working limit lower than 500 hours per year (that means
a presence of the cavitation phenomena in a moderate form),
and the third zone, with a time-working limit lower than
50 hours per year, then characterized by strong cavitation
phenomena.

On the contrary, in the jet performance prediction of
Figure 2, the several cavitation lines (dashed lines) are
referred to several impeller options, for which the corre-
sponding jet power absorption curves, according to a cubic
law with the impeller speed, are reported on the right of the
same figure. In fact, an impeller can be tuned to optimize
the rotational speed by trimming the trailing edge of each
blade, that is, modifying the blade pitch. This has the effect
of trading torque for rpm at similar power absorption. Then,
for the same jet model, several impeller types, having same
diameter but different blade pitch, can be used. Obviously,
a different value of the blade pitch (corresponding to a dif-
ferent impeller type) entails a different cavitation limit and a
different power/rpm curve, as it is, respectively, shown on the
left and on the right diagrams of Figure 2. In particular, each
impeller type is usually defined by a number representing the
power absorption in kilowatts (kW) at a precise rotational
speed, taken as a reference (according to “Hamilton Jet”
or “Ultrajet” nomenclature, the reference speed of the
impeller is 1000 rpm, so, for instance, impeller “Type 48”
means that the pump absorbs 48 kW at 1000 rpm).

In the case of larger marine waterjets, to be used for
ships applications, the jet manufacturer usually optimizes
the impeller geometry mainly from an hydrodynamic point
of view, without showing to the naval architect the several
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Figure 2: Typical jet curves (“Hamilton Jet” representation).

possible types of impeller to be mounted on the same jet
model. This design procedure means that once the impeller
pitch is selected, the rotational speed is also fixed at the
considered power; therefore, the gear ratio, due to the
particular adopted engine, is a fixed choice too. It has to
be noted that for a ship propulsion system, the gearbox
is traditionally designed individually, on the contrary, in
the case of smaller planing craft applications, the naval
architect can select the proper gear ratio among several
options, because of the large production of these smaller
gearboxes. This important difference between ship and boat
applications, regarding gear ratio selection, entails the two
different jet performance prediction representations, shown

in Figures 1 and 2. Summarizing, manufacturers of larger jet
models usually provide the final performance prediction, yet
referred to the best possible impeller, while manufacturers
of smaller waterjets usually give a performance prediction
showing several impeller options, to be adopted for the same
jet model.

3. Numerical Approaches to
Jet Powering Prediction

Although several design methods have been published over
the years, there is not yet a consolidated theory or methodol-
ogy able to help the naval architect or the marine engineer to
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select the proper existing waterjet for a defined application.
The common practice of ship designers is to refer to the
jet manufacturers for the selection of the waterjet size, with
the obvious advantage of the accuracy of results but usually
limited to a precise propulsion plant configuration and to a
defined design condition. A much better possibility could be
the availability of a reliable and simple calculation procedure,
able to foresee the waterjet working points in design and
off-design conditions, representing in this way a useful step
forward for the naval architect and the marine engineer.

In the following sections, two nondimensional numerical
approaches are illustrated, one referred to naval applications
and the other to planing boats, in order to offer to the
designer clear and simple general tools for the choice of the
best waterjet size and the evaluation of its performance.

3.1. “Generalized Map” Method. A waterjet propulsion sys-
tem is characterized mainly by the kind of impellers adopted.
Many types of pumps have been used, such as centrifugal,
mixed flow-mainly radial, mixed flow-mainly axial, and
purely axial flow pumps.

It is well known that for axial pumps the efficiency is
typically less than for mixed flow pumps [17–19]. For this
reason, mixed flow pumps are the most used in the waterjet
propulsion plants, while axial pumps are used mainly for
waterjet propulsion in very high-speed applications, due to
their lower size and weight. A typical mixed flow pump for
waterjet propulsion is shown in Figure 3.

The dynamic similarity theory [17–19] allows the pump
design on the basis of experiments on a scale model, char-
acterized by dimensions less than full size. The performance
of the full size pump can be drawn from that of the model
by means of suitable scale factors. This is true at design and,
with good approximation, off-design working conditions.

In a previous paper [20] the authors have superimposed
for comparison the performance maps of two different mixed
flow pumps of the FPI society [21], characterized by a
maximum impeller diameter of 16′′ and 42′′, respectively
(Figure 4). The superimposition is made possible, in spite
of the very different characteristics of the two pumps (head,
volumetric flow rate, rotational speed, etc.), by presenting the
maps in nondimensional form, that is dividing each variable
reported in the figure for the respective value referred to the
pump design condition. The two considered pumps have
the same numerical value of the specific speed (ns = 182
[rpm m3/4 s−1/2]), defined by

ns = n

√
Q

4
√
H3

. (1)

The comparison reported in Figure 4 shows an almost
perfect superimposition between the two considered perfor-
mance maps, in terms of both constant speed curves and
constant efficiency curves.

The conclusion that different turbomachines, having the
same geometrical configuration (mixed flow, axial flow, etc.)
and the same (or near) specific speed, are characterized by
the same (or near) performance maps, if reported in nondi-
mensional form, is confirmed also in [22], where substantial

Figure 3: Typical waterjet with mixed-flow pump.
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analogies are verified in the performance maps of various
pumps, used for waterjet propulsion, even if not designed in
strictly dynamic similarity.

A further confirmation follows from the comparison
reported in Figure 5, where nondimensional performance
maps of two axial flow pumps, both used for waterjet
propulsion, are superimposed [20].

Despite the two pumps of Figure 5 are presumably not
designed in dynamic similarity (ns of SJ 6-1 pump is 75.31
while ns of FT 12-1 pump is 63.42), the respective nondi-
mensional constant speed and constant efficiency curves are
characterized by similar pattern and consecutive disposition
(with the only exception of the .955 efficiency curve of the
FT 12-1 pump).

On the basis of the good agreement found in the previous
comparisons, the authors decided to generate a generalized
nondimensional performance map for single-stage pumps.

As pointed out, pumps of the mixed flow type are
adopted in the majority of the waterjet propulsion applica-
tions. Therefore, a significant example of this type of pumps
has been chosen as a starting base for the generation of
the generalized pump map. The selected pump, for which
a sufficient documentation in terms of characteristic curves
was available, is the mixed flow pump: C 1PPA 155. This
pump is designed specifically for waterjet propulsion by
TM.P. S.p.A. [23], and it is characterized by a specific speed
ns = 123.
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The performance map of the pump C 1PPA 15 is given
in Figure 6, showing, in nondimensional form, the available
constant speed curves in the head-flow rate plane. In the
same figure, the pump efficiency is reported for different
working condition at the design speed.

The generalized mixed-flow pump performance map,
reported in nondimensional form in Figure 7, has been
obtained starting from the performance data of the above
mentioned pump. In particular, the constant speed curve,
referred to the design condition (n/nd = 1 in Figure 7), is the
same curve reported in Figure 6. While the other off-design
constant speed curves, in Figure 7, are generated starting
from n/nd = 1 to n/nd = .832 constant speed curves of
Figure 6, by applying the similarity concepts discussed before
and considering the analogies observed, for the same curves,
in the pump maps of Figures 4 and 5.

Analogous considerations and procedures may be
applied also to the generation of the constant efficiency
curves in the map of Figure 7.

It should be noted that the reference specific speed of the
generalized pump performance map of Figure 7 (ns = 123) is
the same of the pump whose characteristic curves were used
as starting base for the map generation.

However, as demonstrated by the authors in [20], if the
dynamic similarity law is observed (mainly as regards the
specific speed equality or near equality), the concept of a
generalized nondimensional map, as shown in Figure 7 for
mixed-flow impellers, can be applied to a large number of
pumps of different size. Analogous considerations and pro-
cedures may be applied also to the generation of the constant
efficiency curves in the map of Figure 7.

By using the proposed generalized pump performance
map, it is possible to obtain in an easy way the pump char-
acteristic curves (in the head-flow rate plane) for the spe-
cific application. This information is required to calculate
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the waterjet thrust as function of ship speed and engine
power by means of the simple procedure described here-
inafter.

As known, the waterjet propulsion is based on the action-
reaction principle, a mass of sea water enters through the
inlet system, energy is added to the flow by the pump, and the
water is accelerated and ejected at high velocity through the
exit nozzle. The change in momentum of the water entering
and leaving the waterjet system produces the thrust for the
propulsion of the ship. Then the thrust Twj produced by the
waterjet system is expressed as follows:

Twj = ρQ
(
Vj −Va

)
. (2)
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The jet velocity Vj is related to the jet nozzle area Aj as
follows:

Vj = Q

Aj
(3)

while the approaching velocity Va can be calculated as

Va = V
[1 + (V/(a + 1))(δli/Q)]

, (4)

where further information about the coefficient a and the
thickness δ of the boundary layer can be found in [16, 24].

The pump power demand to the prime mover (usually a
high speed diesel engine) can be obtained from the pump
hydraulic power, taking into account the pump efficiency
ηp, the relative rotative efficiency ηr and the mechanical
efficiency ηm, as follows:

PB = ρg
QH

ηpηrηm
, (5)

where the head H required by the pump is calculated as

H = Q2

2gηNA2
j

− (1− ζ)
V 2
a

2g
+ hj , (6)

ζ and hj being, respectively, the inlet duct loss coefficient and
the height of jet centerline above sea level.

The curve of the head required (as function of Q),
expressed by the above equation, has to be compared with
the head provided by the pump, obtained by means of
the generalized pump map introduced before. From the
equilibrium condition, it is possible to find the relation
between ship speed and flow rate for each pump speed, and
thus to calculate the jet thrust by (2).

In order to consider the influence of cavitation phenom-
ena on the pump performance, in the numerical model, the
pump head and efficiency values, provided by the proposed
map, are properly corrected.

Two simple equations are adopted for the corrections, the
first one for the head (H) correction

Hcorr = H
(

1− 1− Fcorr

1.35

)
(7)

and the second one for the pump efficiency (ηp) correction

ηp corr = ηpFcorr. (8)

The pump head and efficiency correction function (Fcorr) is
reported in Figure 8, depending on the suction specific speed
of the pump (nss). In fact, the latter parameter is a significant
cavitation index, used to discriminate cavitating conditions
from non-cavitating ones [9] as follows:

nss = n
Q1/2

(
gNPSH

)3/4 , (9)

where NPSH is the net positive suction head as follows:

NPSH =
(
pa − pv

)

ρg
+ (1− ζ)

V 2
a

2g
− hj . (10)

The correction function and (7) and (8) are generated
simultaneously in a trial and error procedure. This procedure
has the objective of obtaining the best fitting of the reference
thrust and constant pump speed curves, at constant power,
provided by the waterjet manufacturer in the manner of
Figure 1.

It must be observed that the presented pump head and
efficiency corrections apply only when the pump works in
cavitation conditions, that is, in the zones II and III of
Figure 1.

3.2. “Nondimensional Jet Curves” Method. A successfu nu-
merical approach should be based on simple and clearly
defined parameters and should be applicable to a large range
of waterjets sizes. A set of general waterjet performance
curves that meets these criteria is herein proposed in analogy
with the well-known marine propeller series.

All of the thrust curves relative to a defined waterjet
commercial model for planing crafts can be collapsed into
a thrust coefficient KTwj depending on torque α (or KQwj ) and
advance Jwj coefficients as

KTwj =
Twj

ρn2D4
i

, (11)

α = C

ρD5
i

or the equivalent torque coefficient,

KQwj =
Qwj

ρn2D5
i

= α

2π
,

(12)

Jwj = V

nDi
. (13)

The thrust cavitation limits, each corresponding to a differ-
ent constant value of α, can be also collapsed into a cavitation
thrust coefficient τCwj depending on cavitation number σwj as

τCwj =
Tcav

ρAiV 2
,

σwj = pa − pv
ρV 2

.

(14)

The same traditional definitions used for propellers have
been utilized as far as possible, in order to make the method
much more user-friendly for the propulsion boat designer.

Once computed all of these coefficients through several
performance maps of many commercial waterjets, the KTwj

and τCwj trends have been determined by using a proper
fitting technique. As an example, the computed thrust
coefficients KTwj and τCwj , respectively, versus the advance
coefficient Jwj and the cavitation number σwj, are compared
with the determined fitted curves in Figures 9 and 10. It has
to be pointed out that the trends shown in these figures for
the two thrust coefficients correspond to the same constant
value of the torque coefficient α.

The entire set of curves for the coefficients of the waterjet
series so established, for different values of α, is presented in
Figures 11 and 12.

In comparison with screw propellers, the thrust coeffi-
cient curve for a waterjet is much more flat, while the torque
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coefficient is assumed quite constant. This means that the
influence of ship’s speed on thrust and torque is much less
pronounced for a waterjet than for a screw propeller. The
reason for this behavior is that the approaching velocity Va in
correspondence of the waterjet inlet, because of the waterjet
pump location relative to the hull, is surely affected by the
ship’s speed but is much more determined by the impeller
speed [25].

The waterjet performance prediction technique devel-
oped in this paper is similar to the calculation procedure
for speed-power prediction of the propeller. Most waterjet
characteristics, in fact, are reported in the form of KTwj , KQwj

versus Jwj. The effort required to have this familiar format
for naval architects also in waterjet propulsion design is
compensated by computation time reduction in predicting
jet performance and optimizing propulsion system.

Selecting a best waterjet model to satisfy the craft thrust
requirements leads to reformatting jet characteristic data on
the basis of the ratio KTwj /J

2
wj in analogy with the propeller

case, in order to eliminate the unknown variable rpm from
the early prediction calculations.
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For each waterjet unit, starting from (11) and (13), the
following relation is obtained:

KTwj

J2
wj
= Twj

ρD2
i V 2

. (15)

Assuming that each waterjet unit produces equal thrust for a
multijet craft, the thrust required by each waterjet to satisfy
the hull resistance would be

Twj = RT

(1− t)Nwj
. (16)

Equating the thrust provided by waterjets to the thrust
required by the hull

KTwj

J2
wj
= RT

ρ(1− t)D2
i V 2Nwj

. (17)

In this way, for each craft velocity, a quadratic relation
between KTwj and Jwj, representing the ship resistance, is
obtained.

Once the number of jets Nwj has been established, the
only significant variable that can influence KTwj /J

2
wj is the

impeller diameter Di.
Selecting impeller diameter and so the commercial

waterjet model size is important not only for geometric
constraints of craft operation and installation, but also
for thrust loading and cavitation considerations. Since the
variable KTwj /J

2
wj is mainly a function of impeller diameter

and craft velocity, the diameter, if other design constraints
permit, should be selected at the design craft speed ensuring
a value of KTwj /J

2
wj for which the best waterjet efficiency is

reached. As shown in Figure 13, the peak jet efficiency is
attained for KTwj /J

2
wj = 0.18. This value could be a good point

of reference for the selection of the impeller diameter and so
of the available waterjet unit size.

Waterjets manufacturers usually provide several impel-
lers of different ratings to be matched with engines directly
or through available gearboxes. As previously mentioned, the
power absorbed by the pump as function of the rotational
speed follows approximately a cubic law. For the same com-
mercial jet model, it is possible to obtain from manufacturers
several cubic laws, that is, several C coefficients (impeller
rating), by adjusting, for instance, the pitch of impeller
blades. At present, the impeller ratings for a commercial
waterjet model may vary in the range: 0.8 ≤ α ≤ 1.8.

This means that, for the same input power, the corre-
sponding waterjet rpm can vary between two values (see
Figure 14, where the Power/Rpm range is shown for three
different impeller diameters). The impeller rating should
be usually selected within this range in order to lower the
possible rpm and to improve the cavitation margins. On the
other hand, it is possible to use reduction gearboxes in order
to reach the required power at lower engine speed but with
consequential extra cost, weight, and efficiency losses.

Once determined the impeller rating (coefficient α), it
is possible to draw for each craft speed the corresponding
quadratic relation between KTwj and Jwj representing the
boat’s resistance in the KTwj diagram. The intersection with
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the offered KTwj curve gives the operational point of the
waterjet Jwj. Then from the equilibrium operational points
Jwj, it is possible to determine the waterjet shaft speeds for the
different craft speeds and so the provided waterjet thrusts.

It is worthy to note that, in case of marine propeller
propulsion, the power load curve is a cubic law only if the
craft resistance is a quadratic curve of velocity. Only in these
particular circumstances, in fact, the operational points in
the propeller open water diagrams are always the same, and
so there is a linear relation between V and rpm in the entire
propeller working area. On the contrary, in case of waterjet
propulsion, the power load curve is considered as a cubic
law because of assumed hypotheses [25], for both a square
resistance curve (V linear with rpm) and a planing craft
resistance curve (V not linear with rpm).

In order to check if the so-calculated waterjet operational
points are below the cavitation limit, it is sufficient to
determine the corresponding cavitation thrusts by means
of the coefficient τCwj curve corresponding to the selected
impeller rating α.

The design process to obtain the matching between craft
hull and waterjet thrust for a given craft speed can be
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summarized as follows.

(1) Select the impeller diameter on the base of arrange-
ment criteria or calculate the optimum impeller
diameter from the best-efficiency point of view
(KTwj /J

2
wj = 0.18).

(2) Find, for every value of α, the advance coefficients
Jwj corresponding to the crossing points between the
KTwj curve and the dimensionless resistance curve
(KTwj /J

2
wj)J

2
wj as it is illustrated in Figure 15.

(3) Calculate the waterjet speed n required to reach the
design velocity V from the value of Jwj.

(4) Calculate the waterjet thrust Twj.

(5) Calculate σwj for the design velocity and find the
corresponding value of τCwj for every α.

(6) Calculate the waterjet cavitation thrust.

(7) Select the proper value of α in accordance with the
available gear ratio and cavitation limit.

(8) Calculate the waterjet power required by means of
PB = αρD5

i n
3.

In order to have a better agreement of the obtained results
with the data of the most jet manufacturers present on the
market, the following empirical correction, able to take into
account different impellers sizes and efficiencies, is suggested
to be applied to the final value of the jet thrust:

Twj corrected = Twj(Di + 0.64)0.4(0.0073V + 0.8625). (18)

For the same reason, the thrust cavitation limit may be cor-
rected as

Tcav corrected = Tcav(1.36−Di)
0.6. (19)

These corrections, proposed by the authors, have been
empirically determined on the basis of the current jet
performance predictions provided by several manufacturers.
They mainly depend on the impeller diameter Di, that is, the
variable most representative of the pump efficiency.
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4. Results and Validation

In order to test the proposed numerical procedures, three
waterjet propulsion applications are considered in the fol-
lowing. The first is referred to a large Kamewa waterjet,
whose performance map is derived by using the dimen-
sionless pump map of Figure 7. Instead the second and
the third applications are referred to two smaller waterjets,
characterized by almost the same impeller diameter, but
produced by different manufactures, Hamilton Jet and MJP.
The thrust curves of the last two jet models have been selected
by the authors to validate the numerical method based on the
dimensionless jet coefficients.

4.1. Case Study 1. In order to show the possible use and the
effectiveness of the proposed performance map, the devel-
oped methodology is applied to the waterjet “Kamewa 200
SII,” whose design power range is 16÷ 24 MW.

The comparison between jet manufacturer data (dashed
and dotted lines) and calculations (continuous lines) is
illustrated in Figures 16 and 17, where the jet thrust curves
and the pump speed curves versus ship speed are shown for
different engine power values. As it can be seen in Figure 16,
the thrust curves at constant power present a decreasing slope
when the ship speed decreases. This behavior is mainly due
to the pump cavitation phenomena.

The good results of the comparison between the calcu-
lated and manufacturer data, in the noncavitation zone (zone
I), are due mainly to the pump performance map character-
istics. This fact confirms the validity in this application of the
presented generalized pump performance map. This is the
most important result of the proposed validation.

The good results of the comparisons relative to the
pump working in cavitation conditions (II and III zones in
Figures 16 and 17) demonstrate a good matching between
the generalized pump performance map and the cavitation
correction factor.
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4.2. Case Study 2. The nondimensional waterjets curves are
used to reproduce the jet thrust map of a virtual waterjet
unit having the same size of two different jet units, pro-
duced by Hamilton and MJP. The comparison between the
thrust curves (including cavitation limit) calculated by the
dimensionless coefficients (solid lines), and the Hamilton
manufacturer data (dashed and dotted lines) is reported in
Figure 18, while the same kind of comparison, regarding a
MJP jet unit, is illustrated again in Figure 19. Calculation is
carried out considering an impeller diameter equal to 0.57 m
for the comparison with Hamilton waterjet, and an impeller
diameter of about 0.6 m for MJP jet unit.

In both applications, the level of accuracy of the proposed
numerical procedure is rather good, even if, in the case of
MJP waterjet, the results, in terms of jet thrust curves as
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well as cavitation limit, underestimate the performance in
the entire boat speed range. However, it is important to
point out that MJP jet units are actually famous for their
high performance, while the developed numerical method
has been calibrated in order to represent the behavior of most
waterjet units, irrespective of the manufacturer.

5. Further Considerations on
the Proposed Procedures

The presented procedures have been derived on the ground
of many data taken from the most famous waterjets
manufactures, then, as a consequence, they are able to
reproduce the two main kinds of jet performance prediction,
adopted, respectively, for ships applications (e.g., “Kamewa”
approach) and for planing craft applications (e.g., “Hamilton
Jet” approach). Because of this, the two numerical proce-
dures entail the same levels of approximations adopted by jet
manufacturers. From this point of view, the main theoretical
difference between the two jet performance approaches,
illustrated in Figures 1 and 2, concerns the pump efficiency;
it is considered not constant in the representation reported
in Figure 1, while it is likely assumed constant for the entire
jet working range in Figure 2. In the same way, the first
numerical method, based on the use of the dimensionless
pump map, is able to consider the pump efficiency variation
and then to reproduce the same trend of the jet thrust curve
illustrated in Figure 1 and typical of the larger waterjet units
(in addition, also the cavitation influence on the decreasing
pump efficiency is considered). On the contrary, the second
presented method is based on a strong simplification, for
which a cubic law relationship of the pump power with the
rotational speed is assumed (that means pump efficiency
always constant). However, this latter hypothesis is often
adopted also in the powering predictions provided by the
jet manufacturers for small applications, as it is illustrated
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on the right of Figure 2; therefore, the authors have decided
to adopt the same design approach in order to compare
the obtained results with the data provided by the small jet
manufacturers. It is important to point out that, in this case,
the jet performance prediction is valid only for subcavitating
zone, since no attempt is taken into consideration for
evaluating the jet thrust loss due to cavitation. However,
despite this significant different assumption in the two
representations of the jet data, both numerical methods give
approximately the same results in terms of jet final working
points for a certain hull resistance; this effect is probably
due to the fact that the pump working points, in the steady-
state condition, very often lay in the region where the pump
efficiency is almost constant.

Both methods offer advantages and drawbacks on the
basis of which level of approximation is pursued. The
method based on the pump map allows a more reliable final
performance prediction in the whole jet working range, but it
needs some precise input information, as the pump flow rate,
head, speed, and efficiency at the nominal condition for the
numerical evaluation of the pump map, the nozzle diameter,
the inlet-duct losses, the pump suction specific speed for
cavitation influence calculation, and so forth.

On the contrary, the second illustrated procedure may
be defined as “parametric,” since it is based on simple
parameters (mainly the impeller diameter), “traditional,”
since it uses marine traditional definitions (e.g., thrust and
torque coefficients) and finally “computationally-friendly”
because it can be easily implemented in numerical codes.

6. Conclusions

The main purpose of this work is to provide the ship designer
a reliable tool to be used at early design stage of high-speed
craft to facilitate the selection of the propulsion system. To
reach this goal in the paper, two original nondimensional
approaches, able to foresee the waterjet working points in all
of the desired conditions and mainly to take into account the
influence of the numerous parameters affecting the waterjet-
ship system, are presented and discussed. In particular, the
paper describes the hypotheses, the genesis, the tuning, and
the application of these general numerical procedures.

The good agreement between waterjets reference data
and results obtained by the developed procedures allows to
identify the following major findings.

(i) Despite several geometrical differences among the
most used impellers for waterjet propulsion, it is
shown that the nondimensional standard perfor-
mance map, derived by the authors for mixed flow
pumps, is able to represent with a good level of accu-
racy the performance predictions of large waterjets of
different sizes.

(ii) Similarly, it is demonstrated that it is possible to
directly provide the representation of the jet thrust,
depending on engine power and craft speed, in a
dimensionless form. Then, the second numerical
approach, developed by the authors and based on
simple and clearly defined parameters, can be useful

to represent the performance of a large range of
waterjet units for planing boats.

(iii) Although in literature some other studies introduce
parametric models for the evaluation of the jet thrust,
in the present work, the numerical methods proposed
by the authors are able to take into account also
cavitation phenomena, on the basis of practical and
significant numerical coefficients.

The waterjet units are obviously optimized for each applica-
tion by the jet manufacturers; however, only the ship/boat
designer is responsible for the entire system. In this sense,
the two presented calculation methodologies may represent
a reliable tool in order to assess the waterjet performance, in
terms of jet thrust, power absorption, and cavitation limits,
giving in this way a significant contribution to the success of
the whole ship design process.

Nomenclature

a: Exponent to be adopted for the boundary
layer expression

Aj : Waterjet exit area [m2]
C: Constant of the cubic law between absorbed

jet power and rotational speed
Di: Impeller diameter [m]
Fcorr: Correction function for pump cavitation
g: Gravity acceleration [m/s2]
h: Waterjet exit nozzle elevation [m]
hpi: Static head at pump inlet [m]
hj : Height of jet centerline above sea level [m]
H : Pump head [m]
Hcorr: Pump head corrected for cavitation [m]
Hd: Pump design head [m]
Jwj: Waterjet advance coefficient
KQwj : Waterjet torque coefficient
KTwj : Waterjet thrust coefficient
li: Inlet section width [m]
n: Pump speed [rev/s]
nd: Pump design speed [rev/s]
Nwj: Number of jets
NPSH: Net positive suction head [m]
ns: Pump specific speed [rpm m3/4 s−1/2]
nss: Pump suction specific speed
pa: Atmospheric pressure [Pa]
pv: Vapor pressure [Pa]
PB: Pump power demand [kW]
Q: Pump flow rate [m3/s]
Qd: Pump design flow rate [m3/s]
Qwj: Waterjet torque [Nm]
RT : Hull resistance [N]
t: Thrust deduction factor
Tcav: Cavitation thrust limit [N]
Twj: Waterjet thrust [N]
V : Ship speed [m/s]
Va: Approaching velocity [m/s]
Vj : Jet velocity [m/s]
α: Impeller rating
δ: Boundary layer thickness [m]
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ζ : Waterjet duct loss factor
ηm: Mechanical efficiency
ηN : Nozzle efficiency
ηp: Pump efficiency
ηp corr: Pump efficiency corrected for cavitation
ηpd: Pump design efficiency
ηr : Relative rotative pump efficiency
ρ: Sea water density [kg/m3]
σwj: Waterjet cavitation number
τCwj : Waterjet cavitation thrust coefficient.
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This paper describes the present status of the art on air turbines, which could be used for wave energy conversion. The air turbines
included in the paper are as follows: Wells type turbines, impulse turbines, radial turbines, cross-flow turbine, and Savonius
turbine. The overall performances of the turbines under irregular wave conditions, which typically occur in the sea, have been
compared by numerical simulation and sea trial. As a result, under irregular wave conditions it is found that the running and
starting characteristics of the impulse type turbines could be superior to those of the Wells turbine. Moreover, as the current
challenge on turbine technology, the authors explain a twin-impulse turbine topology for wave energy conversion.

1. Introduction

Several of the wave energy devices being studied under many
wave energy programs in the United Kingdom, Japan, Por-
tugal, India, and other countries make use of the principle
of an oscillating water column (OWC). Figure 1 shows the
principle of OWC-based wave energy conversion and its
energy conversion chain. In such wave energy devices, a water
column which oscillates due to wave motion is used to drive
an oscillating air column which is converted into mechanical
energy. The energy conversion from an oscillating air column
can be achieved by using a system of nonreturn valves for
rectifying the airflow, together with a conventional turbine.

On the other hand, the non-return valves can be elimi-
nated by the use of a self-rectifying air turbine, which inher-
ently provides a unidirectional rotation for an alternating
airflow. The Wells turbine (Figure 2) [1–13] is of this type
and is one of the simplest and probably the most economical
turbines for wave energy conversion. However, according
to the previous studies, the Wells turbine has inherent dis-
advantages: lower efficiency, poorer starting characteristics,
and higher noise level in comparison with conventional
turbines. Consequently, in order to overcome these weak
points, a number of self-rectifying air turbines with different
configurations have been proposed and improved over
decades [14–24].

This paper describes the present state of the art of air
turbines for wave energy conversion. The types of turbine
included in the paper are summarized as follows.

Wells type turbines:

Wells turbine with guide vanes;
turbine with self-pitch-controlled blades;
biplane Wells turbine with guide vanes;
contrarotating Wells turbine.

Impulse turbines:

impulse turbine with self-pitch-controlled guide
vanes;
impulse turbine with active-pitch-controlled
guide vanes;
impulse turbine with fixed guide vanes;
McCormick counterrotating turbine.

Radial turbines:

radial turbine with fixed guide vanes;
radial turbine with active-pitch-controlled guide
vanes.

Cross-flow turbine.
Savonius turbine.
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Further, the overall performances of the promising turbines
under irregular wave conditions, which typically occur in the
sea, have been compared by numerical simulation and sea
trial.

Finally, as the current challenge on turbine technology,
the authors explain a twin-impulse turbine topology for wave
energy conversion.

2. Owc-Based Wave Energy Conversion

Primary conversion of wave energy is attained by an oscillat-
ing system, either a floating body, an oscillating solid mem-
ber or oscillating water within a structure. Potentially, the
most successful device used in the harnessing on wave energy
has been the oscillating water column (OWC) wave energy
converter. The OWC chamber, either floating or bottom
standing, with the immersed end opened to the action of the
sea. A reciprocating airflow is created by the action of the
free surface of the water within the chamber. The conversion
of this airflow into mechanical energy may be achieved by
means of a number of devices.

To produce unidirectional flow, a reciprocating airflow
may be rectified by a series of nonreturn valves. This unidi-
rectional flow may be used to drive a conventional turbine
such as a Francis turbine. An example of practical OWC
wave energy converter using the conventional turbine is the
navigation buoy, as shown in Figure 3. Based on work by
the Japanese wave-energy pioneer Mr. Y. Masuda, more than
one thousand wave-powered navigation buoys have been
produced since 1965 and marketed worldwide. Some of them
have been in operation for more than 30 years. The conven-
tional air turbine is used for the secondary energy conversion
in the OWC wave energy converter. However, the airflow
rectification system with nonreturn valves is complicated and
difficult to maintain. Furthermore, such a system cannot be
adopted in a large-scale wave energy device because the valve
becomes large.
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3. Self-Rectifying Air Turbines for
Wave Energy Conversion

In OWC-based wave energy conversion, no rectifying valve
system is required if the self-rectifying air turbine is used.
Many kinds of the self-rectifying air turbines have been
proposed and improved so far. The authors describe the
present state of self-rectifying air turbines as follows.

3.1. Wells Type Turbine. Figure 4 shows the Wells turbines
with guide vanes [2, 3, 13]. The turbine (turbine diameter
of 1.7 m, 2 tandem turbines, NACA0021, 8 blades per rotor,
rated output of 30 kW × 2) was adopted for the project
“Mighty Whale” organized by JMSTEC, Japan [25, 26]. This
turbine has been also connected with the Azores Pico Plant
supported by EU.

Figure 5 illustrates the turbine with self-pitch-controlled
blades [15, 17, 24]. A turbine blade is set on the hub by a
pivot located near the leading edge that enables it to oscillate
between two prescribed setting angles. As an airfoil set at a
certain angle of incidence generates the pitching moment M
about a pivot, the turbine blades can oscillate between two
setting angles by themselves according to the flow direction,
as shown in the figure.
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Figure 6 shows the biplane Wells turbine. This turbine
is installed in OWC plant (turbine diameter of 1.2 m, rated
output of 75 kW), Islay, U.K. [27], where the guide vanes are
not used for the turbine.

The contrarotating Wells turbine [8, 28] is shown in
Figure 7. This was installed in the LIMPET, Islay, U.K.
[29, 30], which is the world’s first commercial wave power
station (capacity of 500 kW, turbine diameter of 2.6 m, 2
turbines, NACA0012, 7 blades per rotor). However, detailed
information of the turbine characteristics has not been
clarified.

3.2. Impulse-Type Turbine. Figure 8 illustrates the impulse
turbine with self-pitch-controlled guide vanes. The turbine
has guide vanes on both sides of the rotor so as to operate
efficiently in an oscillating flow. They are set by pivots on the
casing wall. The pivots are located at the end of the guide
vane chord close to the rotor so that guide vanes are per-
mitted to move around the pivot by aerodynamic moment
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induced by a move of oscillating airflow. Every vane on one
side of the rotor is connected by a link outside the casing to a
vane on the other side of the rotor, as shown in Figure 8(b).
This turbine (diameter of 1.0 m) has been constructed by
NIOT, India [31, 32]. At NIOT plant, the total efficiency of
the plant with this turbine was more than three times of Wells
turbine. In recent year, the impulse turbine with active-pitch-
controlled guide vanes by use of hydraulic actuator has been
proposed and tested [33].

Figure 9 shows the impulse turbine with fixed guide
vanes. The turbine configuration is an impulse type having
fixed guide vanes both upstream and downstream, and
these geometries are symmetrical with respect to the rotor
centerline. This turbine has been installed in floating OWC
device “Backward Bent Duct Buoy,” as shown in Figure 10
[34].

The outline of the McCormick turbine [35] is sketched in
Figure 11. The prototype model of the McCormick turbine
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Figure 10: Floating-type OWC device “Backward Bent Duct Buoy.”

(30 nozzles each turbine, 60 blades per rotor, turbine diame-
ter of 0.99 m, 450 rpm nominal design, 1200 rpm with gears)
was constructed and tested [18], and average efficiencies near
0.3 appear to have been attained. The disadvantage may be
the balance of gearing cost and its noise generation may be a
severe problem at specific sites.

3.3. Radial Type Turbine. Figure 12 shows the impulse type
radial turbine. The efficiency of the turbine seems to be
higher according to the previous studies [19, 20], though
detailed turbine characteristics are not found in the litera-
ture. However, according to a recent research, the efficiency
is not so good [36]. In order to overcome this drawback, the
radial turbine with active-controlled guide vanes for wave
energy conversion has been proposed by the authors [37].
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3.4. Cross Flow Turbine and Savonius Turbine. Many versions
of cross flow turbine and Savonius turbine have been pro-
posed so far. In order to obtain some fundamental data for
the turbines, the tests were performed under steady flow
conditions [14, 16]. However, in general, they are inferior to
Wells type turbines in the starting and running characteris-
tics [38].

4. Suitable Air Turbine for
Wave Energy Conversion

4.1. Numerical Simulation of Turbine Characteristics. One of
the objectives of this chapter is to compare the performances
of turbines which could be used for wave power conversion in
the near future. Here we should note that the performance of
the wave power converter depends on the energy absorption
efficiency of OWC, which is closely related to the pressure
difference across the turbine, as well as the turbine efficiency.

Therefore, the performances of turbines in connection
with OWC under irregular wave conditions are evaluated
numerically by using a quasisteady analysis [4, 21] and
compared from the viewpoints of the starting and running
characteristics.

The types of turbine included in this comparative study
are as follows. (a) Wells turbine with guide vanes named
WTGV in this paper, Figure 4 [2, 3, 13]. (b) Turbine with self-
pitch-controlled blades named TSCBs, Figure 5 [15, 17, 24].
(c) Biplane Wells turbine with guide vanes named BWGVs,
Figure 6 [12]. (d) Impulse turbine with self-pitch-controlled
guide vanes named ISGVs, Figure 8 [21, 22]. (e) Impulse
turbine with fixed guide vane named IFGV, Figure 9 [23]. In
this study the contrarotating Wells turbine was not adopted
because the turbine characteristics have not been clarified so
far.

The details of turbines adopted in the study are as
follows: (a) WTGV (Figure 2); blade profile: NACA0020, tip
diameter: D = 298 mm, hub-to-tip ratio: ν = 0.7, aspect
ratio: AR = 0.5, chord length of rotor: lr = 90 mm, rotor
solidity at mean radius rR: σrR = 0.67, and guide vane solidity
at mean radius: σgR = 1.25. (b) TSCB (Figure 3); NACA0021,
D = 298 mm, ν = 0.7, AR = 0.6, lr = 75 mm, σrR = 0.75,
and preset angle of 10◦. (c) BWGV (Figure 4); NACA0020,
D = 298 mm, ν = 0.7, AR = 0.5, lr = 90 mm, σrR = 0.45,
and AR = 1.25. (d) ISGV (Figure 6); D = 298 mm, ν = 0.7,
ta/Sr = 0.4 (ta: width of flow path at mean radius, Sr : rotor
blade space at rR) (see Figure 6), lr = 54 mm, inlet (or outlet)
angle of rotor: γ = 60◦, σrR = 2.02, σgR = 2.27, setting
angle of upstream guide vane: θ1 = 17◦, setting angle of
downstream guide vane: θ2 = 72.5◦, and sweep angle of
rotor: λ = −7.5◦. (e) IFGV (Figure 7); D = 298 mm, ν = 0.7,
ta/Sr = 0.4, lr = 54 mm, γ = 60◦, σrR = 2.02, σgR =
2.27, guide vane setting angle of 60◦, and λ = −7.5◦. Note
here that the configurations considered for these turbines
are the ones found to be most promising in previous studies
[12, 13, 17, 22, 23]. Furthermore, all of them can start [4] by
themselves.

Figure 13 shows the comparison of conversion efficiency
of wave energy [39]. For the impulse type turbines, conver-
sion efficiency is quite high at region of large 1/(Kω∗){=
V/UR, K : nondimensional period, V : reference velocity, and
ω∗: non-dimensional angular velocity under irregular flow
condition (=ωT , ω: angular velocity of rotor)} compared
with the Wells type turbines. Especially, the value of maxi-
mum efficiency for ISGV is about 47% and over 15% larger
than that of WTGV, which is now mainly used for wave
power conversion. Since rotor stall does not occur for the
impulse-type turbine, torque can be obtained within a com-
prehensive region of flow coefficient. Moreover, the differ-
ence of the efficiency of the air chamber is considered to
be one of the causes that the energy conversion efficiency
of wave power conversion using the impulse type turbine
is higher than that efficiency using the Wells type turbine.
Although ISGV has a disadvantage of maintenance of pivots,
even for IFGV, where guide vanes are fixed for simple
configuration, the maximum efficiency of IFGV is larger than
that of WTGV by about 6%. On the other hand, the efficiency
of TSCB is also considerably higher than that of WTGV.
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However, it should be noted that maintenance of TSCB is
more difficult than that of ISGV because TSCB is using the
pitch-controlled rotor blades which is rotating around the
shaft at high speed, though ISGV has the pitch-controlled
guide vanes.

The starting characteristics for five turbines are shown
in Figure 14 [39], where S: nondimensional frequency, XI :
nondimensional moment of inertia, XL: nondimensional
loading torque, t∗: dimensionless time under irregular wave
condition (t∗ = t/T), t: time, T : mean period of wave under
irregular wave condition. The impulse type turbine can start
in a very short time. This fact means that a generating time of
a generator with the impulse turbine is longer than that of the
Wells turbine. Furthermore, the rotational speed at operation
is much smaller than those of the Wells type turbines.
Therefore, when considering the impulse type turbines, it is
possible to design an excellent turbine with low operational
speed, which is desirable from the viewpoints of noise
reduction and mechanical advantage.

4.2. Sea Trial of Air Turbines. A sea trial of wave power plant
using an impulse turbine with coreless generator has been
carried out at Niigata-Nishi Port, in order to demonstrate
usefulness of the turbine for wave energy conversion [40, 41].
As shown in Figure 15, OWC-based wave power plant has
been installed at the side of a breakwater and has an air
chamber with a sectional area of 4 m2 (= 2 m × 2 m).

The specifications of tested impulse turbine (Figure 16)
are as follows. The rotor has a tip diameter of 458 mm, a hub-
to-tip ratio of 0.7, a tip clearance of 1 mm, a chord length of
82.8 mm, and a solidity of 2.0. The guide vane with chord
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Figure 14: Comparison of starting characteristics under irregular
wave conditions.

Figure 15: OWC device at Niigata-Nishi Port, Japan.

length of 107.4 mm is symmetrically installed at the distance
of 30.7 mm downstream and upstream of the rotor. The
guide vane has a solidity of 2.27, a thickness ratio of 0.0279, a
guide vane setting angle of 30◦ and a camber angle of 60◦.
The generator is coreless type and can generate electricity
at lower rotational speed in comparison with conventional
generator. The rated and maximum powers of the generator
are 450 W and 880 W, respectively. The experimental data
obtained in the sea trial of wave power plant with the impulse
turbine having coreless generator was compared to these of
Wells turbine. The specification of Wells turbine (Figure 17)
is as follows. The blade profile is NACA0020 with chord
length of 131 mm; solidity at mean radius: 0.829; aspect ratio:
0.5; tip diameter: 458 mm; tip clearance: 1 mm; hub-to-tip
ratio: 0.75.

In the sea trial, the output and the rotational speed of the
generator in the case of a combination of impulse turbine
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and coreless generator were observed for 20 minutes every
2 hours and these were stored in PC. The measurement
time in the case of conventional generator is 5 minutes. This
measurement is timed to the observation of wave climate by
an offshore buoy which is placed at 8 km away from Niigata-
Nishi Port by Ministry of Land, Infrastructure and Transport.
The period of sea trial for the impulse turbine was from June
to September in 2007. The period of sea trial for the impulse
turbine with conventional was from March to April in 2006.
Conversely, the period of sea trial for Wells turbine was from
October to November in 2004 and its data was given by
Ministry of Land, Infrastructure and Transport.

The performance of the turbine is evaluated by a relation-
ship between the average output of generator Pout and the
incident wave power to the plant Pin in the study. The output
from the generator is rectified by diode bridge and is used by
wire-wound resister with a resistance of 22Ω in the case of a
combination of impulse turbine and coreless generator. On
the other hand, a resistance in the case of the conventional
generator is controlled. Pout is measured by wattmeter. Pw is
defined as follows:

Pin = 0.5×H2
1/3 × T1/3 ×W , (1)

where H1/3 and T1/3 are the significant wave height and
period at the sea trial site, respectively, and W is the width
of air chamber.

Figure 18 indicates the results of the sea trials, where the
ordinate and the abscissa are the average output Pout and the
wave power Pin, respectively [40]. It is obviously understood
from the figure that Pout in the case of impulse turbine is
quite high than that of Wells turbine in whole region of
Pin. Its value is more than twice the output power of Wells
turbine.

Therefore, there is no doubt that the impulse type turbine
has better running characteristics than the Wells type tur-
bine.
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5. Development of A Novel Air Turbine for
Wave Energy Conversion

The airflow rectification system with nonreturn valves is
complicated and difficult to maintain. Furthermore, such a
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Figure 21: Effects of flow direction on turbine characteristics [45].

system cannot be adopted in a large-scale wave energy device
because the valve becomes large. However, a unidirectional
turbine (Figure 19) that showed good efficiency over a broad
range [42].

A new topology with twin impulse turbine has been
proposed, which has a promise of yielding 50% wave
to wire efficiency in an OWC configuration [43–45]. A
laboratory model of the concept was built at IIT Madras,
India. The basic arrangement of the twin unidirectional
topology is shown in Figure 20 [45]. The pressure difference
and efficiency of the unidirectional impulse turbine depend
on flow direction through the turbine, as shown in Figure 21
[43]. The turbine exploits this phenomenon. The power
take-off mechanism utilizes two unidirectional turbines, T1

and T2 coupled to electrical generators. It was conjectured
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that during intake, the air would flow into the OWC via the
turbine T1 and during exhaust the air would flow out from
the OWC throughT2. The use of twin unidirectional turbines
ensures that, even without the use of valves, each turbine in
effect works for half a cycle.

6. Conclusions

This paper describes the present status of the art on air
turbines for wave energy conversion. The characteristics of
air turbines for wave energy conversion proposed so far were
investigated by numerical simulation and sea trial under
irregular flow conditions. It was found that the impulse-
type turbines have the potential to be superior to the Wells
type turbines in the overall performances under irregular
flow conditions. Furthermore, the authors explained a twin-
impulse turbine for wave energy conversion as a novel air
turbine for wave energy conversion.
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This paper discusses several modelling aspects that are important for the performance predictions of a ducted propulsor with
a low-order Panel Method. The aspects discussed are the alignment of the wake geometry, the influence of the duct boundary
layer on the wake pitch, and the influence of a transpiration velocity through the gap. The analysis is carried out for propeller
Ka4-70 operating without and inside a modified duct 19A, in which the rounded trailing edge is replaced by a sharp trailing edge.
Experimental data for the thrust and torque are used to validate the numerical results. The pitch of the tip vortex is found to have a
strong influence on the propeller and duct loads. A good agreement with the measurements is achieved when the wake alignment
is corrected for the presence of the duct boundary layer.

1. Introduction

The ability to accurately predict the thrust and torque of a
ducted propeller in open-water conditions is very important
for a calculation method used in the design stage. RANSE
methods have been progressively introduced for the cal-
culation of ducted propeller systems, meeting considerable
success in predicting open-water characteristics for the
well-known Ka-series [1–3]. However, due to their relative
complexity and time requirements, they are not yet routinely
used in the design process, which is often still based on the
use of inviscid flow methods.

Various numerical methods based on inviscid (potential)
flow theory have been proposed for the analysis of ducted
propellers. Examples are the combination of a Panel Method,
also known as Boundary Element Method, to model the duct
with a vortex lattice method for the propeller [4], and a Panel
Method for the complete ducted propeller system operating
in unsteady flow conditions including blade sheet cavitation
[5]. Both methods applied a transpiration velocity model
for the gap flow between propeller blade tip and duct inner
surface and analysed a duct with a sharp trailing edge.

These references show that the application of inviscid
flow models to ducted propellers, albeit of great usefulness,
may meet some serious limitations related to the occurrence
of flow regions where viscous effects cannot be ignored and
have to be modelled in some way for the correct prediction
of the ducted propeller thrust and torque. One of such region
concerns the gap flow, which has a strong influence on the
propeller and duct circulation distribution, and therefore, on
the distribution of loading between propeller and duct, as
studied in detail by Baltazar and Falcão de Campos [6]. In
addition, there may be a considerable interaction between
the vorticity shed from the propeller blade tips and the
boundary layer developing on the duct inner side, as found in
the works of Krasilnikov et al. [3] and Rijpkema and Vaz [7].
This effect has not been studied before with potential flow
methods, and its importance is therefore unknown.

The purpose of this paper is to show the importance of an
efficient and robust method for the vortex pitch alignment,
including the effect of gap modelling and the effect of duct
boundary layer. The computational results are compared
with open-water data measured at MARIN for the ducted
propeller Ka4-70 with P/D = 1.0 operating without and
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inside a modified duct 19A [8]. The section geometry of
this duct, denoted as duct 19Am was obtained by replacing
the round trailing edge of the duct 19A [9] by a sharp
trailing edge. This sharp trailing edge allows the application
of a classical Kutta condition for the prediction of the duct
circulation.

Details of the mathematical formulation of the Panel
Method are shown in Section 2. The numerical models for
the gap region and the interaction with the duct boundary
layer are presented in Section 3. This section also discusses
the two wake alignment methods that have been investigated,
which are a rigid wake model with prescribed geometry
and an iterative wake alignment model. The influence of
these models on the results and the comparison with the
experimental data is shown in Section 4. In Section 5, the
main conclusions are drawn.

2. Mathematical Formulation

2.1. Potential Flow Problem. Consider a propeller of radius
R rotating with constant angular velocity Ω inside a duct
both advancing with constant axial speed U along its axis
in an incompressible ideal fluid of constant density ρ and
kinematic viscosity ν otherwise at rest in a domain extending
to infinity in all directions. The propeller is made of K blades
symmetrically distributed around an axisymmetric hub. The
duct is also considered to be axisymmetric of inner radius
at the propeller plane Rd ≥ R, which defines a gap height
h = Rd − R.

In a moving reference frame advancing and rotating
with the propeller, we introduce a Cartesian coordinate
system (x, y, z), with the positive x-axis direction opposite
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Figure 3: Experimental open-water characteristics of propeller
Ka4-70 in duct 19A and duct 19Am.
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Figure 4: Panel arrangement for propeller Ka4-70 inside duct
19Am. 50 × 25 panels on each blade; 142 × 160 panels on the duct;
55 × 80 panels on the hub.

to the propeller axial motion, the y-axis coincident with
the propeller reference line, passing through the reference
point of the root section of the blade k = 1, and the z-
axis completing the right-hand system. We use a cylindrical
coordinate system (x, r, θ) related to the Cartesian system by
the transformation:

y = r cos θ, z = r sin θ. (1)

Figure 1 shows the coordinate system used to describe the
propeller geometry and the fluid domain around the ducted
propeller.

In the reference frame moving with the propeller blades,
the flow is steady, and assuming that the perturbation
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velocity due to the ducted propeller is irrotational then, the

velocity field �V(x, y, z) may be described by a perturbation
potential φ(x, y, z) in the form:

�V = �U∞ +∇φ, (2)

where

�U∞ = U�ex + Ωr�eθ (3)

is the undisturbed onset velocity in the moving reference
frame.

The perturbation potential satisfies the Laplace equation:

∇2φ = 0. (4)

The boundary of the domain consists of the blade surfaces
SB , the duct surface SD , and the hub surface SH . The
kinematic boundary condition,

∂φ

∂n
≡ �n · ∇φ = −�n · �U∞ on SB ∪ SD ∪ SH , (5)

is satisfied on the blade, duct, and hub surfaces, where ∂/∂n
denotes differentiation along the normal and �n is the unit
vector normal to the surface directed outward from the body.
At infinity, the flow disturbance due to the ducted propeller
vanishes

∇φ −→ 0, if r −→ ∞or x −→ −∞. (6)

To allow for the existence of circulation around the propeller
blades and the duct, vortex sheets are shed from the trailing
edge of the blades and the duct. The boundary conditions
on the vortex sheet surfaces SW are the tangency of the fluid
velocity on each side of the sheet and the continuity of the
pressure across the sheet. In steady flow, these conditions are

∂φ+

∂n
= ∂φ−

∂n
= −�n · �U∞, p+ = p− on SW , (7)

where p is the pressure and the indices + and − denote the
two sides of the vortex sheets, taken, respectively, on the side
of the back (normally the suction side) and face (normally
the pressure side) of the blade at the trailing edge, and on the
inner side and outer side of the duct at the trailing edge. In
the case of the propeller blade, the unit normal to the vortex
sheet is defined pointing from the face (−) to the back (+)
side of the blade. In the case of the duct, the unit normal to
the vortex sheet is defined pointing from the outer (−) to the
inner (+) side of the duct.

In order to specify uniquely the circulation around the
blades and duct, it is necessary to impose the Kutta condition
at the blade trailing edge and at the duct trailing edge. The
Kutta condition states that the velocity must remain finite

∣
∣∇φ∣∣ <∞ (8)

at a sharp trailing edge. In the theoretical formulation, the
Kutta condition, (8), is needed to guarantee that the vortex
wakes are shed from the sharp trailing edge, and (7) should
be applied at the vortex wake including the trailing edge.

The excess pressure p due to the fluid motion (with
respect to pure hydrostatic conditions) may be determined
from the Bernoulli’s equation for the steady flow in the
moving reference frame in the form

p∞
ρ

+
1
2

∣∣
∣�U∞

∣∣
∣

2 = p

ρ
+

1
2

∣∣
∣�V
∣∣
∣

2
, (9)

where p∞ is the pressure of the undisturbed inflow.
Applying Green’s second identity, assuming for the

interior region to SB∪SD∪SH , φ = 0, we obtain the integral
representation of the perturbation potential at a point p on
the body surface,

2πφ
(
p
) =

∫∫

SB∪SD∪SH

[

G
∂φ

∂nq
− φ(q) ∂G

∂nq

]

dS

−
∫∫

SW

Δφ
(
q
) ∂G

∂nq
dS, p ∈ SB ∪ SD ∪ SH ,

(10)

where G(p, q) = −1/R(p, q), R(p, q) is the distance between
the field point p and the point q on the boundary SB ∪
SD ∪SH ∪SW . With the ∂φ/∂nq on the surfaces SB , SD , and
SH known from the Neumann boundary condition on the
body surface, (5), (10) is a Fredholm integral equation of the
second kind in the dipole distribution μ(q) = −φ(q) on the
surfaces SB , SD , and SH . The Kutta condition, (8), yields the
additional relationship between the dipole strength Δφ(q)
in the wake surfaces SW and the surface dipole strength at
the blade and duct trailing edges. In potential flow theory,
the dipole strength at a given point on the wake equals the
circulation for a closed contour around the lifting surface
(blade or duct) through that point.

2.2. Velocity, Pressure and Forces. The velocity on the sur-
face is obtained by differentiation of the surface potential
distribution. From Bernoulli’s equation, (9), the pressure
coefficient Cp can be determined from:

Cp = p − p∞
1/2ρU2∞

= 1−
⎛

⎝ |�V |
U∞

⎞

⎠

2

, (11)

where U∞ = |�U∞|.
The inviscid thrust and torque on the ducted propeller

are obtained by integration of the pressure distribution on
the blade and duct surfaces. The propeller operation con-
ditions are defined by a single nondimensional parameter:
the advance coefficient J = U/nD, where n = Ω/2π is the
rate of revolution and D = 2R the propeller diameter. The
nondimensional thrust and torque of the ducted propeller
system are given by the propeller thrust coefficient KTP , the
duct thrust coefficient KTD , and the torque coefficient KQ:

KTP =
TP

ρn2D4
, KTD =

TD
ρn2D4

, KQ = Q

ρn2D5
, (12)

where TP is the propeller thrust, TD the duct thrust, and Q
the propeller torque. The ducted propeller efficiency is given
by

η = U(TP + TD)
2πnQ

. (13)
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Figure 5: Thrust and torque coefficients for propeller Ka4-70
showing the influence of the wake alignment model and the leading
edge suction force (SF) correction.

3. Numerical Method

3.1. Surface Discretisation. For the numerical solution of the
integral equation, (10), we discretise the blade surfaces SB ,
the duct surface SD , the hub surface SH , and the wake
surfaces SW in bilinear quadrilateral panels. The blade is
discretised in the spanwise radial direction by a number of
strips, extending chordwise from the blade leading edge to
the trailing edge. A cosine formula for the panel spacing in
the radial and chordwise directions is used to increase the
panel density near the blade extremities. The duct surface
is divided into three regions: between, upstream, and down-
stream of the blades. The regions between and downstream
of the blades are discretised along the axial direction with
the same panel spacing of the blade tip section and blade
wake tip section, respectively. The region upstream of the
blades is discretised along the axial direction with a Vinokur
stretching function [10]. Equidistant angular spacing is used
in circumferential direction. For the discretisation of the hub
surface, an elliptical grid generator is used [11]. The blade
and duct wake surfaces are discretised in the spanwise and
circumferential directions, extending downstream from the
trailing edge the corresponding strips on the propeller blade
and duct surfaces.

3.2. Solution of the Integral Equation. The integral equation,
(10), is solved by the collocation method with the element
centre point as collocation point. We assume a constant

X

Y

Z

Figure 6: Panel arrangement for propeller Ka4-70 at J = 0.5 for the
wake alignment model with empirical contraction. Note that the
only one blade wake grid (400 × 25) is shown.

strength of the dipole and source distributions on each ele-
ment. The influence coefficients are determined analytically
using the formulations of Morino et al. [12].

3.3. Wake Models. Two wake models are considered: a rigid
wake model and a wake alignment model for the blade wake
where the pitch of the vortex lines are aligned with the local
fluid velocity.

In the rigid wake model, the geometry of the wake
surfaces is specified empirically. For the blade wake, the
pitch of the vortex lines is assumed constant along the axial
direction and equal to the blade pitch. However, contraction
of the blade wake is prescribed by an empirical formulation,
following Hoshino [13] for the open propeller case. The
radial variation of the helicoidal lines is occurring in a
transition wake region, with a length of 2R, and is kept
constant further downstream. For the duct, the wake leaves
the trailing edge at the bisector. The value of the dipole
strength at the blade and duct trailing edges is determined
by the application of an iterative pressure Kutta condition,
requiring that the pressure is equal on both sides of the blade
and duct panels adjacent to the trailing edge.

In the wake alignment model, the corner points of the
blade wake grid panels are displaced with the mean fluid
velocity. At the (n+1)th iteration, the geometry in cylindrical
coordinates of the wake strip i+1 can be determined by using
an Euler scheme:

x(n+1)
i+1 = x(n)

i +Vx

(
x(n)
i , r(n)

i , θ(n)
i

)
Δt,

r(n+1)
i+1 = r(n)

i +Vr

(
x(n)
i , r(n)

i , θ(n)
i

)
Δt,

θ(n+1)
i+1 = θ(n)

i +
Vθ

(
x(n)
i , r(n)

i , θ(n)
i

)
Δt

r(n)
i

,

(14)

where Vx, Vr , and Vθ are the components of the mean vortex
sheet velocity along the axial, radial, and circumferential
directions, respectively, and Δt is the time step for the
Euler vortex convection scheme. The velocity components
are calculated from the integral equation of the velocity,
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Figure 9: Panel arrangement for propeller Ka4-70 inside duct
19Am at J = 0.5. Gap model with transpiration velocity. Wake
alignment model with duct boundary layer correction. The duct
grid is not shown in the bottom figure.

obtained by taking the gradient of (10). The velocities are
evaluated at a staggered grid of control points, which are
located equidistantly from consecutive dipole singularities of
the wake. The first wake strip (i = 1) corresponds to the blade
trailing edge. To control the wake alignment stability, the
radial coordinates of the blade wake grid are kept constant
during the iterative process. Hence,

r(n+1)
i+1 = r(n)

i + Δr(n)
i , (15)

where

Δr(n)
i = r(0)

i+1 − r(0)
i . (16)

The new axial and circumferential coordinates x(n+1)
i+1 and

θ(n+1)
i+1 are calculated using an Euler scheme:

x(n+1)
i+1 = x(n)

i +Vx

(
x(n)
i , r(n)

i , θ(n)
i

)
Δt,

θ(n+1)
i+1 = θ(n)

i +
Vθ

(
x(n)
i , r(n)

i , θ(n)
i

)
Δt

r(n)
i

.
(17)

The nondimensional time step Δθ = ΩΔt is introduced,
which can also be expressed in terms of the number of time

steps per propeller revolution Nθ = 2π/Δθ. Note that in the
wake alignment model, the downstream part of the duct is
remeshed at each iteration of the propeller and duct vortex
wakes alignment.

3.4. Gap Flow Models. Two different models for the potential
flow in the gap region are considered: a closed gap with zero
gap width and a gap flow model with transpiration velocity.

In the closed gap model, the blade and duct grids match
in the tip region. In this case, the flow is not allowed to pass
between the blade tip and the duct inner surface. The blade
wake connects to the duct inner surface down to the duct
trailing edge.

In the gap model with transpiration velocity, a partial
flow between the blade tip and the duct inner surface is
allowed to pass in the gap region. The procedure proposed by
Hughes [14] is implemented in the current method, where
the gap flow is treated as a two-dimensional orifice. The
velocity in the gap region can be related to the difference in
pressure across the blade tip using Bernoulli’s equation. The
reduction in the flow from losses in the orifice is expressed
in terms of an empirical discharge coefficient from the total
volume flow rate through the gap QG and the pressure
difference across the gap Δp as

CQ = QG

h

√
ρ

2Δp
. (18)

A typical value as used by Hughes [14] is CQ = 0.84. From
(18), the mean velocity through the gap at a given chordwise
location can be expressed in terms of the difference in
pressure between the pressure and suction sides of the blade
at that location:

ωR = CQ

√
2Δp
ρ

=
∣
∣
∣�U∞

∣
∣
∣CQ

√
ΔCp, (19)

where ωR is the mean relative flow velocity through the gap
and ΔCp is the pressure difference at the blade tip in terms of
the pressure coefficient defined by (11).

To incorporate this expression for the mean velocity into
the Panel Method, an additional strip of panels along the
blade tip is introduced which closes the gap. This wake strip
continues past the duct trailing edge, connecting the duct
wake with the blade wake. The dipole strength on the last
wake strip is also determined from the Kutta condition. In
the case of a closed gap, the boundary condition on the
gap panels sets the source strength to cancel the normal
component of the inflow velocity, (5). To allow for the
existence of a transpiration velocity through the gap, the
boundary condition on the gap strip becomes

∂φ

∂n
= −�U∞ · �n +

∣∣
∣�U∞

∣∣
∣CQ

√
ΔCp�n · �nc, (20)

where �nc is the unit normal vector to the mean camber line
at the gap strip on the same chordwise position of the panel.

The value of ΔCp is obtained by an iterative procedure.
First, the potential flow problem is solved as if the gap
were completely closed and (5) is used to impose the
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Figure 10: Vortex pitch distributions at x/R = 0.5 and x/R = 2.0. Influence of gap and wake models. Ka4-70 inside duct 19Am at J = 0.5.

kinematic boundary condition on the gap strip. The pressure
distribution is then computed by differentiating the potential
using a finite difference scheme. The potential flow problem
is solved again with the kinematic boundary condition on the
gap strip specified by (20). The pressures on the gap strip are
then recomputed and used to update the boundary condition
on the gap panels. The solution process will be repeated until
a specified convergence criterion is met.

3.5. A Simple Model for the Interaction of the Blade Wake with
the Duct Boundary Layer. A simple model for the interaction
between the blade wake and the boundary layer on the duct
inner side is implemented as well. Due to the duct boundary
layer, a reduction in the axial velocity may be taken into
account in the convection of blade vorticity in the wake
alignment model. Considering δ as the duct boundary layer
thickness and assuming a power law distribution for the
velocity profile, we have

Vx(Rd − r)
Vx(δ)

=
(
Rd − r
δ

)1/n

. (21)

To correct the potential flow velocities in the blade wake, a
linear variation of the axial velocity is considered in the gap
region, R ≤ r ≤ Rd. The corrected axial velocity at the duct
surface, Vx(0), is calculated by extrapolation from its value
at the gap, Vx(h), and at the edge of the duct boundary layer,
Vx(δ). The velocity at the edge of the duct boundary layer is
identical to the velocity on the duct surface in the potential
flow method. A correction factor for the velocity at the duct
surface can be derived from (21) and is given by

Vx(0)
Vx(δ)

=
(
h

δ

)1/n

− 1− (h/δ)1/n

1− h/δ
h

δ
. (22)

4. Results

4.1. General. Results are presented for the propeller Ka4-70
without and inside the duct 19Am. The propeller Ka4-70
is a four-bladed propeller of the Kaplan type with a large
chord at the blade tip. A pitch-diameter ratio of P/D = 1.0 is
considered. The duct 19Am is based on duct 19A, modified
such that the trailing edge is almost sharp. The particulars
of the Ka-series and the duct 19A section geometry can be
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Figure 11: Blade (a) and duct (b) circulation distributions. Influence of gap and wake models. Ka4-70 inside duct 19Am at J = 0.5.

found in Kuiper [15]. The section geometry of the duct
19Am is given in Bosschers and van der Veeken [8], which
also contains the results of the experiments performed at
MARIN in the Netherlands. The gap between the duct inner
surface and the blade tip is uniform and equal to 0.83% of the
propeller radius. The profiles of the duct 19A and 19Am are
compared in Figure 2. The comparison of the experimental
open-water characteristics of the ducted propeller system
with duct 19A [15] and with duct 19Am [8] is presented in
Figure 3.

Figure 4 shows a typical panel arrangement of propeller
Ka4-70 inside the duct 19Am with an open-water hub.
Calculations were carried out with the rigid wake model and
wake alignment model. The wake geometries were obtained
after 5 iterations of the wake alignment model using Nθ = 90
time steps per revolution, which leads to an angular step
of 4 degrees. For the ducted propeller case, a transpiration
velocity gap model with a discharge coefficient equal to CQ =
0.84 [14] and a closed gap model were considered. A specified
tolerance of |δ(ΔCp)GAP| < 10−2 on the gap strip control
points was applied as convergence criterion, corresponding
to approximately 20 iterations for the transpiration velocity.

In general, the iterative pressure Kutta condition converged
after 5 iterations to a precision of |ΔCp| ≤ 10−3. In
the iterative procedure to deal with nonlinearities of the
numerical method, the outer loop is the wake alignment
model, the middle loop is the transpiration velocity gap
model, and the inner loop is the iterative pressure Kutta
condition.

4.2. Ka4-70 without Duct. First, the numerical results are
presented for the Ka4-70 propeller without duct in uniform
flow. In this case, the rigid wake model and the same
wake vortex pitch alignment model as used for the ducted
propeller is applied in combination with, or without, an
empirical contraction. Figure 5 shows the comparison of
the thrust and torque coefficients with experimental data
from the open-water tests. A section viscous drag coefficient
of 0.007 and a lower limiting value for the chordwise
component of the blade section force between sections r/R =
0.7 and r/R = 1.0 were used for all computations. The
limiting value models the effect of flow separation which
eliminates the unphysical suction peaks at the leading edge
in the potential flow theory. The limiting value has been set
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Table 1: Variation with the duct boundary layer thickness of the relative differences between the predicted and experimental (exp) thrust
and torque coefficients. Ka4-70 inside duct 19Am at J = 0.5. Transpiration velocity gap model.

δ/R (KTP − KTP exp)/KTP exp (KTP+D − KTP+D exp)/KTP+D exp (KQ − KQ exp)/KQ exp

0.0% 19.8% 17.2% 11.9%

1.0% 8.4% 9.0% 3.2%

2.0% 0.4% 4.0% −3.0%

3.0% −1.5% 2.2% −4.3%

4.0% −3.3% 0.2% −5.9%

5.0% −6.1% −0.8% −8.1%

to zero. For a flat plate, this would imply the suppression
of the leading edge suction force. By applying a leading
edge suction force correction, a significant increase of the
torque coefficient at low advance ratio and a decrease in the
thrust coefficient are obtained. Small differences between the
wake models are seen with the exception of the low advance
ratios. In this case, a reduction of the force coefficients is
observed with wake alignment models for low advance ratios.
These differences are related to the difficulty in obtaining
converged and smooth aligned wake surfaces when large
induced velocities are present. In general, a fair-to-good
agreement is seen between the numerical predictions and
the experimental data. The reasons for the underprediction
of the force coefficients at low advance ratios are probably
the limitations of the wake alignment model and the flow
separation from the propeller blades, which is modelled by
a simple suppression of the suction force.

Figure 6 presents the panel arrangement including the
aligned wake for the advance ratio J = 0.5. To control
the convergence and smoothness of the wake grid, the tip
vortex roll-up phenomenon is not modelled with the present
alignment method. Figure 7 shows the blade circulation
obtained from the wake dipole strength and the chordwise
pressure distribution at the radial section r/R = 0.95. Similar
circulation and pressure distributions are obtained between
all wake models. Please note that large suction peaks near the
blade leading edge are obtained in the inviscid flow solution,
which are physically not realistic.

4.3. Ka4-70 inside Duct 19Am. Secondly, the effect of the gap
and the wake alignment models are investigated for propeller
Ka4-70 inside duct 19Am. Calculations are presented for the
rigid wake model and for the wake alignment model without
and with correction of the axial velocity due to the duct
boundary layer. The thickness of the duct boundary layer δ/R
is roughly assumed to be 4%, corresponding to h/δ = 0.21.
A power law velocity profile with n = 7 is also assumed. The
boundary layer thickness is a critical parameter and, since
there is yet no information on suitable values to be used in
this model, a sensitivity study is presented at the end of this
section.

Figure 8 shows the comparison of the predicted thrust
and torque coefficients with experimental data from the
open-water tests. A section viscous drag coefficient of 0.007
was used for all computations for the propeller. Lacking any
adequate method to estimate the duct viscous drag under

the influence of a propeller, no viscous drag correction to
the duct thrust has been applied in the present comparison.
The differences between the closed and transpiration gap
models are very small in this case. The comparison with the
experiments shows that the numerical results obtained with
the rigid wake model and wake alignment model without
duct boundary layer correction over-predict the propeller
thrust and torque coefficients. By applying the axial velocity
correction at the tip in the wake alignment model, a significa-
tive reduction of the propeller thrust and torque coefficients
is observed. A good agreement with the measurements may
be achieved. The duct thrust coefficient agrees well with the
measurements for low advance coefficients. The correction
for the duct boundary layer results in an increase of the
duct thrust. However, for high advance ratios, all models
over-predict the duct thrust, which is probably due to the
occurrence of flow separation on the outer side of the duct,
and it is not modelled in the present method. The differences
between the measured and the predicted ducted propeller
efficiencies are around 6% for the advance ratios lower than
J = 0.6.

Figure 9 presents the panel arrangement including the
aligned wake with the duct boundary layer correction. A
strong reduction of the blade wake pitch is seen at the tip. The
pitch angle of the blade wake at the axial positions x/R = 0.5
and x/R = 2.0 is illustrated in Figure 10. The correction in
the axial velocity due to the duct boundary layer introduces
a large reduction of the vortex pitch at the blade wake tip,
which is responsible for the significant decrease of propeller
thrust and torque and increase of duct thrust.

Figure 11 presents the circulation distributions on the
propeller blade and duct. The duct circulation is shown
as function of the angular position between two consec-
utive blade wakes at the duct trailing edge. The pressure
distributions are shown in Figures 12 and 13 for the gap
model with transpiration velocity and closed gap model,
respectively. The pressure distributions are shown as func-
tion of the chordwise position s/c, where s is defined along
the cylindrical section chord for the propeller blade and
as the axial distance along the meridional duct section,
from the leading edge to the trailing edge. In the closed
gap model, the blade circulation at the tip is equal to the
duct circulation discontinuity. Note that a finite circulation
at the blade tip is also obtained in the gap model with
transpiration velocity. Similar results are obtained with the
two gap models. Small differences are seen in the blade tip
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Figure 12: Blade chordwise pressure distribution at r/R = 0.95 (a).
Duct chordwise pressure distribution at θ = 0 degrees (b). Influence
of wake model. Ka4-70 inside duct 19Am at J = 0.5. Gap model
with transpiration velocity.

0 0.05 0.1

0

0.5

1

−0.5

r/R = 0.95

0 0.2 0.4 0.6 0.8 1

0

0.5

1

−C
p

−0.5

s/c

−1

Closes gap mode—rigid wake model

Closed gap model—wake alignment 
model (WAM)
Closed gap model—WAM with duct 
boundary layer correction

(a)

0 0.2 0.4 0.6 0.8 1

0

0.1

0.2

0.3

−0.1

θ = 0◦

−C
p

s/c

Closed gap model—rigid wake model

Closed gap model—wake alignment 
model (WAM)
Closed gap model —WAM with duct 
boundary layer correction

(b)

Figure 13: Blade chordwise pressure distribution at r/R = 0.95 (a).
Duct chordwise pressure distribution at θ = 0 degrees (b). Influence
of wake model. Ka4-70 inside duct 19Am at J = 0.5. Closed gap
model.
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and duct circulations. In the closed gap model, the flow is
not allowed to pass through the gap and increases the blade
tip and duct circulations. For the pressure distributions and
propeller forces, similar results are obtained between the
two gap models. From the comparison between the wake
models, a decrease in the blade circulation is obtained with
the wake alignment model, which has the opposite effect on
the duct circulation. Although the correction due to the duct
boundary layer affects only the blade wake geometry near
the tip, a very strong influence on the propeller and duct
circulation distributions is obtained. For the blade pressure
distribution, no suction peak is seen in the wake alignment
model with duct boundary layer correction, indicating a
different incidence angle to the blade section. The differences
in the duct pressure distributions on the duct inner side in
front of the propeller explain the differences in duct thrust.

A sensitivity study for the influence of the duct boundary
layer thickness on the predicted thrust and torque coefficients
has been performed using the transpiration gap model.
The relative differences between the numerical results and
the experimental open-water thrust and torque values are
presented in Table 1 for various values of the duct boundary
layer thickness. It is observed that the influence is very
significant and that an increase in boundary layer thickness
always leads to a reduction of propeller thrust and torque.

5. Conclusions

A low-order Panel Method has been used to predict the
thrust and torque of propeller Ka4-70 without and inside a
modified duct 19A in open-water conditions. Calculations
were carried out with a rigid wake model and an iterative
wake alignment model for the blade wake pitch. For the
open propeller, a fair-to-good agreement is seen between
the numerical predictions and the experiments for all wake
models. For the ducted propeller, the loading predictions
of the duct propeller system were found to be critically
dependent on the blade wake pitch, especially at the tip. A
model to incorporate the influence of the duct boundary
layer on the pitch of tip vorticity was found necessary to
correctly predict the open-water characteristics of the ducted
propeller. This mechanism was not studied before using
panel methods but seems plausible from the physical point
of view. The quantitative aspects of this mechanism will be
investigated in more detail by comparing the results of the
present panel method with RANS simulations.
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